Technische Universitdt Darmstadt TECHNISCHE
Fachbereich Elektro- und Informationstechnik UNIVERSITAT
Institut fiir Elektrische Energiewandlung DARMSTADT
Direct Drive Wind Generators
with Superconducting Excitation
in the Multi-MW Class
Zur Erlangung des akademischen Grades
Doktor-Ingenieur (Dr.-Ing.)
genehmigte Dissertation
von
Robin Koster, M.Sc., M.Sc., M.Sc.
Referent: Univ.-Prof. Dr.-Ing. habil. Dr. h.c. Andreas Binder
Korreferentin: Univ.-Prof. Dr. rer. nat. Tabea Arndt
Tag der Einreichung: 27.06.2023
Tag der miindlichen Priifung: 16.10.2023

D17
Darmstadt 2023






Koster, Robin:

Direct Drive Wind Generators with Superconducting Excitation in the Multi-MW Class
Darmstadt, Technische Universitit Darmstadt

Jahr der Veroffentlichung der Dissertation auf TUprints: 2023

URN: urn:nbn:de:tuda-tuprints-247287

URI: https://tuprints.ulb.tu-darmstadt.de/id/eprint/24728

Tag der miindlichen Priifung: 16.10.2023

Veroftentlicht unter CC BY-SA 4.0 International

https://creativecommons.org/licenses/




Erklarungen laut Promotionsordnung

§ 8 Abs. 1 lit. ¢ PromO

Ich versichere hiermit, dass die elektronische Version meiner Disseration mit der

schriftlichen Version iibereinstimmt.
§ 8 Abs. 1 lit. d PromO

Ich versichere hiermit, dass zu einem vorherigen Zeitpunkt noch keine Promotion versucht

wurde.
§9 Abs. 1

Ich versichere hiermit, dass die vorliegende Dissertation selbststindig und nur unter Ver-

wendung der angegebenen Quellen verfasst wurde.
§ 9 Abs. 2

Die Arbeit hat bisher noch nicht zu Priifungszwecken gedient.

Robin Koster Darmstadt, den 27.06.2023

ii



Vorwort -

Die vorliegende Arbeit ist im Rahmen meiner Tétigkeit als wissenschaftlicher Mitarbeiter
am Institut fiir Elektrische Energiewandlung an der Technischen Universitit Darmstadt
in den Jahren 2019 bis 2023 entstanden. Im Folgenden mochte ich mich bei allen be-
danken, die mein Promotionsvorhaben in dieser Zeit unterstiitzt und schlielich zu dessen

Gelingen beigetragen haben.

Meinem Doktorvater, Univ.-Prof. Dr.-Ing. habil. Dr. h.c. Andreas Binder, mochte ich
herzlich dafiir danken, dass er mir - seinen breit geficherten Interessen entsprechend -
ermoglicht hat, eine Doktorarbeit an der Schnittstelle von elektrischer Energietechnik
und Physik zu verfassen. Diese Arbeit wurde moglich, weil er mir frithzeitig zugetraut
hat, mir auch ohne unmittelbare Vorgéngerprojekte am Institut ein neues Wissenschafts-
feld zu erschlieBen, und er mir zugleich viel Freiraum fiir die Entfaltung eigener Ideen
lieB. Nicht selbstverstindlich und gleichzeitig sehr wichtig fiir das Gelingen des Pro-
motionsvorhabens war, dass mein Doktorvater fortlaufend und auch kurzfristig fiir einen
Austausch zur Verfiigung stand. Dariiber hinaus mochte ich ihm fiir die Unterstiitzung
beim Abfassen von wissenschaftlichen Verdffentlichungen und fiir deren kritische Durch-

sicht danken.

Herzlich danken méchte ich Frau Univ.-Prof. Dr. rer. nat. Tabea Arndt fiir die Ubernahme
des Korreferats. Der Austausch mit ihr und mit dem Institut fiir Technische Physik am KIT
wihrend meiner Tétigkeit als wissenschaftlicher Mitarbeiter und die hieraus hervorgegan-
genen Impulse, auch ausgehend von Herrn Univ.-Prof. Dr.-Ing. Mathias Noe, waren eine
grof3e Bereicherung, haben mich in der Wahl des Forschungsthemas bestéirkt und haben
bei der Eingrenzung der Forschungsfragen sehr geholfen. Wichtige Anregungen in Hin-
blick auf industrielle Anwendbar- und Verwertbarkeit habe ich zudem Dr. Andreas Jockel
und Dr. Roland Zeichfiif}l von der Flender GmbH zu verdanken. Fiir die finanzielle Unter-
stiitzung mochte ich der Stiftung Energieforschung Baden-Wiirttemberg danken, die das
Forschungsvorhaben unter der Projektnummer A 337 19 gefordert hat. Mein Dank gilt
zudem Univ.-Prof. Dr.-Ing. Yves Burkhardt fiir den wertvollen Rat und die Unterstiitzung

in der Schlussphase der Promotion.

An der fachlich und personlich bereichernden Zeit am Institut fiir Elektrische En-

ergiewandlung hatte der Austausch mit meinen Kollegen einen sehr wesentlichen Anteil.

iii



Im Einzelnen mochte ich mich bei Nicolas Erd bedanken, der mich im Rahmen meiner
Masterarbeit nachhaltig fiir elektrische Maschinen im Allgemeinen und Gro3generatoren
im Speziellen begeistert hat. Dr. Bjorn Deusinger bin ich dankbar fiir seine unaufgeregte
Hilfe bei so vielen Dingen im Institutsalltag. Der Austausch mit meinen Kollegen Dr:
Daniel Dietz, Alexander Méller, Laurenz Ziegler, Maximilian Clauer, Dr. Sascha Neusiis,
Dr. Martin Weicker, Omid Safdarzadeh und Dr. Xing Li war wesentlich fiir meine
fachliche Weiterentwicklung wihrend der Promotion. Hierfiir bin ich ebenso dankbar
wie fiir das durchweg freundschaftliche, wertschétzende Miteinander, das mich auch mit
den technischen und administrativen Mitarbeitern Klaus Giitlich, Andreas Fehringer und
Sabine Waldhaus verbindet. Sehr dankbar bin ich zudem Prof. Dr. techn. habil. Georg
Traxler-Samek fiir seinen wiederholten, freundschaftlichen und fachlichen Rat in den let-

zten Jahren.

Allen Studierenden, die ihre Abschlussarbeit unter meiner Betreuung verfasst haben,
danke ich fiir die tatkriftige Unterstiitzung. Im Einzelnen sind dies: Steffen Koch, Julian
Bergmann, Daniel Leifiner, Aida Wirth, Linus Diessner, Tim Foifiner, Benno Sommer,
Dominik Fabrig und Sven Schumm. Der intensive Austausch hat zu einer fortwiahrenden

Reflexion des Dissertationsthemas beigetragen und war Grundlage vieler Ideen.

SchlieBlich bin ich meinen Eltern, Patricia und Tilmann, sehr dankbar fiir den Riick-
halt, die immerwéhrende Bestdrkung und die vielfiltige Forderung, die maf3geblich dazu
beigetragen hat, dass ich meine bisherigen Ziele erreicht habe. Sebastian, Kersti, Dirk,
Lieselotte, Ekkehard, Magda und Jiirgen danke ich fiir das andauernde Interesse und die
Anteilnahme an meinem Promotionsprojekt. Meinem Bruder Marco bin ich dankbar fiir
die tiefe Verbundenheit und die klugen Gespriache, die mich durch die Promotionszeit ge-
tragen haben. Von Herzen danke ich meiner Verlobten Fiona, die mich auf dem gemein-
samen Weg uneingeschrinkt unterstiitzt hat und damit den Freiraum fiir die intensive Ar-
beit schuf, deren Ergebnis die vorliegende Dissertationsschrift ist. Ohne ihre Geduld und
ihr Versténdnis fiir wenig gemeinsame Zeit und so manche Einschrinkung wire mein

Promotionsprojekt in dieser Form nicht moglich gewesen.

iv



Kurzfassung -

Gegenstand der vorliegenden Dissertation ist die Potentialanalyse supraleitender Wick-
lungen fiir den Einsatz in getriebelosen Windgeneratoren. Derzeit eingesetzte Syn-
chrongeneratoren werden iiberwiegend mit Seltenen-Erden-Permanentmagneten erregt.
Der allgemein hohe und volatile Preis der Seltenen-Erden-Metalle einerseits und die
Markt-dominanz der Volksrepublik China andererseits veranlassen fiihrende Hersteller
von Windkraftanlagen derzeit, nach Technologiealternativen zu suchen. Fiir Genera-
toren mit Nennleistung von Z SMW kann die Supraleiter-Technologie neben einer Re-
duktion der Rohstoffabhingigkeit Vorteile in Hinblick auf eine reduzierte Aktivmasse,

einen gesteigerten Wirkungsgrad und eine gesteigerte Generatorleistung ermoglichen.

Im Rahmen der vorliegenden Arbeit werden direktangetriebene, dreiphasige, umrichterge-
speiste, supraleitende Generatoren untersucht. Auf eine analytische und feldnumerische
Modellbildung sowie eine thermische Modellierung fiir dieses Generatorkonzept folgt der
Vergleich verschiedener Generatortopologien (Drehstrom-Wicklung in Nuten in Kombi-
nation mit (i) ferromagnetischem Rotor, (ii) nicht-magnetischen Rotorpolen, (iii) nicht-
magnetischem Rotor sowie (iv) eine Luftspaltwicklung in Kombination mit einem fer-
romagnetischen Rotor) und ein Vergleich verschiedener Supraleiter (Hochtemperatur-
supraleiter der 2. Generation mit/ohne kiinstliche Haftzentren sowie MgB5) hinsichtlich
ihrer Eignung fiir den Einsatz in Windgeneratoren. Im Rahmen von Parameterstudien
und multikriteriellen, numerischen Optimierungen werden exemplarisch Generatoren fiir
die verschiedenen Topologien (i) - (iv) ausgelegt. Zu Vergleichszwecken erfolgt analog
eine Auslegung von getriebelosen, permanentmagneterregten Windgeneratoren, weil de-
taillierte Parameterstudien zu industriell gefertigten, permanentmagneterregten Genera-

toren nicht verfiigbar sind.

Die Untersuchung der ein-, zwei- und dreiphasigen Klemmenkurzschliisse und des Be-
triebs bei teilweiser Statorspeisung sowie die Verluste im Kaltteil zeigen keine grund-
sdtzlichen Schwierigkeiten, die der Kommerzialisierung der Supraleiter-Technologie bei
Windgeneratoren entgegenstehen konnten. Es wird gezeigt, dass derzeit erhiltliche
MgB,-Leiter unter technischen und konomischen Gesichtspunkten schlechter fiir den
Einsatz in supraleitenden Feldwicklungen geeignet sind, als Hochtemperatursupraleiter

der zweiten Generation (GdABCO, EuBCO). Die zwangsldufig niedrigere Betriebstemper-




atur und der deutlich niedrigere kritische Strom im Magnetfeld kénnen nicht durch die
deutlich niedrigeren Kosten von MgB,-Leitern aufgewogen werden. Fiir Generatoren mit
Hochtemperatur-Supraleiter-Feldwicklung werden die niedrigsten Investitionskosten (Ak-
tivteile des Generators, Umrichter, kroygenes Kiihlsystem) erreicht, wenn die normallei-
tende Statorwicklung in Nuten liegt und Rotor-Polkerne sowie das Rotorjoch ferromag-
netisch sind. Mit dieser Topologie kann die gravimetrische Leistungsdichte um ~ 33 %
gegeniiber permanentmagneterregten Generatoren gesteigert werden. Gegeniiber perma-
nentmagneterregten Generatoren ermdglicht die supraleitende Feldwicklung zudem eine
Steigerung des Leistungsfaktors in Hohe von ~ +0.2 auf | cos @gn| Z 0.97. Fiir getriebe-
lose, teil-supraleitende Generatoren wird basierend auf einer numerischen Optimierung
gezeigt, dass jedoch eine Preisreduktion fiir Hochtemperatursupraleiter auf etwa 1/3 des

derzeitigen Werts erforderlich ist, um die Wettbewerbsfihigkeit herzustellen.

Abstract - The main objective of this thesis is the evaluation of superconducting wind-
ings for the use in large-power direct drive wind generators. State-of-the-art synchronous
wind generators feature rare-earth permanent magnets for the rotor field excitation. Cur-
rently, the investigation of alternative excitation technologies is triggered by the generally
high and volatile price of rare-earth elements and the market dominance of the People’s
Republic of China. When economically competitive, superconducting windings offer the
potentials of reduced generator active mass, higher efficiency and simplified up-scaling of
the generator power. The effort for the cryogenic cooling generally limits the application

of the superconductor technology to rated powers larger than Z 5 MW.

In this thesis, direct drive generators with superconducting field winding and normal con-
ducting three-phase AC stator winding are considered. Analytical and field-numerical,
electromagnetic models for this generator type are developed and complemented by a
thermal model. Different magnetic generator topologies, i.e. a three-phase AC winding
in slots in combination with (i) a ferromagnetic rotor, (ii) non-magnetic rotor poles, (iii)
a non-magnetic rotor as well as (iv) a three-phase AC air gap winding with ferromagnetic
rotor, and different superconductors, i.e. second generation high-temperature supercon-
ductors with/ without artificial pinning and MgB,, are compared. Exemplary designs for
direct drive generators with superconducting excitation are derived based on parameter
studies and multi-objective, numerical optimizations. For comparison, permanent magnet
synchronous generators for gearless drive trains are analysed, since no detailed parame-

ter studies on commercially available permanent magnet excited generators are publicly
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available.

The theoretical investigation of the operating behaviour under single-, two- and three-
phase short circuits and under partial stator feeding as well as the calculated loss in the
cryogenic section reveal no deal-breaker, which could hamper the commercialization of
superconducting generators. Regarding the use in field windings, MgB; conductors are
technically and economically inferior to high-temperature superconductor tapes of the
second generation (GdBCO, EuBCO). The much lower conductor cost of MgB, wires
is overcompensated by the necessarily lower operating temperature and the much lower
in-field critical current. For high-temperature superconducting excited generators, the all-
iron topology, i.e. with a stator copper winding in slots and ferromagnetic rotor poles
and yoke, yields the lowest overall component costs (generator active parts, converter
and cryogenic cooling system). An increase in gravimetric power density by ~ 33%
compared to permanent magnet excited generators can be achieved with this topology.
The superconducting field winding allows rated power factors of |cos | £ 0.97, which
is by ~ 0.2 higher compared to typical gearless permanent magnet excited generators.
However, a price reduction of the high-temperature superconductor to about 1/3 of the
current value is required in order to achieve economical competitiveness with respect to
the PM excitation.
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specific price

Prandtl number

number of slots, heat, loss per cycle (hysteresis, subscript: h),
full-load hours (annual)

heat flow

number of slots per basic winding scheme

no. of slots per pole per phase, loss density per cycle (hysteresis)
resistance, strength (yield, tensile)

complex-valued solution functions in analytical multi-layer models
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position

radius, per unit resistance

Re Reynolds number

S Poynting vector

S apparent power, spin, surface

s slip, shift of rotor pole

T absolute temperature, time period

T current vector potential

t time, hopping integral

f tangential unit vector

U voltage (effective), z-component of magnetic vector potential

u voltage (time dependent), per unit voltage, no. of full converters in
parallel, probability

v velocity, probability

w coil span

w, W, window function, spectrum

w width

X reactance

X per unit reactance

X, V2 Cartesian coordinates

V4 impedance

Z incidence matrix

Subscripts and Superscripts

0 no-load, zero-sequence, zero external field, prescribed
1 fundamental

A, B, C, phases of six-phase stator winding

D,E,F

act (electromagnetically) active parts

ax axial

B reference (German: Bezug), boiling

B6,B12 quantities for generator operation with rectifier bridge
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compr
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cond
cp
cryo

cw

d,q
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Ft
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geom
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copper
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current lead
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coupling
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cryogenic (cooling system)
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dissipated, distribution
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damper (screen)
demagnetization

drive train

electromagnetic, engineering
electric

effective

excitation

Fermi

iron

Foucault
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friction & windage
Ginzburg-Landau

generator
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rad
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si, so
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syn
Sp
sup
surr

N

induced, equivalent (iron length)
inter-pole
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(sudden) short circuit
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magnetic

main insulation

mechanical
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rated
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lower

pole (core), pitch, penetration
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SW slot wedge

T single conductor (German: Teilleiter)

t tooth, total, tape, tangential, transport (current)

th thermal

U, V,W phases of three-phase stator winding
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w winding
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1) air gap

n efficiency related
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1. Introduction and Fundamentals

This thesis is organized in eight chapters. Chapter 1 introduces the topic and summarizes
underlying fundamentals in the fields of wind power and superconductivity. Chapter 2
contains descriptions and derivations of applied models and has a methodological scope.
The results of design studies on direct drive PM generators for benchmarking are the con-
tent of chapter 3. Chapter 4 is on general properties of partially superconducting direct
drive generators with main focus on design considerations. The numerical optimization of
HTS excited direct drive wind generators is covered by chapter 5. The following chapter 6
contains the analyses of the operation with partially fed stator winding and the dynamic
operating characteristics after short circuit faults. Chapter 7 gives an overview of alter-
native superconducting generator concepts and defines the scope of potential future work.

The results are summarized in chapter 8.

Supplementary information, which this thesis builds on, is documented in technical reports
[014, O15] for the sake of brevity. These reports are available upon request at the Institute
of Electrical Energy Conversion, Technical University Darmstadt. Owing to the large set
of considered generator variants, Tab. A.4 in App. A.10 gives an overview of the generator

design characteristics, sorted by section.

The transformation towards a resource-efficient world economy with greatly reduced
greenhouse gas emissions is the major challenge faced today. This objective manifests
in various national and international political agendas. The European Green Deal is a
prominent example for such ambitious strategies, according to which the European Union
intends to be the first climate-neutral continent by 2050 [60]. The German Federal Climate
Change Act even goes beyond this target by striving for a 65 % reduction of greenhouse
gas emissions by 2030 compared to 1990 and for climate neutrality by 2045 [74]. With
the Inflation Reduction Act of 2022 [170], the United States, which are responsible for the
second largest greenhouse gas emissions after the PR of China [173], also underlined the

global demand for climate change mitigation measures.




Current State and Development Pathway of the Wind Energy Sector

The timely achievement of the envisaged reduction of emissions requires far-reaching
transitions, mainly in the transportation and energy sectors. Together with sector coupling
and new energy storage concepts, e.g. by means of hydrogen, an unprecedented expansion
of renewable energy sources is vital for a realistic chance to limit the global warming to
1.5°C (Paris agreement [212]). The need for a much larger installed capacity of renewable
sources is aggravated by the ever increasing global electrical energy demand [86], which
is driven by both the global population growth and energy-intensive technological devel-
opments. Since today’s share of renewables in the global electrical energy production is
only slightly less than 30 % ([89], including hydro power), fossil energy sources must be
replaced on a large scale in the next years. Among renewable sources, wind power fea-
tures the second largest share (=~ 23 % in 2021 globally [88]) behind hydro-power (> 52 %
in 2021 globally [88]), for which further expansion is limited by the lack of suitable instal-
lation sites. The increase of wind power’s installed capacity to many times of its current

level is therefore an essential pillar of a successful climate change strategy.

The global, combined installed capacity of onshore and offshore wind power reached
about 900 GW in 2022 [90]. In this regard, the PR of China is in the lead with about
365 GW installed capacity, followed by the European Union with 190 GW and the United
States with 141 GW [92]. The global, newly installed capacity of 75 GW in 2022 fell short
of the all time high of 94 GW in the preceding year 2021 [92]. To date, offshore wind parks
account for only 6.4 % (= 58 GW [229]) of the total capacity, while providing substantial
potential for up-scaling to more than one GW per wind farm. The Net Zero by 2050
pathway, which has been developed by the International Energy Agency (IEA), requires
a total installed wind power capacity of about 3100 GW by 2030 [87], which implies a
newly installed capacity of 275 GW per year from now. Based on average powers of
newly installed wind turbines in Europe in 2019, 3.1 MW onshore and 7.2 MW offshore
[225], the globally required number of newly installed turbines per year must be in the
order of 50000 units. To date, the largest production capacities of wind turbines exist in
the PR of China (58 %), followed by the European Union (18.5 %) and the United States
(10 %) [77].

In Germany, wind power had the overall largest share in the total electricity production in
2022 [68]. This was achieved with an installed onshore capacity of 58 GW and an offshore
capacity of about 8 GW by the end of 2022 [68]. The national wind power strategy targets




an installed onshore capacity of 115 GW by 2030 and an even stronger relative expansion
of offshore wind to 30 GW in the same time period [75].

Onshore and Offshore Wind Power

All scenarios have in common that both on- and offshore wind power are considered.
Compared to onshore wind turbines, offshore installations differ regarding the following

aspects:

@® More continuous and stronger winds at sea imply a higher number of full load
hours compared to onshore sites, e.g. [79]. Therefore, more energy is harvested per
installed capacity.

@ There are less restrictions regarding the installation site with less lengthy approval
procedures.

@ Lower hub heights suffice to reach suitable wind conditions for wind energy pro-
duction due to a lower wind shear at offshore sites [195].

@ Scalability to larger powers is a major requirement for offshore wind turbine sys-
tems, while the maximum turbine size for onshore installations is limited for several
reasons, e.g. public acceptance and local nature conservation.

© The worse accessibility of offshore wind turbines increases the importance of low
maintenance solutions with low system complexity [81].

© The installation effort is significantly higher offshore and results in a larger cost
share of transport and on-site assembly. In case of the generator for offshore instal-
lations, the ratio between the cost for infrastructure and transport and the cost for
the generator itself is about 50:50 [81]. In contrast, onshore projects exhibit a cost
allocation with a ratio transportation / infrastructure:generator of about 20:80 [81].

© The overall CAPEX per installed capacity is by a factor of 2 ... 3 higher for offshore
wind turbines [226].

© A higher number of energy conversion stages is required for offshore wind farms
that are located at larger distances from the coast [187], Fig. 1.7. This involves ad-
ditional transmission losses and a substantial cost overhead for the grid connection

equipment.

The high CAPEX for the infrastructure results in a strong demand for higher turbine pow-
ers, which is reflected by the evolution of newly introduced wind turbine models from

leading manufacturers, Fig. 1.1. The increase in turbine power by a factor of 2 in the




last decade is accompanied by a significant increase in turbine rotor diameters beyond
200 m. While the average nameplate capacity of installed offshore turbines in the North
and Baltic Sea is currently about 5 MW, offshore wind turbines with a rated capacity of
15 MW are expected to enter the commercialization stage by 2025 [81]. A linear extrap-
olation of the trend predicts capacities of 20 MW by 2030 at turbine rotor diameters of
more than 250 m. This trend is less pronounced for onshore wind turbines, Fig. 1.2, even
though an increase in the maximum power up to about 7MW also manifests. However,
the pressure to achieve a larger power per unit is higher in the offshore market, since the
cost of the turbine accounts only for one third to one half of the total cost [81]. The share
moreover decreases rapidly with distance to coast and increasing water depth. Wind tur-
bine concepts, which help to reduce the grid connection complexity and enable a cheaper
foundation and tower construction, can be most cost-effective, even if the turbine itself is

more expensive.
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Figure 1.1.: a) Rated wind turbine capacity of newly introduced offshore wind turbines by
year. The black lines represent linear fits as guide for the eye. b) Turbine rotor diameter
versus rated wind turbine capacity for the same set of offshore wind turbines. The black
line features the proportionality d ~ /Px. The data is collected from [13], manufacturers’
websites and product brochures.




1.1. Wind Generator Systems

O Vestas O GE Renewable Energy < Enercon
x Siemens Gamesa vy Nordexr SE

1 10 1200
b) 4

g s g 150 3
= - V.
z T &
< o6 5 &% 4«
= g
3 g 100
%- 4 ° <

=]
£ g 50
g 2 p
3 Z
20 2 0
£ 2000 2010 2020 2030 0 5 10

year of first installation ~— — wind turbine capacity Px /MW~ —

Figure 1.2.: As Fig. 1.1, but for onshore wind turbines. Less clearly pronounced trends are
attributed to a larger variety of wind conditions at onshore installation sites. Both strong
wind and weak wind turbines are included. The data is collected from [13], manufacturers’
websites and product brochures.

1.1. Wind Generator Systems

The intended increase in global wind power capacity translates to the following main

challenges for wind generator systems:

1. Availability of critical resources: Besides concrete and steel for the tower and foun-
dation, costly raw materials can represent a bottleneck for a further up-scaling
of production. High energy density magnets contain about 30 % of the ,rare-
earth® metal neodymium [73] and are used in permanent magnet (PM) synchronous
wind generators, but also in electric motors of electric vehicles. However, the re-
quired quantities differ by orders of magnitude since a typical traction motor for
e-cars contains a few kilograms of NdFeB, whereas PM wind generators require
102...5-103kg of NdFeB magnets depending on generator type and power. The
global demand for neodymium is predicted to increase by at least a factor of 5
until 2030 due to the simultaneous expansion of renewable energy sources and e-

mobility [91]. This competition together with the dominance of the PR of China as
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supplier of neodymium (> 85 % of global production [214]) leads to a substantial
resource risk, faced by the wind energy sector.

2. Cost reduction: The expansion of wind power can only occur within the limits of
economical feasibility. In this regard, wind power competes with other renewable
sources. Highly volatile raw material prices of key resources, Fig. 1.3, intensify
cost oriented improvements of existing generator systems, e.g. by means of in-
creased modularity, cheaper manufacturing and optimized usage of critical materi-
als. The large fluctuations of the neodymium price in the last years triggered new
and intensified ongoing development and research activities towards rare-earth free
alternatives. A cost reduction can indirectly be achieved by a lightweight generator
design, reducing the nacelle’s head mass to get a cheaper tower and foundation,
and by improved generators, which allow for a reduced converter rating and a less
complex grid connection.

3. Increase in power and torque density: The scaling of generator systems to power
ratings above 15...20MW for offshore wind turbines is hampered for practical
reasons that relate to the generator size and mass. The transportation on wheels
of generators with diameters exceeding 5 m is commonly not possible [183], such
that modules are manufactured separately with subsequent costly on-site assembly.
High lifting capacities during installation moreover strongly increase the associated
cost. Reaching highest power levels therefore requires an increase of power and
torque density, where values in the order of 200Nm/kg are considered in wind
industry as realistic targets in the medium-term [81].

4. Efficiency improvements: The overall objective of developments consists in the re-
duction of the levelized cost of electricity (LCoE), which can be significantly re-
duced over a wind turbine’s lifespan of typically 20...25 years by even small re-
ductions of the generator’s loss power [136]. To some extent, larger efficiencies
outweigh increased investment costs.

5. Improvement of robustness and reliability: Fault induced idle time of wind turbines
causes considerable opportunity costs. Robust and low maintenance drive trains are
therefore vital for a low LCoE [124]. This applies particularly to offshore installa-
tions, where faults often result in long times of inactivity. Gears with high-speed
stage and full converters for the grid connection are particularly prone to faults
[144, 63]. Future wind generator technologies are required to maintain at least the

reliability level of current solutions.
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Figure 1.3.: Historical price development of neodymium (left) and copper (right) as key
resources used in today’s wind generator systems. Data source: [44]

State of the Art Wind Turbine Drive Trains

The use of superconducting windings is the proposed approach in this thesis to meet these
challenges. Before the potentials of superconductivity for generators are discussed in de-
tail in Sec. 1.3, the state-of-the art of wind turbine drive train technologies is summarized.
Three main synchronous and induction generator types have been established for speed

variable operation at larger power ratings P > 1.5MW:
Fully geared drive trains with direct grid connection

Geared drive trains with doubly-fed induction generators (DFIG) allow for a speed vari-
able operation, while the generator is directly connected to the grid via a generator trans-
former, Fig. 1.4. The induction generator features typically pole counts of 2p =4 or
6, while the speed of n = 1000...1800rpm requires a high-speed gear stage [177]. The
wound rotor is fed via brushes and three slip rings with a three phase current system of slip
frequency f; = s- fs. Both the brushes and the rotor side converter are rated for 20...30%

of the generator’s nominal power [171] due to a limited speed variation.
Advantages of DFIG-based drive trains are:

@ The smaller rating of the converter reduces the cost and yields a higher reliability

compared to fully-rated converters. The higher reliability of the power electronics
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partially outweighs the higher failure rate of the gearbox.

@ The high speed n = 1000...1800rpm yields compact, lightweight generators. The
reduced mass is only partially counteracted by the mass of the three-stage gear.

@ No costly permanent magnets are used, eliminating the resource risk and resulting

in a comparably cheap generator.
n~1000...1800rpm

A
nzSJ\Ierm | | DFIG (2p =4 or 6)
forP>2...8 MW
rotor-side | =
converter ~ |3ph
2- or 3-stage
gearbox

main Taft [~ 100

main shaft
bearing

stator-side grid connection
— Un =690...6600V,
/n=50Hz or 60Hz

/
high-speed  high-speed
gear stage  generator shaft

Figure 1.4.: Schematic of a fully geared wind turbine drive train with a grid-connected
doubly-fed induction generator (DFIG).

Major disadvantages are:

© The maintenance effort and the failure rate are elevated due to the high-speed gear
stage and the brush contact. The overall failure rate of the drive train is by about
40 % higher than for permanent magnet excited generators [35].

© The brushes inherently cause an increased maintenance effort. Brushless DFIGs,
which were in the focus of several research projects, e.g. the EU funded windrive
project [198], could potentially eliminate this disadvantage.

© The annual power production is lower than for PM generators due to the more re-
stricted speed range.

(© The sensitivity with respect to grid faults requires additional measures, like the

,,crow-bar®, to enhance the grid ride-through capabilities [223].
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In spite of the shortcomings, the geared DFIG drive train is the dominating concept for
onshore wind power. Here, its market share is stable in the order of 50 % in the past years
with no evidence for a decline [34]. In contrast, DFIG are not used for offshore wind

power for reliability and maintenance reasons.
Geared drive trains with full-scale power converters

Fully geared squirrel cage induction generators with fully-rated converter for grid connec-
tion rather represent an alternative for offshore installations with a global market share of
about 17 %. With this approach, the maintenance effort of the brush system is eliminated,
while the generally low power factor implies a rather high converter rating. A higher pole
count and a lower speed are not feasible due to the decreasing power factor. Induction gen-
erators are not suitable for the application of superconducting windings and are therefore

not considered in this thesis.

The medium speed concept features a two- or three-stage gear without high-speed stage
[237]. The much lower rotational speeds of the generator compared to DFIGs or squirrel
cage IGs greatly reduce the gear-related reliability issues, Fig. 1.5. To date, permanent
magnet synchronous generators are the preferred choice for medium speed wind power
applications with compact generator designs. The comparably small generator size fa-
cilitates the transport and the installation and allows for a simple implementation of an

intense stator cooling. A fully-rated converter is used for the grid connection.
Advantages of the medium speed drive train are:

@ The medium speed generator is compact with a strongly reduced amount of NdFeB
magnets compared to the gearless solution [81].

@ The efficiency is high due to higher rotational speeds (compared to the direct drive
concept) and due to low rotor losses (compared to DFIGs and SCIGs).

@ The reliability is increased, as the vulnerable high-speed gear stage is eliminated.
The major challenge of the medium speed concept relates to the converter:

© The PM excitation limits the power factor to |cos ¢| < 0.8 and yields a higher con-
verter rating, i.e. compared to unity power factor by ~ 0.87! = 1.25.

© The fully-rated converter is costly and exhibits higher rates of failure.
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© In spite of the reduced amount of NdFeB magnets, a residual raw-material resource

risk remains.

.12rpm n~400...600rpm
PN

2- or 3-stage parallel operating

. gearbox ' full converters |
main shaft [~50. .80 | :

| | : a B _)W_ -
| I | ~ 3ph
690V |
L =" - = —H— -
main shaft | — 3ph

bearing | @ e

inner rotor medium speed
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2p>20...28, fu ~70...140Hz

Figure 1.5.: Schematic of a medium speed wind turbine drive train. The high-speed gear
stage is eliminated in favour of a higher reliability compared to the fully geared alternative
in Fig. 1.4. Simultaneously, the generator size and mass is reduced by about one order of
magnitude compared to the direct drive alternative in Fig. 1.6. The gear and the generator
may be fully integrated, semi-integrated or modular.

To date, the onshore market share of medium speed drive trains is rather small with 13 %
globally [34]. However, the offshore market share has increased to about 20 % already by
the end of 2018 with predictions, according to which medium speed PMSGs can account

for half of all newly installed offshore wind generators in 2030 [81].

Superconducting, electrically excited medium speed machines have not been considered
in the context of wind power applications so far. The potential analysis of superconducting
windings to overcome the challenges for medium speed drive trains will be part of future

work, while preliminary analyses are discussed in Ch. 7.
Gearless drive trains with full-scale power converter

The gearless and hence direct drive concept features a minimum number of drive train

components in the nacelle and the lowest system complexity. A fully-rated converter is

10
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used for the grid connection of the synchronous generator, Fig. 1.6. Both PM excited gen-
erators and electrically excited gearless generators are in use for wind power conversion.
In case of PMSGs, the power factor is generally lower in order to save costly magnets,
which increases the converter rating. For electrical excitation, the current is commonly
transferred to the rotor via brushes and two slip rings with a rating that is much lower than
for DFIGs. The low rotational speed implies a high torque and a correspondingly large
generator size due to the scaling M ~ d? - L (d: generator rotor diameter, L: generator rotor

axial length).
The main advantages of this drive train concept are:

@ The system complexity is low. The reliability and robustness are high. This drive
train features the lowest maintenance effort.

@ Losses in the gear are eliminated.

@ In case of PM excitation, the rotor losses are very small, compared to the total
losses.

@ The up-scaling to larger turbine power ratings is simple in case of modular manu-

facturing.

Following disadvantages limit the use of gearless drive trains, particularly for onshore

wind power:

(© The generators are very large and heavy with diameters d > 5m for higher power
levels > 7MW. Correspondingly, the cost of transportation and assembly are high.

© In case of PM excitation, direct drive generators require the largest amount of
NdFeB magnets, i.e. > 3t per generator with power rating of P > 5... 7MW [59].

© The nominal efficiency is generally low due to the lower rotational speed and the
dominating ohmic loss in the stator winding [59], caused by the high stator current
loading Ag. The high value of Ag is necessary to achieve the required torque density.
In case of an electrical excitation, the additional excitation loss further reduces the
efficiency. This holds particularly true, if a high power factor close to unity is
required in order to limit the converter rating.

© The fully-rated converter is costly and exhibits higher rates of failure.

Due to the low complexity and the simple up-scaling, direct drive synchronous generators

dominate offshore wind applications, with a global market share of about 54 % for perma-

11
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nent magnet excitation and 7 % for electrically excited generators by the end of 2018 [34].
The gearless concept plays a minor role in the onshore market with global market shares
of only 17 % and 9 % for PMSGs and EESGs, respectively [34].

n~8...12rpm R T EEE .
A ! parallel operating |
' full converters

~ =

690V

main shaft
bearing

outer rotor gearless
synchronous generator,
) ‘ 2p >100...150,

main shaft fNA6...15Hz

Figure 1.6.: Schematic of a gearless wind turbine drive train with a direct drive outer
rotor synchronous generator. The stator winding is fed by fully-rated converters for speed
variable operation.

To date, the electrically excited direct drive synchronous generator is the major wind gen-
erator type that is considered for the application of superconducting windings, Sec. 1.3.
Superconducting field windings are within the scope of this thesis, Ch. 4 - 6, while prelim-

inary analyses of superconducting AC poly-phase stator windings are discussed in Ch. 7.

Besides the currently used wind generators, alternative machine types have been inves-
tigated as potential candidates for superconducting wind generators. DC machines and
synchronous machines with rotating armature (fed by brushes and three slip rings) are
examples for approaches that are motivated by the simpler, stationary cryogenic system
[182, 208]. In these cases, it must be proven in the future that the advantages gained
by superconducting windings overcompensate the shortcomings, for which these machine

types are not used in conventional generators to date.

12



1.1. Wind Generator Systems

Potentials of Superconducting Windings in Wind Generators

Technical superconductors enable a nearly loss free DC current operation and feature re-
duced losses under suitable AC operating conditions, Sec. 1.2. In the context of rotating
electrical machines, mainly superconducting windings are considered, while supercon-
ducting stacks and bulks are also discussed as an alternative to high energy density per-
manent magnets. The very low electrical resistance of conductors in the superconducting
state allows for increased ,,engineering® current densities that are by one to two orders of
magnitude higher than achievable with conventional copper windings. This generally al-
lows to increase the current loadings and/ or the air gap flux densities in rotating electrical

machines.

Regarding the aforementioned challenges of currently used wind turbine drive trains, the
unique properties of superconductors offer following potentials for synchronous wind gen-

erators:

¢ The significantly larger magneto-motive force (MMF) of a superconducting field
winding O can be used to increase the power factor, e.g. to |cos¢s| = 1. This
minimizes the converter rating for both direct drive and medium speed drive trains.
Moreover, the reduced stator current at an increased flux density for a given torque
implies a decrease of the ohmic loss in the stator winding. The latter advantage
typically overcompensates the additional compressor power that is required for the
cryogenic cooling of the superconductor, Ch. 4.

¢ The higher MMF @ allows to eliminate heavy iron parts completely or to reduce
their flux guiding cross sections. This enables more lightweight magnetic topolo-
gies, which would not be feasible with a PM excitation or copper field windings.

* Generators with superconducting field winding profit from the variable excitation
by eliminating the excitation losses. This yields efficiency improvements, particu-
larly at partial load.

* The electromagnetic utilization, as product of stator current loading A and funda-
mental, radial air gap flux density amplitude Bj 1, e.g. measured by Esson’s number

Ce ~ As - Bs 1, can be increased by a factor of two or more. This is achieved by

— an increased rotor field radial amplitude By, which results in a higher air gap
field fundamental amplitude B , and/or

— a higher stator current loading Ag, if wider slots (narrow teeth) or even stator

13
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air gap windings, either normal- or superconducting, are used. This allows
the up-scaling of the wind turbine powers beyond limits, which PM excited
generator experience regarding the feasibility of transports and the tower head

mass.

¢ The use of superconducting AC stator windings is particularly promising for direct

drive generators, where very low stator frequencies allow reduced AC losses. The
high current carrying capacity allows to achieve superior stator current loadings
As. Moreover, the potential for efficiency improvements is large in this case, since
the ohmic loss in the stator winding is by far the dominating loss group for this

generator type.

Besides improvements of existing concepts, superconducting windings can serve as en-

abler for innovative grid connection topologies. A typical offshore grid connection topol-

ogy with medium voltage collection grid and high voltage DC transmission is shown in

Fig. 1.7 [187]. Grid connections for offshore installations near the coast as well as for

onshore wind power are shown in App. A.1. Based on these topologies, superconducting

windings could offer following alternatives:

* The adjustment of the fundamental power factor to |cos ¢s| = 1 allows to replace

the generator side active front end (AFE) of the fully-rated converter with a passive
rectifier, e.g. B6 or B12 diode rectifier bridges in case of 3-phase or 6-phase stator
AC windings. This requires however a unity power factor for constant stator voltage
in the entire turbine speed range, which increases the excitation MMF at low speeds
and hence the required amount of superconductors. It therefore implies a primary

application to medium speed generators, Ch. 7.

A sufficiently dynamic, variable, nearly loss free excitation could enable a connec-
tion of medium speed generators to a DC collector grid. If passive power elec-
tronic devices, such as diode rectifiers, replace the active front end, which typi-
cally employs IGBTs, a higher voltage level is feasible. If the stator terminals are
directly connected to the generator transformer with subsequent rectification, the
transformer operates at elevated frequency in the order of 100 Hz, Fig. 1.5. The
doubled frequency compared to generator transformers feeding into conventional
collector AC grids would yield a reduction of the transformer mass by about 1/2.
This size reduction would greatly simplify the installation in the nacelle or tower

and, if installed in the nacelle, reduces the tower head mass.

14
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1.2. Superconductivity: Fundamentals and Applications in
Power Engineering

Discovery and First Phenomenological Description

The existence of a superconducting phase is known for more than 100 years since its dis-
covery for mercury by H. K. Onnes in 1911 [165]. Superconductivity was first discovered
for several chemical elements, before also alloys and ceramics were shown to posses su-
perconducting phases [184]. The superconducting Meissner phase is characterized by two

physical properties:

1. The electrical resistance of the material drops abruptly to a not measurable value
(,,zero* resistance) below a material dependent critical temperature 7¢ [10].

2. An external magnetic field is completely expelled from the interior of the supercon-
ducting sample. This is known as Meissner-Ochsenfeld eftect, which was discov-
ered in 1933 by W. Meissner and R. Ochsenfeld [150]. The superconducting phase
persists up to a material dependent critical magnetic field, above which an abrupt

transition to the normal conducting phase occurs.

An early phenomenological model of superconductivity has been proposed by F. and H.
London in 1935. It comprises the London equations (1.1), (1.2) [143]. The first London
equation can be derived from Drude’s electronic equation of motion for infinite mean time
between particle collisions T — oo, which reflects the zero resistance nature of supercon-
ductors. The second London equation is a direct consequence of Faraday’s law, where J,
is the superconductor current density, s is the volumetric charge carrier density, and e,

ms are the charge carriers’ electrical charge and effective mass, respectively.

dJs el
Ys _ s & -E first London equation (1.1)
dr mg
o ng-er .
VxJi=——"2.B second London equation (1.2)
mg

The model predicts that screening currents flow in a thin surface layer of the superconduct-
ing sample and screen the interior from any external magnetic field. Both, the screening
current density and the magnetic field decay exponentially towards the inner of the sample
with the so-called London penetration depth A, [83]. Since the model is phenomenolog-

ical, it gives no explanation of the mechanism leading to zero resistance. The discovery
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of the isotope effect on critical temperature in 1950 pointed to the important role of the

lattice for the underlying physics [149].
Microscopic Perspective

Existing concepts, such as the (mean field) Fermi liquid theory of electrons and the Jel-
lium model, were not able to explain the existence of a state with zero resistance [84].
However, within the scope of a quantum mechanical treatment, it can be shown that the
Sfermionic electronic ground state is unstable with respect to an (arbitrarily small) attrac-
tive interaction between electrons. In this case, pairs of electrons condensate in a bound
state with an energy, which is by the energy gap width A lower than two times the Fermi
level 2¢eg. These pairs of electrons are called Cooper pairs, named after L. N. Cooper, who
discovered the instability in 1956 [39]. The idea of Cooper pairs led to the BCS theory,
which is based on the (variable particle number) product state (1.3) of several electron
pairs with opposing momentum {k, —k} and spin {a, B}. vy denotes the probability that a
Cooper pair (7506, —7%[3 ) exists and is determined by calculus of variations [11]. 4T denote

the creation operators and |0) the vacuum state in second quantization.
— . al At
lW)BCs = I;I (uk +v; a%aaiw) |0) (1.3)

For conventional superconductors, the attraction between electrons is phonon-mediated
due to lattice deformations by Coulomb interaction [84]. The Cooper pairs behave
like bosons, such that a common quantum mechanical state is attained. While conven-
tional superconductors feature spin S = 0 (singuletts), the anisotropy in high-temperature
superconductors (HTS) yields d-waves for Cooper pairs [83]. The origin of the attractive
interaction in high-temperature superconductors is not fully clear to date. The first ap-
proach of a theoretical description in form of the resonating valence bond (RVB) theory
by P. W. Anderson dates back to 1987 and is based on the Hubbard hamiltonian of Mott

insulators and on the ¢-J-model [7].
Type-1I Superconductors and Ginzburg-Landau Theory

From a power engineering perspective, superconductors, which are either in the normal
conducting or in the Meissner phase (type-I superconductors), are not useful due to their
low critical magnetic fields. Therefore, the existence of a mixed state (Shubnikov phase)

with both normal conducting and superconducting regions in so-called type-II supercon-

17



1.2. Superconductivity: Fundamentals and Applications in Power Engineering

ductors is vital for technological applications with high currents and/or high magnetic
fields [120]. The co-existence of the superconducting and normal conducting phase
within one solid implies that the formation of the surface in between must be energeti-
cally favourable, in spite of a reduced Cooper pair density in the vicinity of the surface.
The Ginzburg-Landau theory of superconductors is a phenomenological theory, which
explains the difference between type-I and type-II superconductors [76]. It is applicable
to (largely isotropic, i.e. metallic) conventional superconductors but also to the highly
anisotropic high temperature superconductors, if direction dependent effective masses of
the charge carriers are introduced [83]. The theory is based on the finding that the transi-
tion from the normal to the superconducting state is of second order (latent heat at tran-
sition AQ = 0). The governing order parameter is the macroscopic wave function y(7)
of the superconducting state, where |y(7)|? is the Cooper pair density. The minimization
of the free enthalpy with respect to y(¥) and the magnetic vector potential A leads to the
Ginzburg-Landau equations (1.4), (1.5) [76] with the superconducting current density Jg
and the parameters o, 3, that originate from an expansion of the enthalpy with respect to

even powers of the order parameter W (7).

1 . A2
0=a-y(F)+B- [y y(F) + .- (37 +26A) y(7) (14)
=4 jeh — — — * (= 4 2 — e
L= (0 () V@)~ w(®) Yy (7)) -~ w4 (15)

The solution of (1.4), (1.5) yields two characteristic length scales A; (London penetration
depth), égr (Ginzburg-Landau coherence length), which determine the decay of the mag-
netic field and the variation of the Cooper pair density, respectively. It is the ratio of these
length scales, which determines whether the superconductor is of type I or II, (1.6), (1.7)
[120] (x: Ginzburg-Landau parameter).

AL 1

K=-—S—F=: type-1 SC Meissner phase only (1.6)
SoL 7 V2
A 1

K= 2 — type-1I SC with Meissner and Shubnikov phase  (1.7)
SaL 7 V2

The Shubnikov phase persists up to considerably higher magnetic flux densities (e.g.
Bey = 24T for Nb3Sn, 16 T for NbTi at T = 0K [184]). In this phase, the magnetic flux
enters the solid in the form of flux vortices with a quantized amount of magnetic flux. The

vortices arrange in a regular pattern (Abrikosov lattice [3]). Every movement of vortices
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results in the presence of an electric field. If a transport current is impressed, the Lorentz
force drives the flux lattice by dissipating an amount of energy, which inhibits any tech-
nical use. However, the (artificial or manufacturing-induced) creation of crystallographic
defects yields local potential wells (,,pinning centres‘), which pin the flux vortices up to
sufficiently high transport currents and magnetic fields, yielding ,,hard* superconductors
[29]. Most prominent low-temperature ,,hard” superconductors are NbTi (ductile alloy)
and Nb3 Sn (brittle inter-metallic compound, used for highest magnetic field applications).
Besides, high-temperature superconductors were discovered in 1986 by J. G. Bednorz and
K. A. Miiller [18]. The superconducting phase of MgB, was discovered in 2001 by Naga-
matsu et al. [155], Fig. 1.8. In high-temperature cuprate superconductors (e.g. Tab. 1.1),
the layered architecture yields an ,,intrinsic anisotropic pinning. Artificial pinning (e.g.
doping with BaZrO3; or BHfO) of ReBCO (Re =Y, Gd, Eu, rare-earth barium copper ox-
ide) conductors has recently led to a significant increase of the in-field current carrying
capacity [183]. The pinning centres allow for a loss free DC current transport, apart from

some residual loss due to thermally activated flux creeping.

Figure 1.8.: Ex-
emplary critical
surface (7, B,J)
of a MgB, super-
conductor  from
ASG  Columbus
[148]. Here, the
lift factor L is
defined as the
ratio between the
critical  current
density for oper-
ating conditions
(T,B) and the
value of J. at
T = 30K and no
external magnetic
field/only  self
field (s.f.).

lift factor L ~ J,

In contrast, both an AC transport current and a sufficiently high magnetic AC field result in
a significant periodic escaping and re-entering of flux vortices. In ,,hard* superconductors,

this is accompanied by a periodic process, in which vortices break loose from the potential
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well by dissipating power. The produced AC loss as ,,hysteresis loss* is hence a major de-
sign restriction for AC applications [78], e.g. for stator windings in fully superconducting

generators.

This hysteretic behaviour of ,,hard* superconductors can approximately be described with
the critical state model (CSM), which was introduced by C. P. Bean in 1962 [16, 17].
It assumes a sharp, step-like transition between current carrying and current free regions
and allows for an analytical treatment of several geometries and combinations of trans-
port current and applied external field [78]. This model was extended to a magnetic field
dependent critical current density J.(B) by Kim [116]. Extensive early work on the cal-
culation of the superconducting state and the AC loss was moreover carried out by Clem,
Brandt and Norris [38, 28, 162, 163]. Calculations based on critical state models generally
neglect any flux creeping effects, which arise due to the thermal activation of flux vortices
leaving the pinning center induced potential wells, especially in HTS. These effects can be
incorporated in numerical models by introducing a highly non-linear power law relation
E(J), see (2.127) in Sec. 2.5. Barrett and Prighozhin showed that the critical state model

represents the limiting case of power-law models for diverging exponent n — o [12].
Technical Superconductors

Tab. 1.1 summarizes low- and high-temperature superconductors that are used for tech-
nical applications. The energy gap A is typically in the order of a few meV for low-
temperature superconductors and exceeds 15...20meV in case of highly anisotropic high-
temperature superconductors (crystallographic ab-plane) [184]. For the anisotropic su-
perconductors (HTS, MgB.,), significantly lower critical magnetic fields in the crystallo-
graphic c-axis occur.

For all power engineering applications, the power consumption for maintaining the su-
perconducting phase during operation is crucial and must be lower than the saved IR
loss of normal conducting alternatives. Compared to the low-temperature superconduc-
tors (LTSC) NbTi and Nb3Sn, high-temperature superconductors and MgB, offer the large
advantage of a strongly increased coefficient of performance (COP) of commercial cryo-
genic cooling systems. Therefore, the main focus is recently on these materials for power
engineering applications, while LTSCs remain the leading technology for research appli-

cations, where high and ultra-high fields must be excited in rather large volumes.
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Table 1.1.: Properties of technically used type-II superconductors [184]. x = Ay /&gL
denotes the ratio of characteristic length scales (Ginzburg-Landau parameter: (1.6), (1.7)).

T Bc, By SoL AL V2K
NbTi 9.6K 16T 4nm 60 nm 21
"NbsSn 18K 24T < 4nm 80nm 28
MgB, 39K 15T (ab), 10nm (ab), 110nm (ab), > 15
3T (c) 2nm (¢) 280 nm (c)
Bi;Sr;CaCuy0g 94K  >60T (ab), 2nm (ab), >200nm (ab), > 140
(Bi-2212) >250T (c) 0.1nm(c) >15000 nm (c)
" BipSryCayCuzOg 110K 40T (ab), 3nm  (ab), 150mm (ab), >70
(Bi-2223) >250T (c) 0.1 nm (c) >1000 nm (c)
YBa,Cuz07 92K 240T (ab), 1.6nm (ab), 150nm (ab), > 127
(YBCO) 110T (c) 0.3nm(c)  800nm (c)

4) GdBCO/EuBCO exhibit similar properties with slightly higher in-field crit. current densities J, [57, 230, 85].

Comparing high-temperature superconductors of the first generation (1G, BSCCO: Bi-
2212, Bi-2223) and second generation (2G, ReBCO coated conductors, Re = Y, Gd, Eu),
the conductor composition implies a larger cost decrease potential for 2G HTS conductors.
BSCCO conductors require a costly silver matrix with a volume fraction of about 70 %
(Fig. 1.9, [14]), while ReBCO coated conductors consist mainly of much cheaper stainless
steel substrates (Fig. 2.25) with only small fractions of silver and a copper fraction that
depends on the stabilization requirements. Therefore, only 2" generation (2G) conductors
are considered in this thesis, as a significant cost reduction can be expected in the next

years, induced by increasing production capacities.

silver matrix —> _— 244‘— Bi-2223 filament

Figure 1.9.: Exemplary cross section of a multifilamentary 1% generation HTS BSCCO
wire [15]. The silver matrix is a main cost factor and restricts the cost reduction potential
of 1% generation HTS conductors.

MgB; conductors exhibit an inferior in-field current carrying capacity and require lower
temperatures 7 < 20K, Fig. 1.8, but outweigh these drawbacks partially by a much lower
price. No costly materials are required for the production and the manufacturing (adapted

from the LTSC production) is simpler compared to ReBCO coated conductors. Cost-
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neutral improvements of the performance have been achieved recently and are expected
to continue, so that, at present, MgB; conductors are regarded as the main competitor for
2G HTS conductors in the field of superconducting power applications [183]. A selection
of manufacturers of HTS and MgB; conductors is listed in Tab. 1.2.

To date, iron-based superconductors, discovered in 2006 [107], have not reached readi-
ness for technical applications. This material class may however yield promising future
candidates, due to the comparably high critical temperatures in the range 25...55K [184].

This material class is not considered in this thesis.

Table 1.2.: Selection of commercial manufacturers of 1G/2G HTS conductors and of
MgB, wires.

manufacturer country conductors
SuperPower (Furukawa) US ReBCO
American Superconductors (AMSC) US ReBCO (Amprium)
SuNaM Korea GdBCO
Sumitomo Electric Industries (SEI) Japan Bi-2223

THEVA Germany GdBCO
deutsche nanoschicht / BASF Germany YBCO

Fujikura Japan EuBCO, GdBCO
Bruker ia. US, Germany  Bi-2212
SuperOx Japan / Russia ReBCO
Shanghai Superconductor China YBCO
Hypertech Research UsS MgB,

ASG Columbus Italy MgB,

Sec. 1.3 summarizes approaches for the application of ,,hard* superconductors in rotating

electrical machines.
Cooling of Superconducting Windings

In spite of the much higher critical temperatures, typical operating temperatures of HTSCs
are in the order of 30K in order to achieve a sufficient utilization of the costly material
and in order to ensure sufficient temperature and current margins. MgB, windings must
be operated at 20 K in order to realize technically reasonable critical engineering current
densities, see Sec. 2.5.2. These temperatures can be achieved by cooling with commer-

cially available ,,off-the-shelf* cryo-coolers, which are available from several suppliers,
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e.g. Sumitomo Heavy Industries, Cryomech or ARS, Fig. 1.10 (Q: removed heat per time).
The cooling system, Fig. 1.11, comprises a compressor unit and a cold head with either

one or two cooling stages.

250 . '
T o SHI RDK-500

200L| * Cryomech AL-330 Figure 1.10.: Cooling capacities
- o ARS DE 110 of commercially available cryo-
~ 1501 cooler systems as function of the
Q; cold side temperature (at a warm
'§ 1001 side temperature 7, = 293 K). Sin-
& gle stage Gifford-McMahon (GM)
o= cryo-coolers are considered with
% 50+ sufficient capacity at T. = 30K.
S Sources and data sheets: [200],

0 Tt w 60 (421, [9)-

temperature T, /K =~ —

In the latter case, heat is removed at two different temperature levels, which generally
allows to pre-cool e.g. radiation shields or current leads at elevated temperatures in the
range of 50...60K. High-capacity single stage GM cryo-coolers are suited for cooling
the windings of rotating electrical machines. They can remove about Q =~ 75W at 30K, if
operated with a compressor at the 50 Hz grid, Fig. 1.10. However, the minimum achiev-
able temperature and the maximum removed heat Q at 20K differ considerably among
the commercially available coolers, depending on the primarily intended operating range.
The mean time between failures (MTBF) of the cryo-cooler system exceeds typically 9

years, while maintenance service intervals are typically 2 years [183].

Three main cooling methods exist for achieving the operating temperatures in the range
20...30K for ReBCO and MgB, windings [184]:

* Direct cooling: Heat is removed from the superconductor in direct contact with a
coolant fluid. In case of bath cooling, the device is immersed in a pool of fluid,
where natural convection (evaporation/boiling) governs the heat exchange. Alter-
natively, the coolant flows through channels and removes heat by natural or forced
convection (internal cooling). ReBCO windings at 30 K can be gas-cooled with hy-
drogen (T3 = 20.3K at 1 atm), neon (73 =27.1K at 1 atm) and helium (73 =4.2K
at 1 atm). For necessarily lower temperatures of MgB, windings, a cooling with

hydrogen or helium is possible.
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¢ Fluid-mediated cooling: The removed heat is transferred from the winding to a cold
»anchor* by conduction [184]. A coolant fluid is used to transfer the heat from the
cold anchor to the cold stage of the cold head by convection. The same restrictions

on applicable coolants as for direct cooling apply.

¢ Conduction cooling: The heat is transferred from the HTS or MgB;, winding en-
tirely by conduction to the cold stage of cold heads via oxygen-free high thermal
conductivity copper bars (OFHC). This cryogen-free cooling system reduces the
system complexity but requires large cross sections of the OFHC bars to prevent
an excessive temperature difference between cold stage and winding. In case of
rotating superconducting windings, the cold heads must rotate too, while the com-
pressor is stationary and the working gas (i.e. helium in Fig. 1.11) is transferred to
the rotor by a rotary coupling with ferro-fluidic seals. Since the cold heads cannot
withstand large centrifugal loads, this cooling method is limited to slowly rotating
machines, i.e. direct drive wind generators at n =~ 10rpm. This cooling system has
been successfully applied in the EcoSwing generator to cool GABCO field windings
to ~ 30K [20], Fig. 1.13 a). The compressor must be installed either in the nacelle
or at the base of the tower [183].

cold head helium
power cable supply IJme cold head

n lll*lllllllllllllllllll ]

i i
water cooled | X -
compressor helium
unit H ¢—— return line

a) d
O O >
cooling ®)
water flow

Figure 1.11.: a) Single-stage Gifford-McMahon cold head RDK-500b from Sumitomo
Heavy Industries, b) schematic of the cryocooling system including the compressor unit
and He gas lines [199].

24



1.3. Superconducting Rotating Electrical Machines

1.3. Superconducting Rotating Electrical Machines

Earliest work on superconducting electrical machines dates back to 1971. In several
projects, Tab. A.1 in App. A.2, LTSC field windings with LHe cooling were consid-
ered, with increasing demonstrator power ratings over about two decades. Depending on
grid frequency, rotational speeds of 3000 rpm and 3600 rpm are common to the 2-pole
generators. Together with the rotor diameters of d ~ 1.2m, this led to very high cen-
trifugal loads, which the cryostat assembly must withstand. The main objective consisted
in a shift of the maximum generator powers beyond 2...3GW, which are not possible
with normal conducting turbo generators in spite of strongest cooling systems [30]. These
largest turbo generators, Fig. 1.12 a) were intended for use in nuclear power plants. But
the expected trend towards ever increasing unit powers did not manifest, and most projects
were stopped in the late 1980s. The Japanese project with 70 MW generators represented

an exception from this trend.

Figure 1.12.: a) Rotor of the 3000 rpm, 400 MVA demonstrator with mounted LTSC
winding built by Siemens [178]. b) 36.5 MW, 120rpm, 2.9 MNm ship propulsion mo-
tor with HT'SC excitation winding and stator oil cooling, built by Northrop Grumman and
AMSC [71].

A second boom of superconducting machine projects started in the late 1990s, about one
decade after the discovery of high-temperature superconductors, Tab. A.2 in App. A.2.
1% generation high temperature superconductors, i.e. BSCCO, were used. The consid-
erably higher critical temperature of 7; ~ 108K for Bi-2223 offered multiple cooling

concepts, reaching from gaseous helium over neon closed-cycle thermosiphons to lig-
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uid nitrogen bath cooling. Research projects mostly focused on weight-critical marine
applications as propulsion motors and on-board generators, on aerospace generators and,
to a lesser extent, on stationary generator systems. The 36.5 MW ship propulsion motor,
Fig. 1.12 b), which was designed and full load tested in the late 2000s, is a prominent
example. It combines a HTS field winding with intense oil cooling of the copper stator

winding [71], as considered for medium speed wind generators in Ch. 7.

Superconducting machines with 2G HTS windings have come into focus since about 15
years. Several demonstrators of 2G HTS machines at reduced scale have been constructed
and tested for wind power, marine and aerospace applications, Tab. A.3 in App. A.2.
Generally, today’s research activities on 2G HTS machines focus on applications, where
machine weight and installation space are critical [40]. The latter may particularly profit
from a ,,cooling for free, if combined with cryogenic hydrogen storage [24, 80], which
shifts the efficiency related and economical thresholds significantly in favour of the HTS
technology. MgB, conductors have been considered as promising low cost alternative,
soon after its discovery in 2001. Also low temperature concepts are still under investi-
gation [208] as a result of the to date still expensive HTS conductors, Fig. 1.13 b). The
potentials listed in Sec. 1.2 make wind generators one of the most intensely investigated

applications of superconducting windings today.

Figure 1.13.: a) Fully assembled EcoSwing 3.6 MW wind generator with 2G HTS field
windings [196]. b) Concept drawing of the 15 MW wind generator with stationary LTSC
field windings and rotating armature, designed by General Electric [208].
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The successful construction and testing of a full-scale 3.6 MW generator in the EcoSwing
project, Fig. 1.13 a), can be regarded as a milestone towards commercialization of su-
perconducting wind generators. Within the project, a rotor with 2G HTS field coils was
retrofitted into an existing, air-cooled stator. The generator was tested in 2018/2019 with
a continuous operation of the cryogenic systems over 6 months under on-site conditions
[20]. However, the cooling effort and the high investment cost for the cooling system
and the HTS field windings require typically a minimum unit power of about 5SMW to
be economically competitive. This precondition is well aligned with the general trend
towards larger power ratings of wind generators, as discussed in the beginning of this sec-
tion. Therefore, a large variety of theoretical studies and conceptual designs targets wind
generators with a rated power of 10 MW and above, Tab. 1.3.

Several full-scale field coils have been built and tested, while the on-site load test of a
superconducting wind generator is so far unique to the EcoSwing project. Many key
components of partially and fully superconducting wind generators exhibit currently a
technology readiness level (TRL) of 3 or 4. Successful experimental proofs cover several
coil winding techniques and cryogenic cooling systems, while full-scale system tests are
so far rare. In case of partially superconducting 2G HTS wind generators, the EcoSwing

project has advanced several key technologies to a TRL of 6 or 7.

Most of the published work on partially superconducting generators focuses on direct drive
concepts with rotational speeds of about 10 rpm, since the need for size and weight reduc-
tion is most urgent in this case. The large pole counts however require large quantities of

superconductors, which represents the main challenge in terms of cost competitiveness.

Besides conventional synchronous generator topologies, different approaches with a sta-
tionary cryogenic cooling system are under investigation for wind turbine generators. A
10 MW DC machine with ReBCO field coils has been designed by Liu as part of a PhD
project at KIT until 2018 [140, 142]. Here, a numerical optimization based on analytical
models is applied, yielding a 2p = 28 pole generator with a speed of 10 rpm. The required
ReBCO tape length (w; = 4mm) is estimated to /; ~ 230km and the armature current
loading is in the order of 100kA/m. The estimated mass is about m ~ 110t, including
also inactive parts, while the active generator mass is about m,¢; ~ 80t, corresponding to
a torque density of 120Nm/kg. The calculated reduction in total loss is reported to be
small compared to PM excited synchronous generators. A downsized demonstrator with

10kW was manufactured and tested [182]. Another approach with stationary cryogenic
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system consists in an inverted synchronous generator with stationary DC excited poles

and rotating armature, which is fed by a 3-phase brush/slip ring system. This concept is

currently under investigation in a project of General Electric [208], Fig. 1.13 b).

Table 1.3.: Overview of recent projects on the application of superconducting windings to
wind generator systems.

project name consortium main objectives years
WINDSPEED Eco 5 design and proof of concept of 201472015
[55] direct drive MgB,-excited wind
generators
EcoSwing %ootdinat<)9r: design, built first MW-class 2015 -
196, 20, 227 nvision, direct drive wind generator rotor (19
[ I partners from  ith 2G HTS field winding;
industry and in-field test with retrofit to
academia existing stator
UpWind [53] coordinator: design and proof of concept of 2006 -
U wind; wind conversion systems in the 2011
40 partners power range 8... [0OMW
INNWIND.EU coordinator: conceptual design of wind 2012 -
[52] wind; conversion systems in the power 517
27 partners range 10...20MW;
demonstration of critical
hardware components, i.e.
MgB, field coils for a direct
drive 10 MW generator
SUPRAPOWER %oordilnator: design and proof of conceptofa 2012 -
ecnalla MgB,-excited 10 MW direct
203 . gb2 2017
[203] Research; 8 drive offshore wind generator
partners from
industry and
academia
SupraGenSys KIT, design of a fully 2019 -
Fraunhofer superconducting 10 MW direct
[217] ; Perto) A 2022
IEE, Siemens,  drive wind generator with 2G
Krimer f?nk HTS windings, investigation of
ergietechni innovative HTS coil geometries
High Efficiency  GE design and construction of a 2019 -
Ultra-Light Su- 15 MW LTSC direct drive wind 2025
perconducting turbine generator; in-lab test of a
Generator demonstrator and up-tower
[208] demonstration

Partially superconducting synchronous generators with rotating superconducting field

winding are however the dominating approach and have been investigated in several stud-

ies, Tab. 1.4.
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Table 1.4.: Examples for investigations of synchronous generators with superconducting field winding for wind power applications
(Pn / nN: rated power / speed, Tgc: operating temperature of SC, AG: air gap (winding)).

author / ref. year Py,nn SC, Tsc topology details
Miiller & 2004 8MW, 2GHTS, stator AG winding,  study for Alstom, Converteam; predicted price drop to less
Lewis [131] 12rpm 30K non-magn. poles than 20Euro / (kA - m) by 2010 did not manifest
" Karmakeret 2012 8MW, 2GHTS, stator AG winding  single pole tested; weak orientation dependence of GM
al. [109, 194] 12rpm 30K cold head performance reported
" Ohsakietal. 2013 10MW, 2GHTS comparisonof  comparison to fully SC generator with MgB, AC winding; -
[164] 10 rpm topologies loss reduction by ~ —40% w. r. t. PM generator
" Karmakeret 2015 10MW, 2GHTS, comparisonof  exemplary designs reported; heaviest all-iron topology is
al. [110, 108] 8 rpm 30K topologies cheapest; no details available for cost calculation and
thermal model; minimum SC length /; = 10.7km
" Marinoctal. 2016 10MW, MgB,,  ferromagnetic  part of the SUPRAPOWER project; conductors from ASG
[146] 81rpm 20K poles, stator AG Columbus; air gap diameter dg = 10.1m; 2p = 48 poles;
winding modular cryostats; assumed price 3 Euro / m leads to cost
estimate of 307 kEuro / MW; weight reduction of ~ —26 %
compared to PM generator
Liu[136] 2017 10MW MgB,,  I12different part of the INWWIND.EU project; assumed price:
20K topologies 4Euro / m; numerical optimization with genetic algorithm:

variation of pole count at fixed diameter; lowest LCoE for

heaviest designs; torque density 100... 235 Nm /kg
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1.3. Superconducting Rotating Electrical Machines

Some studies consider also superconducting AC stator windings in fully superconducting
generators or in combination with a permanent magnet excitation. Both 2G HTS conduc-
tors and MgB, wires are considered for AC windings. A selection of design studies with

AC superconducting windings is summarized in Tab. 1.5.

Besides the development of concepts and the testing of critical hardware components, re-
cently, the numerical models of superconductors have evolved quickly. The modelling
approaches were thoroughly tested against experimental results and analytical formulas
for a variety of geometries and operating conditions, e.g. [168, 78, 185, 4]. The model
implementation is to date rather complicated, compared to commercial software for stan-
dard, normal conducting, electromagnetic devices. However, these advanced models are
characterized by a high computational efficiency and consequently allow for the predic-
tion of superconductors’ properties within full-scale non-linear models. Technical details

are described in chapter 2, while two important developments are mentioned here:

* Brambilla et al. developed a framework for the application of the H-A-formulation
to rotating electrical machines in 2018 [27], after the H-formulation has been ap-
plied successfully to superconductors in several previous studies. The coupled H-
A-formulation has also been successfully applied to a variety of other large-scale
applications, e.g. for the analysis of transients in HTS magnets [25]. In case of ro-
tating electrical machines, the well established modelling techniques of the usually
applied A-formulation can be adopted. Grilli et al. give an extensive overview of

numerical models to determine the state of superconductors in [78].

3

Zhang et al. introduced the T-A-formulation in 2017 together with the thin sheet
approximation for electromagnetic finite element models of 2G HTS tapes [238].
This approach allows a considerably reduced computational effort for large scale
models, e.g. of coils with > 100 turns employing tapes with high aspect ratio w/d;
(w: width of tape, dy: thickness of tape). In the following, this formulation was

successfully applied to some full-scale electrical machine models [19, 82, 216].
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Table 1.5.: Examples for investigations of wind generators with superconducting stator winding (Py / ny: rated power / speed).

author/ref. year P\, nN rotor stator details
excit. winding
Teraoetal. 2012 10MW, 1G/2G MgB,, non-magnetic rotor; stator AG winding; stator back iron; active
generator mass nacr & 35t; gravimetric torque density ~ 270Nm / kg;
[204] 10rpm  HTS, 20K HTS tape length /; =~ 250km (tape width not specified); MgB,
20K conductor length ~ 150km; analytical AC loss estimate ~ 1.5kW

Liangetal. 2013 10MW, YBCO, MgB,, only stator yoke ferromagnetic; details on loss calculation &
electromagnetic design missing; active mass reduction by ~ —16 %

[133] 10rpm 20K 20K predicted compared to generator with copper stator winding

Kalsi 2013 10MW, MgB,, MgB,, conductor from HyperTech Research; 2p = 24 poles; active mass

[104] 10rpm 20K 20K Maer = 52t; grayirnetric torque QCnsity ~ 184Nm /kg; single-layer
stator AG winding; non-magnetic rotor poles; assumed price of
conductor 4$/m; low AC loss reported for optimized conductors

Song etal. 2015 10MW, 2GHTS, MgB,, non-magnetic coil supports; stator and rotor back iron; analytical AC

[197] 10 rpm 30K 20K loss estimate == 1.1kW; 36 cryo-coolers; comparison to MgB, rotor:

calculated cost of ReBCO rotor is ~ 5 times higher

Saruwatari 2016 15MW, 2GHTS, 2GHTS, non-magn. rotor; stator AG winding; stator back iron; AC loss
estimates of 4...12kW with scribing and transposition; details of AC

etal. 10xpm 40K 40K loss calculation not available; active mass m,c = 80...100t;

[180] gravimetric torque density ~ 160Nm / kg

Lin et al. 2018 13.2MW, NbTi, MgB,, very high eddy current loss of ~ 230kW in electromagnetic shield;
[134] 9rpm 42K 20K gravimetric torque density ~ 82Nm /kg, not competitive to

state-of-the-art generators; analytical AC loss estimate ~ 3kW; low
SC material cost, but expensive cooling system

Vargas- 2021 10MW, PM ex- 2G HTS, part of the SupraGenSys project; 2p = 40 poles; air gap diameter of
dg ~ 6.2m; active length /g, = 2.4 m; volumetric torque density lower
than for state-of-the-art generators with copper winding; minimum AC
[217] loss estimates of ~ 4...5kW for optimized coil geometries / positions;
efficiency increase w. r. t. normal conducting winding predicted

Llanos et al. 10rpm  citation 65K
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1.4. Research Questions and Methodological Approach

1.4.

Research Questions and Methodological Approach

Following conclusions are drawn from the overview of the current state of the wind power

sector and of recent projects on superconducting wind generators:

It is not clear, which drive train, i.e. direct drive or medium speed, will dominate
offshore wind power in the medium-term. The offshore market is dominated by
synchronous generators. The share of synchronous generators in the onshore wind
market is to date rather small but increases steadily.

The resource risk of high energy density permanent magnets, i.e. NdFeB, causes
an urgent need for alternative excitation concepts. This brings electrically excited
synchronous generators back into the focus of recent development programs.
Today’s generator concepts must allow for a simple up-scaling to power ratings in
the range of 15...20MW per turbine.

Superconducting windings are considered as a promising technology for wind tur-
bine generators in the highest power class, i.e. > SMW.

Partially superconducting 2G HTS gearless synchronous generators have reached
the highest TRL among superconducting wind generator concepts so far. Numerical
optimizations of partially superconducting MgB, generators were carried out, while
similar studies for 2G HTS (ReBCO) windings are to be done.

Early work on fully superconducting wind generators indicates a considerable po-
tential regarding key requirements, e.g. an increased gravimetric torque density M’
in Nm/kg. A systematic treatment based on approved generator components is to
be done.

Studies on partially superconducting 2G HTS (ReBCO) medium speed wind gen-
erators have not been published so far. Still, substantial potential is expected since
the advantages of superconducting windings can be achieved with a comparably
low amount of superconductors.

The competition between MgB, and 2G HTS (ReBCO) is not decided yet. A com-
prehensive study on the potentials of superconducting wind generators must there-

fore cover both alternatives.

Generally, wind power, especially off-shore, will be a fundamental energy source for a

future energy supply without fossil energy sources. It must be reliable with minimum

maintenance requirements, which favours gearless generator concepts. In order to be
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1.4. Research Questions and Methodological Approach

independent from large quantities of rare earth magnets, the superconducting excitation

with a minimum amount of SC per generator might be the future solution. Therefore, this

thesis covers only direct drive generators in order to keep the adequate page limit. First

investigations of alternative SC generator concepts are reviewed in Ch. 7.

Four main research questions are derived, which define the scope of this thesis:

Ql

Are optimized, partially superconducting gearless wind generators economically
competitive with respect to state-of-the-art, optimized PM generators? If not, which
technological and economical developments could establish competitiveness?
Which role will MgB; superconducting windings play for future gearless wind gen-
erator systems? Are commercially available MgB, conductors useful alternatives
for ReBCO tapes regarding the use in DC field windings?

Which superconducting generator topology is most promising? Which improve-
ments regarding key characteristics of gearless wind generators, e.g. specific thrust
and efficiency, can be achieved, if superconducting excitation windings are em-
ployed?

Which characteristics feature direct drive wind generators with SC excitation under
fault conditions? Are dynamic operating conditions or a redundancy operation,

which is required for offshore wind generators, problematic?

The major approach in this thesis consists in numerical simulations of gearless syn-

chronous wind generators with SC field winding. The calculation results are compared

to analytical models and, if available, with experimental data from literature. This ap-

proach is motivated by two aspects:

1.

The main objective is to derive general conclusions, which intrinsically require a
large number of considered designs. This is not achievable with experimental in-
vestigations of singular designs. Of course, future experimental demonstrations will

be vital for a potential commercialization.

. Sophisticated modelling approaches for SC electrical machines exist, which cover

all relevant phenomena and allow for the evaluation of the required level of detail,
e.g. the importance of end effects. The applied work flow always starts with an
exemplary quantification of relevant effects, before a broad range of variants is

covered with an accurate and computationally efficient model.
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1.4. Research Questions and Methodological Approach

Direct drive generators are analyzed for a rated power of 7MW throughout this thesis,
based on reference data of commercially available PM generators. The close contact to a
well-known generator manufacturer was used to base the analyses on state-of-the-art PM
synchronous generator designs and manufacturing methods. Numerical optimizations are
carried out for partially superconducting gearless generators in order to advance already
existing systematic parameter studies. Based on data from the above mentioned industry
partner for commercially available generators, design studies on direct drive PM gener-
ators are conducted. The aim is to generate reliable benchmarks within the employed
modelling framework. From the large sets of gearless generator designs, advantageous

exemplary variants are derived, which allow for a final overall comparison.
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2. Electromagnetic Modelling of
Superconducting Electrical Machines

This chapter is on the models, which are used to analyse direct drive wind generators in
Ch. 3 to 7. Analytical models for eddy current loss calculations and for a preliminary
design of superconducting generators are described in Sec. 2.1. The following Sec. 2.2
is on numerical electromagnetic models and applied formulations. End-winding models
for concentrated windings and distributed armature windings are described in Sec. 2.3 and
2.4. The last Sec. 2.5 summarizes the relations that are used to describe superconducting

material properties.

The starting point of any modelling approach are Maxwell’s equations in non-moving
media and in differential form [96], (2.1) - (2.4). Throughout this thesis, SI units are used.

VD = p Gauss’s law of electrostatics 2.1)
VxH—-0,D=T Ampére-Maxwell law (2.2)
VXE+dB=0 Faraday’s law of induction 2.3)
VB=0 Gauss’s law of magnetism 2.4)

In the following, due to |z9,5| < J, only Ampere’s law (2.5) is used instead of (2.2). The
displacement current densities 9, D are neglected, since all quantities vary slowly in the

considered generators (order of magnitude f ~ 10°...103 Hz).
VxH=J Ampére’s law (2.5)

These quantities are supplemented by the constituting material relations (2.6), (2.7), which

are non-linear, anisotropic and inhomogeneous in the most general case.
D—¢(E7)-E 2.6)

B=y <ﬁ 7) H 2.7
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2.1. Analytical Multi-Layer Model

2.1. Analytical Multi-Layer Model

Analytical models of rotating electrical machines generally feature two main advantages

compared to numerical models:

* The calculation by analytical models is faster, particularly if eddy current problems
are considered.

* The analytical expressions allow to trace effects back to their origin in terms of
space and time harmonics. These insights are hardly achievable by means of inte-

gral numerical solutions.

The disadvantages of analytical approaches consist in a limited degree of detail and in

inaccuracies, as discussed in Sec. 2.1.9.

Most analytical models of rotating electrical machines are based on either the magnetic
scalar potential @y or the magnetic vector potential A. Models based on the scalar poten-
tial allow for a simple modelling of permanent magnets. The magnetic vector potential
approach is the preferred choice for eddy current calculations and if windings are explic-
itly modelled. Therefore, the latter approach is used for the superconducting generators
in this thesis. Analytical models based on A were extensively applied to superconducting
turbo generators, since the magnetic topology without ferromagnetic teeth and pole cores
features rotational symmetry [30]. The magnetic potential is defined by (2.8) and directly
incorporates the divergence-free nature of the magnetic field.

VxA=58 (2.8)

Together with the material law B = p1 - H for isotropic, linear material properties, where 1

is a B-independent scalar, (2.9) is derived from Ampere’s law (2.5).

— -

VxH=7 = Vx(u*I-VxA):f 2.9)

Applying the definition (2.8) to Faraday’s law, yields (2.10) and (2.11), since the time and

spatial derivatives commute.

VxE=—0B=—9 (VxA’) (2.10)

—Vx (—a,x) @2.11)
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2.1. Analytical Multi-Layer Model

The electric field strength can be written as (2.12) with an electric scalar potential ¢.
E=—-0A+V¢ (2.12)

If only eddy currents occur in the considered domains, except from boundaries with im-
pressed stator current loadings, the electric potential can be chosen as ¢ = 0. Then, the
eddy current density J is written as (2.13). If a linear, isotropic conductivity is assumed,
K is a J-independent scalar, allowing for a further analytical treatment. This impedes an

explicit modelling of superconductors within this model framework.
J=k-E=—Kk-0/A (2.13)
The combination of (2.9) and (2.13) results in the second order differential equation (2.14).

Vx(/.Fl-VxK):fK-a,K (2.14)

Figure 2.1.: Schematic of one quadrant of an exemplary multi-layer model with N =7
layers and two current loadings, e.g. representing the field winding AS) (blue) and the

stator winding A((f) (red) for an inner rotor topology.
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2.1. Analytical Multi-Layer Model

The remaining ambiguity of the definition for A is eliminated by introducing the Coulomb
gauge VA =0. Only 2D geometries in the cross section of the generators, Fig. 2.1, are
considered in the following. In this section, the electrical current loading is denoted by
A, with subscript ,,e“ in order to distinguish from the vector potential. In the subsequent

sections, the subscript is omitted due to the unambiguous meaning.

The translational invariance in z-direction implies that the sources of the magnetic field,
i.e. current loadings at layer boundaries Ae and eddy current densities J inside layers,
exhibit only a z-component, (2.15). Because of (2.13), the same holds for the magnetic

vector potential A= A;-é; = A€, yielding only one unknown scalar Ae ;.

T=1U,-¢2, Ae=Ac;2; (2.15)
The magnetic flux density B and the magnetic field strength H exhibit consequently only
in-plane x- and y-components with respect to the generator cross section. These are ex-

pressed in terms of the basis vectors in the (curvilinear) polar coordinate system, (2.16).
B=B,-¢ +By-ep, H=H, & +Hp & (2.16)

For this 2D problem, the z-component of (2.14) reads (2.17), whereas the r- and ¢-
components vanish.

b {a,(f-a,A>+l.a¢ (148¢A>} — _K-QA 2.17)
m r m

r

2.1.1. Periodicity and Ansatz

For constant u, k the diffusion equation (2.18) is derived from (2.17) and D = (u - K')71

plays the role of the diffusion coefficient. In case of ferromagnetic teeth and pole cores,
the actual conditions in the generator deviate significantly from this simplified model, as
discussed in Sec. 2.1.9.
1 1
M =— -0, (r-drA)+ 5 dgA= -k A (2.18)
r r

Since the geometry of the considered two-dimensional problem exhibits cylindrical sym-

metry and since the model is linear, the occurring space orders v and time orders k are
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2.1. Analytical Multi-Layer Model

entirely determined by the field exciting source, i.e. the current loadings AS) and A£4)
at the layer boundaries, Fig. 2.1. At this point, the model is further restricted to current

loadings (and hence field problems) obeying the following conditions:

* The current loading Ae = A ; is periodic along the circumference with a period of
at most 27 (mechanical angle). This condition is trivially fulfilled for all current
loadings.

* The time evolution of the current loading A, is periodic, containing frequencies that
are integer multiples of the fundamental frequency f; = @s/(27). Transients, like

short circuit faults or load steps, do not meet this condition.

With these restrictions on Ac (@, ¢), (2.18) can be solved for each time order k and space
order v separately without loss of generality. The field exciting component for the pair of
orders {v, k} is obtained from an infinite 2D Fourier series representation of the actual
current loading wave, while resulting field solutions are subsequently superimposed for
all considered pairs {Vv, k}. In favour of a simple calculation scheme, the complex valued

Fourier series, (2.19), is used.

=)

A(ro.1) Z Ay (r, @) -eF ! = Z Y Ay (r)-dvetkan (g 9)

k=—oco k=—oc0 V=—00

By exploiting the time harmonic nature of the magnetic vector potential, the Helmholtz

equation (2.20) for a single time order £ is obtained from (2.18).

AA (@) =]k o) -u-x-Ar(r, @), k= —oo, ... o0 (2.20)

The ansatz (2.19) reflects that the dependence of the magnetic vector potential A on r and
¢ can be factorized for each space order v. This yields the differential equation (2.21)
for the 2D Fourier coefficients belonging to the pair of orders {Vv, k}. These coefficients
depend only on the radius r.

V2

1 .
;'a" (r‘arév,k(r))_ri AV k( )*J(k'ws)"('u'év,k(r)v v7k:_°°7"'7°°
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2.1. Analytical Multi-Layer Model

2.1.2. Solution for the Magnetic Vector Potential

For non-zero conductivity x # 0, the differential equations (2.21) are of modified Bessel
type. The standard form (2.22) is obtained by multiplying with 2 and substituting i :=
Yy with (2.23).

WAy () +uydy () — (V2 1) Ay i) =0 222)

O =rjlk-o) ki (2.23)

The general solution for the 2D Fourier coefficients A, ;(r) is (2.24), where C, ; and
D,, ; are complex-valued coefficients that are determined by the boundary and continuity
conditions in Sec. 2.1.4. I,,({) and K, ({) denote the modified Bessel functions of the first

and second kind of order v, which are defined for complex-valued arguments gk =01
Av,k(’)zgv.k'lv (Qk'r)"'Qv,k'Kv(Qk"') (2.24)

For non-conductive layers with k¥ = 0, the resulting second order differential equation
(2.25) is solved by the general solution (2.26) with coefficients C,, 4, Dy i, obeying conti-

nuity and boundary conditions.
PP Ay k() + 1 9r Ay (1) = V2 Ay 4 () =0 (2.25)

Ay (r)=Cy 1" +Dy -1 (2.26)

2.1.3. Magnetic Flux Density and Field Strength

The magnetic flux density is obtained as rotation of the magnetic vector potential with
A=A é;,Ar =Ap = 0. Similar to the magnetic vector potential, the r- and ¢-components
of the magnetic flux density B and the magnetic field strength H can also be represented
by their complex 2D Fourier series, (2.27) and (2.28).

=)

Bi(rv(Pat): Z Ei,k(rv(P e]kws = Z Z tvk vrp+kwsr) iE{rv(p}

k=—oco k=—c0 V=—00

(2.27)
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2.1. Analytical Multi-Layer Model

Hi(r, 9,1) = Z ﬂi,k(r»(p ejkws Z Z zvk V(ka\ )7 iG{V,(P}
(2.28)

Therefore, the differential operators d;(-), dy () can be applied separately for each har-
monic component. With (2.27) and (2.28), this yields (2.29), (2.31) for the r- and ¢-

components of the magnetic flux density and the magnetic field strength.

Bryalr) o0 = 10 (46" 0) =2 4, ()-89 (2.29)
jv jv

= Boal) =10 k() Howxl)= 5 Av() 230)

Byvilr) €% = =0, (4,4(r) &) @31)

-1
== quv,k(’”) = _8rAv,k(r)u H(pw,k(r) = 7 ’arév,k(r) (2.32)

The radial components of the flux density B, and the magnetic field strength H, are hence
obtained from the vector potential by scaling with a r-dependent pre-factor. The explicit

expression for B,, which enters the continuity relations, is (2.33).

Yo(Cyrr+Dy g =0
Bryalr)={ g (o Dox ) ) 2.33)
Y L '(gv.k'lv(ﬁk'r)"‘gv,k‘gv(ﬂk'r)) k#0

-
The calculation of the tangential components involves the calculation of the first derivative
with respect to r. Since the tangential magnetic field strength Hy, enters the continuity
relations, the explicit expression is given in (2.34). The derivatives of the modified Bessel
functions can be expressed in terms of the respective functions for neighbouring orders,
(2.35).

~(Qvlk~r"vak~r*") k=0

2.34
(Cy i1y (B 1) +Dy K, (By-r)) K#0 239

H(p,v,k(r) = {

=3

D=5 [lvn@H @], K@ =5 [Key@+Kei@)] @39
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2.1. Analytical Multi-Layer Model

2.1.4. Continuity and Boundary Equations

The derived expressions hold in all layers of the multi-layer model, while the coefficients
Cy k> Dy x> as well as the material properties k, i and hence the value of ¥y, (2.23),
may differ from layer to layer. In the following, the layers are numbered by the index
n=1,..., N in ascending order radially outwards, Fig. 2.1. The quantities in layer n are
labelled by an additional superscript (n). The innermost layer n = 1 represents the interior
of the generators, which is not conductive for the considered generators and has the same
magnetic properties as air or vacuum with it = g, kK = 0. The outermost layer n = N rep-
resents the surrounding with the same material properties. The boundary conditions must
reflect that the field quantities are finite for both » — 0 and » — co. The general solutions
for the vector potential in conductive and non-conductive layers are linear combinations
of two functions, of which one diverges for r — 0 and one does for r — co. The require-
ment for finite values in the limiting cases therefore implies vanishing coefficients (2.36),
(2.37). It is important to mention that the boundary conditions would be different if the
inner- or outermost layer were conductive, since I, (§) =1_, (&) and K,,(§) = K_,({)

for v € Z. ; ;

k=0: v>0: p=0 M=o (2.36)
v<o: cl=o DM =0 2.37)

The 2- (N — 1) continuity conditions for the normal component of the flux density (r-
component) and the tangential component of the magnetic field strength (¢-component)
at the layer boundaries are (2.38), (2.39). r, denotes the outer radius of layer n, and
Aglz’, . 18 the 2D Fourier coefficient of the current loading at the boundary between layers
n and (n+1). Fig. 2.2 visualizes the relation (2.39) between Hy, and the current loading
Ae, ;. Together with the two boundary conditions, a unique solution for the 2N coefficients

{QS,"L7 Qs/")k}, n=1,..., N is obtained.

Bﬁfv)_,k(r=rn):Eﬁfvf}c)(rzrn), n=1,...,(N=1) (2.38)
HY, (=) =H ) (=) +4", . n=1,....(N-1) (239
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2.1. Analytical Multi-Layer Model

Figure 2.2.: Schematic of a boundary sec-
tion between layers n and n + 1, which
features a current loading A. ;. The in-
tegration of Ampére’s law (2.5) along the
boundary curve ¢ = dQ of the domain €,
together with Stokes’ theorem, yields the
continuity relation (2.39).

By introducing the generalized expressions R (2.40) - (2.43), the continuity conditions are
directly expressed in terms of the unknown coefficients {Qs/")k, Qs/")k}, n=1,...,N,(2.44)
and (2.45).

. -1 , _
RW iver" =0 g _ jvery Y K=0
TVETL ") kA0 TR R, @) k0
(2.40)
m jv.rn£Y+1) =0 S jv.r;(vﬂ) =0
Bavik=\ v g o Rovie=9 v (n)
n—1 '*V(*k 'rnfl) K70 TH'KV(QI( 'rn) K#0
- - (2.41)
\4 v— _ v v— .
RO T k=0 O BT k=0
=3,v.k 8" (n) Ry vk 8" ()
G i (ﬂk Fp—1) K#0 *#(@'1 (191( ra) K#0
(2.42)
—(v+1) —(v+1
R +ﬁ'r"—(1 k=0 A +ﬁ'rn( ) k=0
T4 ve— 5™ Ky y e ™ N0
' i K@) k0 ’ —55 KL(0"r) Kk £0
(2.43)
) pn) ) pn) (n+1) p(n+1) (n+1) pn+l) _ _
Cor R Dy Ry —Co R =Dy R =0, =1, (N=1)
(2.44)
) pn) (n)  pn)
Cvk BS?v,k+Q\:fk'K4'.1vk (2.45)
vi RO DR AN = (v
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2.1. Analytical Multi-Layer Model

2.1.5. Relative Movement of Layers

The derived relations hold also in case of a relative movement between the layers, if the ef-
fective time order, and thus the effective frequency, in rotating layers is considered. Here,
the slow motion, compared to the velocity of light, allows the use of the Galilei transform
instead of the Lorentz transform. If several current loadings exist in the model, it is conve-
nient to solve the field equations for each current loading separately and superimpose the
separate results thereafter by exploiting the linearity. In this case, the reference system,
in which the calculation is carried out, is suitably chosen such that the winding of the
exciting current loading is at rest (layer with index 7i). If only the time fundamental of
the impressed current is considered, the only occurring time order in all layers with equal
rotational speed is kKM =1, Higher time orders k) > 1 may play a role in case of inverter

feeding, causing significant current harmonics.

Without loss of generality, the rotational speed of layer 7i can be set to zero, n® = 0.
Regardless of the relative speed of other layers with respect to layer 7i, the time evolution
of all quantities, as seen from the reference layer 7, is characterized by the time order k),

e.g. for the vector potential in the form (2.46).

Ao = Y A (r )t n=1,...,N (2.46)
k=4k(@)

(n)

However, the effective time order ky, ', as seen from the rotating layer n # /i with speed
n) = 0, is different and depends on k@ the layer’s speed n™ and the considered space
order v, (2.47). The derivation of this relation can be found in App. A.4.2.

27 - n(”)
V-
s

(2.47)

This plays a role in case of conductive layers (k™) =£ 0), where the time evolution of the
magnetic field in the rest system of the respective layer determines via Faraday’s law the
magnitude of eddy currents. Here, the influence of the relative movement is reflected in
(n)

the model by the parameter ¥, in which the layer-dependent, effective time order k,
be used instead of k¥, (2.48). As ks,"> depends on the space order, the same holds for 9,

must

such that it also features the index v in case of rotating layers.

o), = \/j (K- 00 - (2.48)
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2.1. Analytical Multi-Layer Model

(4)

As an example, the stator current loading in a 2p-pole generator, e.g. Ae ’ in Fig. 2.1, is
considered. The rotor rotates synchronously with the stator field at feeding with frequency
fs. The synchronously rotating stator field fundamental is characterized by the order pairs
{v=4p, k&) = —1} and {v = —p, k) = +1}, which yield the synchronous rotational
velocity (2.49) in the stator frame of reference.

k<s>'ws (=1)-as 1o Js

(S):_ E— = — :271"*:27['”5[1:9511 (249)
¢ v p (—p) p Y Y

Based on (2.47), the time order of the stator field fundamental in the rotor frame of refer-

ence evaluates to zero, (2.50).

270l 2m- L
K)o, =k v ::tl:Fp~2n.;s =0 (2.50)

For synchronous rotation, the effective time orders of asynchronously rotating stator field
harmonics with |v| # p are given by (2.51) with k) = %1 for the stator current funda-
mental.

(2.51)

2.1.6. System of Equations and Solution

The resulting set of linear algebraic equations for the unknown quantities per layer n,
(2.53), can either be solved at once [O12] or iteratively by translating solutions from layer
to layer [176]. The latter approach makes use of transfer matrices and is computationally
favourable, since only the inverse of small matrices must be calculated. However, the
transfer matrix approach is not possible if a circumferential variation of material properties
is considered, Sec. 2.1.9. Therefore, one global system of equations is assembled and
solved. The system of equations for the pair of orders {Vv, k} is of the form (2.52). For
v >0, the 2(N — 1) x 2(N — 1)-system matrix is (2.55), the coefficient vector is (2.53) and

the inhomogeneity, which contains the current loadings, is (2.54).

M- c=5 (2.52)
!
g= (Q(vll Lo dNED PR QS/N]Z) (2.53)
G (1 2 !
s=(0 aly, 0 A%, ) (2.54)

45



2.1. Analytical Multi-Layer Model

Rihe —Ro, 0 0 = 0 <RS0 0
Rive —Ry, 0 0 - 0 <RA, 0 0
M= 0 Bszlk *Eﬂ,k 0 0 Béz)vk *Egi‘k 0
0 R, R 0 - 0 RY, -RD, 0

(2.55)

The solution vector Cs,) directly contains all non-zero coefficients, from which the field
quantities are calculated for the pair of orders {Vv, k}. Solving the large linear system of
equations requires computational software. Both a script-based implementation in MAT-
LAB and an object-oriented software package in Python 3.9 have been developed and are
used in parallel for the calculations. If solved with a numerical scheme, the precision
of the solution is limited by the data type’s maximum number of digits. Alternatively,
a computationally expensive, symbolic calculation, e.g. with MATLAB, can be carried
out for small models. The comparison of both solutions reveals negligible inaccuracies
of numerically obtained solutions (maximum order of magnitude for relative deviation of
coefficients: 10710).

2.1.7. Power Transfer Between Layers and Torque

The radial power transfer between and within layers is calculated by means of the Poynting
vector S = E x H, which locally characterises the power density’s magnitude and the
direction of the power flow. The Poynting vector can be evaluated along an arbitrary curve
¢, while the choice of ¢ as circle is appropriate for the cylindrical model, Fig. 2.1. Since
the electric field E has only a z-component, it is only the circumferential component of

the magnetic field strength that contributes to the radial power transfer, (2.56).
S, =8¢ =[E-&x (H & +Hy &) & =—E-Hp (2.56)

Both field strengths can be expressed in terms of the vector potential A based on (2.12),
(2.31). In terms of the Fourier series representations, the radial component S, of the

Poynting vector evaluates to (2.57).
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S . 1) = —% A 9.0)-0,A(r, 9.1)
L.

R Z Z [Jk~ s ‘Av,k(r)] . [(%Av/,kf(r)} L @l(vHV) o+ (k+k) o 1]
“ kk'=—oo v,V'=— !

(2.57)

The radial power transfer through a cylindrical surface with axial length L involves the
integration over the entire circumferential angle, where relation (2.58) can be used. §; ; is
the Kronecker delta. o

/0 V4o =215, (2.58)

The instantaneous power transfer through the surface at radius r is then calculated as
(2.59).

1; 21
P,(r,t)z/ dz/ dor-S,(r, @, 1)

= 2SN Gk Ay g (9] [BAy ()] -SRI

k k' =—o0 V=—00

(2.59)

The expression can be further simplified if the time averaged power P is considered. Here,

(2.60) is used to eliminate the time order k’.
1 T /
? /() e]<k+k Jout dr = Ek«,_k (2.60)

The average power P is calculated as (2.61).

T
7r):%~/ P(r,1)dt

27rr -
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(2.61)
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2.1. Analytical Multi-Layer Model

The dissipated power within one layer with index n due to eddy currents is calculated as
the difference of the transferred power at the inner and outer radii rn=1) and r® of the
layer, (2.62).
P = | P(r)) = P(r- 1)y (2.62)
d,Ft — .
)

The calculation of the electromagnetic torque for only two current loadings (e.g. Ag
representing the field winding’s fundamental, Ag) the stator winding’s fundamental in
Fig. 2.1) is suitably calculated by means of the Lorentz force acting on one of the current
loadings. The tangential force on current loading Aglz) at radius r,, is (2.64). Here, oy is the
local specific thrust, (2.63), and A denotes the cylindrical surface of the layer boundary

with current loading Aé"g The electromagnetic torque is then calculated as M. = rn) -Fq(,">.

o (9) = AL)(9)-B,(+"), 9) (2.63)

2
B = [ a@a= e [Tl o) B0 g)dp @b

The average specific thrust o is defined as (2.65) and is a measure for the electromagnetic

utilization.
Me

Ot= ——H
27t~rr20-li

~Aes Bs 1 (2.65)

The number of current loadings generally becomes high if both rotor and stator windings
are represented by several layers, and if more space orders apart from the fundamental are
considered. In this case, the air gap torque is suitably calculated based on the Maxwell
stress tensor, similar to the calculation for numerically obtained results in Sec. 2.2.3.
The integration is approximated by the evaluation of the circumferential force density,
fo =By -Hgp in (2.101), for N > 100 points at the average air gap radius rs, Fig. 2.3 a).

2.1.8. Flux Linkage and Induced Voltage

The flux linkage in the analytical layer model is calculated from the vector potential A, as
discussed in Sec. 2.2.2 for the H-A-formulation. Since the representation of the winding
by ngpi¢ current loadings is just an approximation, Fig. 2.3 b), the averaged value of
the vector potential across the actual extent of the winding window A(t) is used for the
calculation, (2.66).
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Figure 2.3.: a) Exemplary visualization of the analytically calculated specific thrust over
two poles (one basic winding scheme) for several time instants. The dashed line represents
the average braking (negative) specific thrust of 6y ~ —125kN/ mZ2. b) Visualization of
the grid in one stator coil side, which is used for the evaluation of the flux linkage v,
Sec. 2.2.2. The cross section of the coil side is indicated by the white shaded region.
Black lines represent field lines, red lines represent seven layer boundaries with current
loadings.

The vector potential is evaluated at Ny, points (Fig. 2.3 b): Ny, = 100) within the coil

side’s cross section.
A

() =A(t) I = Ny & Aq(r) (2.66)

The flux linkage is calculated for ny time steps after solving the multi-layer model (2.52)
by propagating the solution coefficients in time. From the set {y/(#,)},n =1, ..., nt, the
discrete Fourier transform ¥ is calculated. The spectral representation of the induced
voltage is obtained via (2.67). The inverse DFT yields the inner induced voltage in the
time domain.

Uiy =jk- o % (2.67)
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Numerical Models of Rotating Electrical Machines with Superconducting Windings

2.1.9. Model Limitations and Circumferential Variation of Material

The

Properties
major limitations of the analytical multi-layer model are:

* The non-linearity of the B(H )-relation of the ferromagnetic parts is not included.
Local flux densities in ferromagnetic regions and in their near vicinity are not cor-
rectly predicted in presence of significant iron saturation. Regarding preliminary
design considerations, this shortcoming is not of major importance if sufficiently

low average flux densities are ensured.

In presence of ferromagnetic teeth and / or ferromagnetic pole cores, both the per-
meability pt and the conductivity k vary in circumferential direction. Highly satu-
rated iron pole cores, which are typical in case of superconducting field windings,
justify an approximation with y = 1 for eddy current loss calculations. However,
the variation of k between the pole core and the inter-pole gap yields large devia-

tions of the calculated eddy current loss, if not incorporated in the analytical model.

Two approaches for a partial relief of these limitations are considered:

2.2.

* An equivalent stator current loading can be extracted from a series of magnetostatic,
non-linear finite element simulations, Sec. 4.3.2. This current loading includes the
effect of the iron saturation and the circumferentially varying reluctance to some
extent.

e The variation of u and k can be included in the analytical multi-layer model if
their Fourier series representation is used. This leads to a set of coupled differential
equations, which can be decoupled, if a planar approximation, i.e. neglect of any
curvature effects, is applied. This approximation is justified for large direct drive
generators with comparably high pole count and, hence, small curvature effects per

pole pair. Details of this model extension are described in [O14].

Numerical Models of Rotating Electrical Machines with
Superconducting Windings

In numerical models, both complicated geometries with low degree of symmetry and non-

linear material properties can be incorporated. The commonly applied technique to solve
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for electromagnetic field quantities is the finite element method (FEM), Sec. 2.2.1. From
the field solution, aggregated quantities, e.g. the electromagnetic torque and induced volt-
ages, can be derived, Sec. 2.2.2, 2.2.3. The calculation schemes are already implemented
in software solutions for standard applications, e.g. JMAG and FEMM. However, in order
to explicitly model superconductors’ material properties, FEM models are built based on
fundamental equations as part of this thesis. In these cases, any of the calculation proce-
dures must be implemented manually, e.g. in COMSOL Multiphysics. These models are

i.a. used for the calculation of the AC loss in superconductors, Sec. 2.2.4.

2.2.1. Finite Element Method for Electromagnetic Problems Involving
Superconductors

In finite element models, the calculation domain is divided in a set of elements, in which
the field quantities are described by a linear combination of basis functions. The accuracy
of the spatial discretization is determined by the number of elements as well as the kind
and order of the basis functions. Sec. 2.2.1.3 summarizes the element types that are used
in this thesis. The problem of determining the field solution in the calculation domain is
reduced to finding a solution for a finite number of variables per element. This is done
by assembling a global stiffness matrix representing the system of equations. In case of
transient analyses, the evolution in time is discretized by time stepping with finite step
width Az. A sufficiently small time step is crucial for an accurate calculation of eddy

currents and of the superconducting current density distribution.

Several formulations for electromagnetic problems exist, which differ with respect to the
quantity to be solved (state variables). One choice consists in a direct solution for the
field quantity of interest, e.g. H. Alternatively, potentials can be introduced and solved
for [31]. This approach involves a subsequent calculation of the field quantities from the

respective potential.

Most of the software solutions for electromagnetic standard applications, e.g. JMAG and
FEMM, employ a vector potential approach. In case of problems with eddy currents, a
combination of the vector potential A and the electrostatic potential ¢ is required (A-¢-
formulation [O15]). For constant conductivities k in the conductive region, an approach
based on a modified vector potential Xmod alone is also possible [31]. Details can be
found in [O15]. The vector potential based approach is computationally efficient in pres-

ence of non-linear iron, but exhibits poor convergence behaviour in case of non-linear
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E(J)-relations of superconductors, Sec. 2.5. Moreover, the A-formulation allows for a
simple incorporation of rotation periodic boundary conditions, which are required for the
simulation of generator sector models. In this thesis, this formulation is used for mod-
els, where superconducting windings are approximated with a homogenized, impressed

current density J.

For an explicit modelling of superconductors, the H-formulation has been applied suc-
cessfully in various cases, e.g. in [218]. Here, the specific resistance p = k! enters
the equations rather than the conductivity k, as is the case for the A-formulation. For
J = 0 in the superconducting region, the specific resistance is finite, i.e. p = 0, whereas
the conductivity diverges, i.e. kK — oo, which hampers the convergence significantly. The
advantages of both A- and H-formulations can be exploited if combined in a coupled H-
A-formulation, Sec. 2.2.1.1.

An alternative approach, which also circumvents the use of x in the constituting equa-
tions, is based on the current vector potential T [82]. It is suitably coupled with the
A-formulation of the normal conducting part of the calculation domain, yielding the 7T-A-
formulation, Sec. 2.2.1.2. If the T-formulation is employed in conjunction with a thin-
sheet approximation for high aspect ratio HTS conductors, it enables a simple coupling

together with a significant reduction of degrees of freedom (DoFs).

The choice of the formulation determines, whether the non-linear magnetization behaviour
of ferromagnetic materials is incorporated by either a B-dependent reluctivity v(B) (A-
formulation) or an H-dependent permeability p(H) (H-formulation). The material spe-
cific, characteristic curves of relevant materials are summarized in App. A.3.1. Available
data from data sheets and measurements typically cover only the range up to B =~ 2T,
which is generally exceeded in superconducting generators up to B > 5T. Therefore, an
extrapolation scheme with correct behaviour in the limiting case B, H — oo is required, as
described in App. A.3.1. An important restriction on the accuracy of the numerical so-
lutions is that the hysteresis in ferromagnetic parts is not directly incorporated, such that
any phase shift between H and B is neglected. Instead, an iron loss estimate including

hysteresis losses is obtained as part of the post-processing via appropriate loss formulas.

Here, irrespective of the used software, the iron loss is calculated from the (empirical) Jor-
dan model (2.68) for the gravimetric loss density pqy re [98]. The coefficients are extracted
from fits to manufacturer data [221] as kpys; = 1.353 W /kg and kg, = 0.528 W /kg. The
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empirical pre-factor is chosen as ky = 1.6 and accounts for manufacturing related effects
at the edges of steel sheets, which increase the overall iron loss [23]. A model with an ad-
ditional contribution due to the movement of magnetic domain boundaries was proposed
by Bertotti [21]. It is especially useful for grain-oriented steel sheets. In case of rotational
fields, like in the considered generators, no grain-oriented steel sheets are used and the
Bertotti loss effect is rather small (< 10 %). Further, this model extension does not relieve
the main model limitations, i.e. the neglect of hysteresis and the uncertainties regarding
the manufacturing induced degradation. For these reasons, the simpler Jordan approach is
used, since it fits well to manufacturer data. Generally, the iron loss is of minor importance
in direct drive generators due to the low frequency f; ~ 5...10Hz, and does also play a
subordinate role in medium speed generators with normal conducting stator winding.

_ B\ ( f BN (_f Y
pd,FekV'[khyst'(lT) "(50@>+kﬂ'(ﬁ) .(50H2>

(2.68)

The fundamentals of the A-formulation and the H-formulation are summarized in [O15].
Based on this, the H-A-formulation and the T-A-formulation are discussed in the following

subsections.

2.2.1.1. H-A-Formulation

The general concept of the coupled H-A-formulation is visualized in Fig. 2.4 for 2D mod-
els. Within the sub-domain Q;, the A-formulation equations [O15] for two dimensions
are solved. In £, the H-formulation equations [O15] are solved. The coupling between
the problems is achieved by imposing weak contributions at the coupling boundary I'¢oypi-
In the following, x, y and z denote the Cartesian coordinates in the laboratory frame of
reference. X, Y and Z denote the Cartesian coordinates in the rest frame of the coupling

boundary, which rotates with an angular frequency €2 in the general case.

The tangential magnetic field H; is evaluated on I¢op and prescribed for the A-
formulation part. It is determined by using the tangential vector to the coupling bound-
ary 7, (2.69).

— — - — —

H=7-H H=v(B)-B, B=VxA (2.69)

Based on the weak form of the A-formulation [O15], the weak contribution (2.70) with

K = Hy and scalar weighting functions ¢ is imposed. Here, I¢qypi is part of the generalized
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boundary section I'y with prescribed magnetic field.

/ U-HdI'  in A-formulation part (2.70)
J Leoupt

In the H-formulation part, the tangential electric field is prescribed on I¢oyp- The electric
field E7 on I¢gyp is obtained from (2.71) in the boundary’s frame of reference, which is
rotating in the general case. The magnetic flux density is obtained from By = dy A; and
By = —dx A; in the rest system of I¢oupl- The contribution Ero is zero for sub-domains
that are stationary in the laboratory frame (£ = 0). In rotating regions, subtracting Ey
ensures that the proper electric field in the rest system of the rotating boundary is imposed
[27].
Ez = —atAZ — Erot
2.71)
= —atAz—[,L-.Q-(X~Bx+Y~By)

Based on [O15], the electric field is imposed in the H-formulation part as weak contribu-
tion (2.72) on the coupling boundary. B = 8 -7 = (9 -7) -7 denotes the part of the testing

functions, which is tangential to the coupling boundary.

/ d. (ixE) dr= 5t~(—EZ-?)dF:—/ E; ®dl (272)
Teoup! R , Ic

coupl J Leoupl
in tangent plane

EZ on I_énup]
Qsc
Qsc |
= +
Ht = FI? on r&oupl
coupled A-formulation part H-formulation part

H-A-formulation

Figure 2.4.: Schematic of the coupling between the A-formulation and the H-formulation
parts. The H-formulation part comprises the superconducting region, whereas the A-
formulation part contains the ferromagnetic regions and the sliding boundary between
stator and rotor in time stepping simulations. (2gc: superconducting domain, €2, £2;:
normal conducting domains)

Integral constraints of the form (2.73) [27] are used to impress a transport current in the su-
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perconductor, while allowing for an inhomogeneous current density distribution J; (x, y, t).

I = / Jo(x,y,1)dQ (2.73)

sC

A sufficiently fine space and time discretization together with comparably strict conver-
gence criteria are required in order to achieve a proper coupling. In case of larger models,

this increases the required computation time significantly.

2.2.1.2. T-A-Formulation

An alternative approach for the numerical simulation of problems involving supercon-
ductors consists in the T-A-formulation, first introduced in [238, 132]. Since then, the
T-A-formulation has been successfully applied to a variety of 2D and 3D problems and
was successfully validated against experimental data [216, 82, 19, 167]. However, there
is an ongoing discussion on the differences between the T-A- and the H-A-formulation
and on the applicability of the T-A-formulation for high frequency problems. Since the
latter point does not affect the applicability of the T-A-approach to electrical wind gener-
ators with f; ~ 10°...103 Hz, the studies based on the H-A-formulation, Sec. 2.2.1.1, are

supplemented by analyses that use the 7-A-formulation.

The motivation for the T-A-formulation consists again in the need to exclude the highly
non-linear E(J)-relation from the A-formulation part while solving for the vector poten-
tial A in non-superconducting regions to improve computational efficiency and the ease
of implementation. The system of equations must therefore rely on the specific resistance
psc with pgc — 0 for J — 0. In case of the H-A-formulation, the domains with differ-
ent state variables (either A or H) are spatially separated and coupled via their common
boundary, Sec. 2.2.1.1. In contrast, the 7-A-formulation requires to solve for the vector
potential A in the entire model domain. The current vector potential T is additionally
solved for in the superconducting sub-domain and is coupled to the A-formulation part.
The non-linear E(J)-relation can therefore be ,,outsourced* from the A-formulation part
to the T-formulation part, while the field exciting effect of the superconducting currents

enters the A-formulation part by the mutual coupling.

In the following, the entire model domain is denoted by 2 and the superconducting do-
main is Qgc C Q. The equation to solve for Ais Ampere’s law (2.74), while the current

density J enters as ,external“ source term, whose connection to the electric field strength
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E is not defined within the A-formulation part in the superconductor.
V x (v(B)~V><Zf> =7 2.74)
The current vector potential T is defined by (2.75) in the superconducting model domain.
VxT=J (2.75)

Together with the numerically manageable material relation E= psc(/, E) -J, the equation
to solve for T is Faraday’s law (2.76). The magnetic flux density (and its derivative with
respect to time ¢) enter as ,,external® source terms that are obtained from the A-formulation
part.

V x (pSC (J,B)-V x T) — 0B in Qgc (2.76)

Given the solution A, the magnetic flux density is obtained from B = V x A while the
solution of the T-formulation part yields the current density J=VxT inturn. In this
sense, the A- and T-formulation parts exchange the current density J and the magnetic
flux density B, Fig. 2.5. The consistent solution {/_{, T} can be obtained by coupling the
partial models, which was done here in COMSOL Multiphysics. The field-dependent, non-
linear resistance characteristic psc(J, E) of superconductors is described by means of the

relations in Sec. 2.5.

— 7
B=VxA
coupled A-formulation part T-formulation part

T-A-formulation

Figure 2.5.: Schematic of the simulation domains for the coupled T-A-formulation. The
numerical scheme solves for the magnetic vector potential A in the entire domain £2 and
for the current vector potential 7 in the superconducting sub-domain Qgc.

The T-A-formulation is usually used for HTS tapes in combination with the thin sheet
approximation in the limit of zero cuprate layer thickness dyts — 0. This approximation

is motivated by the typically large aspect ratios wy/dyrs ~ 103...10% It is simple to
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implement and computationally efficient, if the current vector potential T' is used. If the
cuprate layer is modelled without finite thickness (drs — 0), the current density J cannot
exhibit any component that is normal to the tape’s wide face with width w;. Therefore, the
current vector potential T is normal to the current carrying sheet, so that (2.77) holds with

7i as normal unit vector of the tape’s wide face, Fig. 2.6.

—

T=T7 (2.77)

thin sheet approximation

Figure 2.6.: Schematic of the section of a HTS tape with infinite length in z-direction: The
thin sheet approximation dyts — O reduces the dimensionality of the modelled tape. For
2D problems, the current vector potential must be calculated on a line and is scalar-valued.

The task to solve for the vector field 7' in a finite volume is therefore reduced to the
determination of one scalar-valued unknown variable 7 in the sheet. In the following,
2D cross sectional models are considered, where the components of the current vector

potential in Cartesian coordinates are defined by (2.78).

T,=T-¢,=T-(i-&) =T n,
. (2.78)
=T ¢ = -(n~ey):T-ny

The restriction of 7' to a normal component in the thin sheet approximation implies that the
current density in the superconductor cannot change in the direction that is perpendicular
to the tape’s wide face with width w;. Therefore, the T-formulation sub-model receives
only the normal component of the flux density from the A-formulation part for the pur-
pose of coupling. Still, the actual flux density B = (By, B;)', including also the tangential
component B, is used for the determination of the critical current density J. = (T, B),
Sec. 2.5. The excitation of the tangential field component B; by the superconducting
currents in the exterior of the superconducting sub-domain (which is the domain with

A-formulation only) is represented by a surface current boundary condition.
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For the 2D model with E = E; - &, and B, = 0, the projection of Faraday’s law to the wide

side’s normal direction is (2.79) [238] (ny =7i- €y, ny =1i-¢)).
(OyE:) -ny — (xE;) -ny = —u - 0 [Hy-ny+Hy - ny] (2.79)

Based on (2.75), the current density J; and the electric field strength E; in (2.79) can be
written in terms of the current vector potential 7', (2.81), using psc = PHTS-

J. =0Ty — 9T = 0k (T -ny) — 0 (T - ny) (2.80)
E; = purs([:|, B) - J. = purs (2|, B) - (0x (T -ny) — 0y (T - ny)) (2.81)

The derivatives in (2.80) and (2.81) reduce to the tangential derivatives due to the thin sheet
approximation. In this case, the 7-formulation part involves boundary partial differential
equations. For the implementation, it is convenient to introduce the tangential derivative

operator of vector-valued functions (2.82), where 7 is the normal unit vector of a boundary.
V() =(1—-i®i) V()= ([e7)- V() (2.82)

For the considered 2D problem and a Cartesian coordinate system, the tangential deriva-

tive operator is (2.83).

—nx~ny-3x+n)2(-3x

2.9 —pom -
V() = ( y - O =iy 1y Oy > B (2.83)

In COMSOL Multiphysics, the general form of boundary partial differential equations of
the Coefficient Form Boundary PDE module for a scalar-valued state variable u is (2.84).

ea-Putdy-dutVr <—c-vTu—6¢-u+f>+B.VTu+a-u:f (2.84)

Equation (2.79) can therefore be implemented by specitying (2.84) to (2.85). The variable

section contains the definition of E in terms of the current vector potential 7'.
ea=dy=c=a=0, a=p=0

- —E.-ny _ (2.85)
= < ‘ }>7 fZ*Mat [Hx'nx+Hy'ny}

E;-ny
The surface current densities A ; at the edges I'yTs, which represent HTS tapes, are im-

pressed in the A-formulation part by means of weak contributions (2.86), based on the
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weak formulation described in [O15]. ¥ denotes the scalar valued test functions.

V- Ae dI’ (2.86)

JTrs

The value of the surface current density Ae ; is the current per unit length along the tape’s
wide side with width wy, (2.87).

Ae.; = dyrs - -, with J. from (2.80) (2.87)

The impressed transport current in the superconducting tape I; is expressed in terms of the
current vector potential 7, (2.88). The net transport current is only related to the current
vector potential’s values at either end of the tape, Fig. 2.7. Equation (2.88) is implemented
by means of Dirichlet boundary conditions for the 7-formulation sub-domain, i.e. for each
HTS line segment separately. This is a significant simplification compared to the integral
boundary condition (2.73), that is applied in the H-formulation.

Il:/ T-iigdQ = (fo).ﬁgdg
Qurs Qurs

= T.-7rdll = T -7rdl + T, -frdlr  (2.88)

9Qurs Jeatcey Jey+ces

= (T1 — T») - durs

The cuprate layer thickness dyts in (2.88) is not a meaningful quantity for models in-
volving the thin sheet approximation dyts — 0. However, (2.88) implies 7" ~ dﬁTls and
therefore J; ~ dﬁ%s for fixed transport current /;. Together with (2.87), this yields a field-
exciting surface current density A ., that is independent from dyts. The proportionality
of the AC loss Py urs ~ duts * Jz, (2.111), also reflects the arbitrariness of the considered

value of dyrs.

HTS cross section Qurs
Ti1 o
et N 7
L ’ .
. I3 J @\‘ L7 | Th, I({HTS
7}1.2 E‘ N I A ;‘
: Ti 2 :

Wt

Figure 2.7.: Schematic cross section of one HTS tape with current vector potential T and
superconducting current density J. The net transport current is fixed by the specification
of T =T, at either end of the tape in the thin sheet approximation.
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2.2.1.3. Meshing and Implementation of Boundary Conditions

The basis (resp., shape) functions for the interpolation within elements are chosen in ac-
cordance with the state variables to solve for. For the A-formulation part, first- or second-
order nodal Lagrange elements [125, 32, 31] are used. First-order nodal elements are the
default in FEMM and JMAG and cannot be changed here. In the 2D H-formulation part,
which involves the superconducting domains, first-order Nédélec edge elements [154, 33]
are used, Fig. 2.8. Edge elements are particularly suitable to model discontinuities and
strong non-linearities in material properties [154] and obey by definition VH = 0 within
the elements [26]. As an example, the basis functions are visualized in Fig. 2.8 for a

triangular 2D element.

Table 2.1.: Summary of used FEM software, formulations and of element types.

software state variable element type

JMAG 20 & 21 A first-order nodal
CFEMM 42 A first-order nodal
* COMSOL Multiphysics 6.0 A first- or second-order nodal

A
H first-order edge
T second-order nodal

) A customized version with implementation of additional boundary conditions is used.

le > > v xS
e s v v "

IR A e
IR A

I

Figure 2.8.: Exemplary visualization of the basis functions in first-order edge elements,
which are used for the H-formulation part of 2D FEM models.

The element types and the used software in this thesis are summarized in Tab. 2.1. Con-
vergence analyses towards a finer mesh and shorter time steps in case of transient models
are carried out with respect to the torque, the eddy current loss and the AC loss in super-
conductors (convergence limit of 103 for relative change).
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All boundary conditions are applied in terms of the vector potential A. Periodic (resp.,
anti-periodic) boundary conditions are applied for generator sector models comprising an
even (resp., uneven) number of magnetic poles, (1 — 1/, 2 — 2" in Fig. 2.9). The sector
models comprise one pole in case of integer slot windings and symmetric rotor poles,
Fig. 2.9, and more poles for fractional slot windings, e.g. two poles for ¢ = 1/2 slots
per pole per phase, or magnetic asymmetries, i.e. shifted (resp., rotated) rotor poles or
redundant feeding (Ch. 6). Dirichlet boundary conditions A, = 0 are assigned to the
radially inner and outer model boundaries, which eliminate the ambiguity of the solution
for A;. In order to cover the continuity, periodicity and anti-periodicity of A; across the
rotation line (3 — 3’, 4 — 4’ in Fig. 2.9), a mapping function is implemented, which

selects the appropriate condition per node, based on the rotational angle.

Figure 2.9.: Schematic of
the boundary equations in
case of a sector model
of the generator, which
comprises one pole in
case of an integer slot
stator winding, see e.g.
App. A.6. Both boundary
conditions and continuity
equations on the rotation
line are implemented in
the A-formulation part.

2.2.2. Induced Voltage

In standard FEM models, e.g. models in FEMM and JMAG, pre-implemented calculation
routines for the flux linkage v, the ,,inner* or outer induced voltages u;, the electromag-
netic torque M. and the ohmic loss exist. In contrast, custom implementations, which
allow for an explicit modelling of superconductors, e.g. in COMSOL Multiphysics, re-
quire a manual implementation of these calculations, which are described in this and the
following subsections 2.2.3,2.2.4.

The flux linkage y of one region, i.e. the cross section of a conductor, is computed

from the vector potential A, which is however only defined in the A-formulation model
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2.2. Numerical Models of Rotating Electrical Machines with Superconducting Windings

parts. In case of the H-A-formulation, the calculation of the flux linkage for supercon-
ducting winding turns requires an additional determination of A; in the sub-domains with
H-formulation. For this purpose, an additional state variable U with governing equation
(2.89) is defined. The current density J; is known from the solution of the H-A-formulation
problem in the entire model domain. The boundary conditions and continuity conditions
of the A-formulation part apply similarly for the problem with state variable U. The solu-

tion for U is the z-component of the magnetic vector potential in the entire model domain.
— (0 (v(B)-0xU) 49y (V(B) -0, U)) =J; (2.89)

The flux linkage of any point in the modelled domain can be defined by considering a
conductor loop I', Fig. 2.10, with returning conductor at radius » — c. For r — oo, both
the potential U and its spatial derivatives vanish, (2.90).
lim U =0, lim o;U =0,i € {x,y} (2.90)
r—yo0 r—roo
The flux linkage of the loop I (N = 1 turn) with some magnetic flux density B in the

modelled domain can be expressed in terms of the vector potential U = U - &,, (2.91),
where Q is the surface that is bounded by I".

Stokes'

w:/ Eﬁgdflz/ (Vxﬁ)-ﬁgd(z‘heg"m/ O.frdl=U-L (291
Q Q I'=0Q

cross section of winding turn

coil coil
side A side B
a
) b)
'/ui‘c
coil side A

I3

Figure 2.10.: a) Schematic of the curve for the calculation of a conductor’s flux linkage
v and the ,,outer* induced voltage u; = —d; y/(r) after solving for the vector potential A.
b) Schematic of the considered coil.

If conductors with finite cross section A; are considered, the flux linkage is suitably aver-
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aged as Y(r) over the respective region (index k), similar to Fig. 2.3 b). Applying the time

derivative yields the ,,outer” induced voltage, (2.92).

1
Ui o k(1) = =0 W (t) = —1;- o <X '/A U (7,1) dA> (2.92)

The induced voltage in a coil side, Fig. 2.10 a), with N, turns is calculated as the sum over

the induced voltages in all associated regions k =1, ..., N, (2.93).
& AorB
Ui ¢ (l) = Z Ui c k (l‘) = Miﬁcor (t) (293)
k=1

The induced voltage in the entire coil, comprising coil sides A and B, Fig. 2.10 b), is
calculated as the difference of the induced voltages (2.93) for A and B. If the actual coil
with N, turns is approximated with an equivalent coil with # turns, a scaling according to

(2.94) is applied for the induced voltage and the flux linkage.

()= "¢ (b ()~ () 294

In order to validate the calculation scheme, the stator flux linkages of a fully supercon-
ducting generator (Ch. 7) are compared to a magnetostatic model with a pre-implemented
calculation scheme and without explicit modelling of the superconductor, Fig. 2.11. The

differences are very small, i.e. relative deviation of < 0.03 % for the peak value.

150
s Figure 2.11.: Com-
T 100 | H—A—formulation parison of  the
t= calculated flux link-
@ gl U ages of phases U,
= v V, W, obtained from
—W .
= 0 - a series of magne-
= magnetostatic| togtatic  simulations
o = (FEMM) and by
501 o U
% means of (2.91) for
.= oV .
= o W the manually im-
L_E -100 + plemented, coupled
H-A-formulation
-150 (COMSOL Multi-

physics).

time ¢t/Ty, —
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In case of the coupled T-A-formulation, the magnetic vector potential A; is directly ob-
tained in the entire model domain. The flux linkage of one turn in one coil side A of
the superconducting coil w/* can be obtained by averaging the magnetic vector poten-
tial A, along the edge IfjTs, which represents the tape of width wy. Multiplying with the
magnetically effective model length in the out-of-plane direction yields the flux linkage
of the straight conductor section y, (2.95). The induced voltage is again calculated as
u; = —o y.

q/:li-XZ:li-i- A -dI (2.95)

Wt JIirs
2.2.3. Electromagnetic Torque

Two frequently used methods for the calculation of the electromagnetic torque in the air

gap consist in

1. the integration of the Maxwell stress tensor over a surface surrounding either the
stator or the rotor [169] and

2. the computation of nodal forces by applying the virtual work principle [41].

The evaluation of nodal forces is difficult in the present case, where the covered domain
comprises two different types of elements, i.e. nodal and edge elements. Therefore, the
surface integration method 1. is applied. The Maxwell stress tensor in the general form for
Ny dimensions, (2.96a), (2.96b), comprises contributions from both electric and magnetic
fields.

L4 1 (= = 1
gzso-(E@E—7~E2~]I)+—~(B@B—f-Bz-]I) (2.96a)
- 2 Mo 2

1

1 1 L.
Oij=¢&- (Ei‘Ej_E‘EZ.Sij)ﬁ_m. (Bi'Bj_E'BZ'éij)v l7j€{1,,.,7NM}

(2.96b)

The volumetric, electromagnetic force density can be written in terms of the Maxwell

tensor’s divergence and the Poynting vector S=E xH, (2.97).
F=Vo-g&-u-9S .97

Since the forces due to magnetic fields dominate those of electric fields (influence of E )

and all field quantities vary slowly (influence of S), the approximation (2.98) holds with
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2.2. Numerical Models of Rotating Electrical Machines with Superconducting Windings

sufficient accuracy.
- 1 — - 1 2
f=Vg, o —- B®B*§-B I (2.98)

For the application to electrical machines, g is suitably written in cylindrical coordinates
(r, 9,2),(2.99).

o~ {1 (B2 -BY) a0+ 5 (By—B) g 2p 4B, By (8020 1+ 07)
o~ 12 ® 7 \Bo—Br)-eo¢g ® pTep
(2.99)
The closed surface area of the considered volume corresponds to the closed curve I" in
the cross-sectional 2D model with axial length /;. Therefore, the curve I" in Fig. 2.12 is
considered for the integration to get the resulting force per volume. For the cross-sectional
model, the integration along the path I + I3 + I3 + I yields the electromagnetic force per
unit length (axial length /;), which acts on the stator section. The total force is calculated
as (2.100).
(2.100)

Figure 2.12.: Schematic
cross-sectional view of
one pole pair of an exem-
plary fully superconduct-
ing generator with inte-
gration path used for the
derivation of the electro-
rotor magnetic torque Me.

As the contributions along the curves I3 and I} cancel out for symmetry reasons, only the
last summand in (2.99) contributes to the circumferential force component Fe . More-
over, the contribution along I3 is zero, since I3 coincides with the outer model boundary,
where B, = 0 due to the Dirichlet boundary condition. This results in the expression

(2.101) for the torque producing force component Fe o with ¢ counted in mechanical
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2.2. Numerical Models of Rotating Electrical Machines with Superconducting Windings

degrees. The force with opposite sign acts on the rotor.
1 2 21/p
Fe,(pz—-li-/ (Br~B(p)-rd(p=p-li-/ (Br-Hy) -rdg (2.101)
Ho 0 0
The electromagnetic air gap torque is obtained by multiplication with the radius r, (2.102).

Me=—p-L-r*. .Zﬂ/pB-H d 2.102
e = —P I 0 (r (p) ¢ (2. )

To validate the calculation scheme, the torque from (2.102) is compared with the pre-
implemented method in FEMM, Fig. 2.13.

TO

1
3
©

—»— H-A-formulation
—6e—magnetostatic

—— H-A-formulation
magnetostatic

1
[\]
|

.‘1

Ne}

ot

&

So

air gap torque M, / MNm
o~
—
air gap torque M, /MNm —

0.5
time ¢/T, — time ¢/T, —

o

Figure 2.13.: Comparison of the numerically calculated electromagnetic torque obtained
from the magnetostatic simulations (FEMM) and by means of the manual implementation,
(2.102), for the coupled H-A-formulation (COMSOL Multiphysics).

The average torque M. differs by less than 0.25 %, while the torque ripple is nearly iden-
tical. The deviation in M, is caused by the eddy current loss in the cryostat wall and the

damper, which is neglected in the magnetostatic FEMM model.

2.2.4. Modelling of Superconducting Windings and AC Loss

Calculation

Technical 2G HTS (ReBCO) and MgB; conductors feature a composite structure. Models

with a high level of geometrical detail imply a large number of DoFs, which inhibits
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full-scale models of coils with many turns. In case of multifilamentary MgB, wires, the
required level of detail is high, as shown in Ch. 7. The surrounding metallic matrix and the
outer sheath must be modelled in the FEM model in order to obtain sufficiently accurate
AC loss estimates. In case of HTS coated conductors, accurate results for the typical
operating conditions in wind generators can be obtained, if only the very thin cuprate

layer (dyts ~ 2...3 um) is explicitly modelled:

* Under normal operating conditions, the fraction of transport current, which is not
carried by the cuprate layer, is negligible.

* The AC hysteresis loss in the cuprate layer largely dominates the entire AC loss in
the coated conductor for the considered frequency range [138]. The loss contribu-
tions were examined in preliminary analyses for a detailed tape model (not shown
here).

In the following, the modelling approach for ReBCO winding stacks is described. If the T'-
A-formulation is used for the description of coated conductors together with the thin sheet
approximation, even large numbers of turns No > 100...1000 can be explicitly modelled
with manageable computational effort. In case of the H-formulation, two approximations

are commonly applied in order to decrease the DoFs:

1. Artificial expansion: In contrast to the thin sheet approximation (dyts — 0), the
thickness of the modelled cuprate layer hge is artificially increased by up to one
order of magnitude compared to the actual thickness dyrs. This reduces the aspect
ratio wy/hsec (w: width of tape, dyrs: thickness of the cuprate layer), Fig. 2.14, and
the required number of elements, if only one element in the normal direction of the
cuprate plane is used. The artificially expanded tape model yields an overestimation
of the actual AC loss if hsec/dyrs gets too large.

2. Homogenized coil models: Based on the assumption, that the current density distri-
bution varies little from turn to turn within one SC winding stack, several turns are
combined in one modelled region of an equivalent coil with nge. turns. The AC loss
deviates little, even for small ratios ngec/N.: = ngec - 1./ Ne, and is only inaccurate

for very low numbers of modelled regions.

These approximations are commonly combined, as schematically visualized in Fig. 2.14.
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I’lLZZ

’

Né = Nc/nL Nsec4

actual coil cross

section (one coil side) equivalent coil

Figure 2.14.: Schematic of a simplified model of a coil made from ReBCO coated con-
ductors. The cuprate layer height dyrs is artificially increased to hge. and the modelled
number of turns ng is considerably lower than the actual number of turns N, per layer.

In this thesis, equivalent coil models are used for both ReBCO field windings and for
ReBCO AC stator windings in fully superconducting generators with ngec /N, = 1/5. The
impressed currents as well as the critical current density must be adapted to the equivalent
coil model. The height of the winding stack w, which is common to the actual and the
equivalent coil, is calculated as (2.103). dy s, is the thickness of the tape, including an
insulation layer, e.g. Kapton insulation: d iso = di + diso, Where dig, is the insulation

thickness with typically djso, ~ 0.1 mm.
w=N, dy s (2.103)

The width of the modelled superconducting region is the same as of the actual width of
the cuprate layer: wgec = wy. The height of the modelled HTS sections g is determined

as fraction dr € (0, 1] of the inter-turn distance A of the equivalent coil, (2.104).

w

Agec = N hsec = dr + Asec (2.104)
C

In order to preserve the MMF per coil side and layer, the impressed current per modelled
region is (2.105). iorig(l) denotes the original current in the real tape (wy, dyrs)-

N

—= - lorig (1) (2.105)

Isec (I) = n
Sec

The cross sections of the actual cuprate layer Ayts and the modelled superconducting

region Agec are determined by (2.106).

Aqts = durts - W, Asec = hsec - Wy (2.106)
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In order to assure the same relative loading with respect to the critical current carrying
capacity, the assigned critical current density Jeq is scaled to Jeg, sec, (2.107). Jeo is the
actual critical current density of the cuprate layer in absence of any external field (B =
0). Besides the scaling of the critical current density, the same E(J)-relation is used as
for the actual conductor. The magnetic field dependent critical current density J.(B) is
determined based on the local value of B.

Anrs Jeo  N¢

Asec Ngec

Jeo,sec = (2.107)

If the H-formulation is used, the AC loss in the k-th explicitly modelled superconducting
region of the equivalent coil model is calculated from the expression for the volumetric
ohmic loss density pg = E-J,(2.108). Lis the out-of-plane length of the straight conductor
section. The AC loss contribution in the winding overhang is generally small due to the

smaller magnetic field.
Poscal)= | pac)dV =L [ (Emyaa=L- [ p(r)-2aa @108
k sec, k sec, k

The total AC loss in the winding stack is obtained as sum over the ng. modelled regions,
(2.109).

Nsec

Pyac(t) =Y Paack(t) (2.109)
=1

Besides locally different current density distributions, inter-turn coupling effects and lo-
cally differing magnetic flux densities, the use of an equivalent coil model with reduced
number of turns nge. does not change the AC loss, since based on (2.106), the AC loss
scales as Py Ac ~ Nsec * Asec ~ Nsec ~ns’eé = ngec according to (2.108), (2.109). The average

current density J; is not changed, since J, = Iec /Asec ~ Naek/Nsak = N

The artificial expansion leads also only via local effects to deviations for the AC loss
estimate. In terms of average quantities, the AC loss scales as Py ac ~ Agec - E; - J;. For
the same relative current loading J; /J., the electric field does not depend on dr, (2.104).
The relations Agec ~ dt and J, ~ dp 1 yield therefore Py ac ~ d% The highly non-linear
E(J)-relation generally leads to a high sensitivity with respect to locally differing current
density distributions, which manifests in an upper bound of dt and a lower limit of rgec
regarding sufficient accuracy. The entire AC loss in the field winding or the stator AC

winding is obtained as sum over all turns per coil and all coils. This loss can be represented
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by an equivalent resistance, which is defined by the equality (2.110).
Rac()-*(t) = Py, ac(f) (2.110)

If the T-A-formulation is used, the instantaneous loss power is directly calculated from
the current density, (2.111). J; is defined by (2.80) on the edge that represents the tape.
The electric field strength E; is also defined on the superconducting edge by (2.81).

Pd,AC(t):L‘dHTS‘/F (E;-J;)dll (2.111)

sc

2.3. Modelling of the End-Winding of Racetrack Coils

The racetrack coil geometry, Fig. 2.15, is considered in this thesis for superconducting
rotor field windings and for preliminary analyses of superconducting AC stator windings
of fully superconducting generators, Ch. 7. The calculation of large-scale generators by
means of 3D FEM models is computationally expensive and therefore limited to singular
analyses, mainly in order to validate approximate calculations by 2D models. Paramet-
ric analyses and numerical optimizations require computationally efficient analytical or
numerical 2D models, where the influence of the end-winding section is included by ana-

Iytical formulas.

Figure 2.15.: Schematic sketch of the equivalent ge-
ometry of a (multi-layer) racetrack coil that is consid-
ered for the analytical calculation of the self induc-
tance. The straight coil sides feature the axial length
ay. For a; — 0, a solenoid coil is obtained, which is
used for the analytical calculation of the end-winding
leakage inductance Ly, of either field coils or stator
coils in case of HTS concentrated windings in fully
superconducting machines.

end-winding section

Due to the simple geometry, the conductor length per turn is calculated with the average
curvature radius 7 in the end-winding section as /, = w-7. In case of superconducting
stator windings, the AC loss in the end-winding section is low, mainly since the external
field experienced in the winding overhangs is small. The relative contribution to the entire
coil inductance is however significant, particularly in case of short axial lengths ay, in case

of non-magnetic pole cores and for large coil spans 2ag, e.g. due to a low number g of
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slots per pole and phase. An accurate estimate for the end-winding stray inductance Ly,

is particularly essential for

« the calculation and adjustment of the power factor and the estimation of the inverter

rating for a superconducting stator winding,
« the calculation of the voltage requirements for the variation of the field current and
e transient analyses, where Lqp, contributes to a limitation of sudden field current

changes (Ch. 6).

The end-winding inductance per coil is calculated by the analytical expression (2.112)
[94]. ap and 7 are defined according to Fig. 2.15.
Mo 7-ad-N?

Lope =G (2.112)

The inductance coefficient G, (2.113), is valid for a solenoid coil, which is equivalent to
the union of the winding overhangs at either end [94, 156]. The calculation is based on the
assumption that approximately no magnetic flux in axial direction in the planes at either
end of the straight section occurs. G depends on the coil span 2ag and on the height of the
coil sides, which can be approximated by T = np_ - w; for the racetrack coil. The separation
into sy, layers is not incorporated with only minor reduction of accuracy. The integral
in (2.113) contains the Bessel function of first kind Jy (x) (order v = 1) and is calculated
numerically (MATLAB & Python).

oo 1 1 e 76
G(ag, T :2-/ Jag-&)-| - +—% |d 2.113
(a() ) o l(ao é) (é T'éz sz 5 ( )

In order to determine the relative contribution of the end-winding inductance and in order
to obtain a reference value for numerical calculations, the entire self inductance of an
air-cored racetrack coil is calculated analytically. This estimate represents a lower bound
to the actual inductance of the racetrack coil in presence of ferromagnetic parts. This
approximate estimate is meaningful, since the iron parts saturate significantly, if exposed
to the high rotor field. The analytically calculated value of L, (2.114), can therefore be
used to estimate the ratio Ly, /Lc [94].

Ho-ag-N? 4po - af - N*

LC:T'(“'a]+n'a0)—w'G(ao7a]71) (2114)
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The inductance coefficient G is defined as (2.115).

Glag, ar, T / / “0"”’5 (a0, a1, ¢, @) (17e—7'5) dpdé 2.115)

The integrals are evaluated numerically by means of MATLAB & Python, where the inte-
grand comprises the expressions (2.116), (2.117).

S(a()valagv(p):
sin (ap - € - si (2.116)
n.Jl(aO.é)-COS(al’é'SiH(‘P))+F(a07§7q))'n(lsilf((p)n(q)))
F(ao,évfp)zz'/o [cos (@) - cos (ag - & -sin (@) -cos (t)) - 2.117)

cos (ag- & -cos(@)-sin(a))]da

The total number of turns N, which is determined by the tape width w; for a fixed MMF,
has major influence on the end-winding inductance Ly, Fig. 2.16 a).
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Figure 2.16.: a) Analytically calculated end-winding reactance X, for AC HTS racetrack
coils. Results are shown for different numbers of pole pairs p and different widths of the
tape wy, where T = wy - n g = 16mm is fixed. b) Share of the end-winding inductance in
the total coil inductance versus number of pole pairs. Narrow tapes imply higher numbers
of winding layers and an accordingly increased number of turns N;. The results in b)
are shown for the stator winding of an exemplary generator with Py = 7MW, 8.33rpm,
rsi =2.2m, p = a, Ne = 512 for wgape = 4mm, Iy ~ 740 A.
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For an exemplary 7MW direct drive, fully superconducting wind generator, the contribu-
tion of the end-winding stray inductance to the entire stator inductance is in the order of
4...9%, based on the analytical formulas (2.112), (2.114), Fig. 2.16 b). For a fixed bore

diameter, Lgp /L. decreases towards higher pole counts, since the ratio /, /L decreases.

A comparison with a non-linear 3D FEM model of a partially superconducting medium
speed generator, Fig. 7.4 in Ch. 7 (HTS field winding), reveals a very good agreement
with the analytical calculation. The numerically calculated value of Ly, shows a strong
decrease due to iron saturation, while matching for rated field current approximately the
analytical estimate for an air-cored coil. As a main finding, the end-winding inductance
plays an important role and must be incorporated, even for the short end-winding length

in case of racetrack coils.

2.4. Modelling of the End-Winding of Distributed Stator
Windings

All normal conducting stator windings of wind generators, that are considered in this
thesis, are made from copper bars with rectangular profile in order to increase the slot fill
factor kcy. Therefore, the geometry of the end-winding section of the coils is well defined.
In this case, approximate analytical formulas exist for the end-winding stray inductance
Lyob, (2.118) and (2.119) [23].

s
Aps = 0.075 - (1 +E) 2.118)
T
2 2
Lsob = Ho - Ny > “ Abs - los (2.119)

The explicit 3D modelling of the stator end-winding section is difficult and requires a
custom implementation of the end-winding path. Still, a parametrized 3D model of the

stator end-winding is implemented for following reasons:

* The magnetic flux densities in the considered generators with superconducting field
winding imply strong saturation effects in the axial iron end regions. The end-
winding inductance shows therefore a dependence on the excitation state of the
generator, which cannot be easily covered by analytical techniques.

¢ A detailed 3D model of the actual geometry allows to quantify the relevance of

end effects in terms of the magnetic field distribution. This question is of particular
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interest due to the large magnetic air gap and in presence of the cryostat wall and the
damper in the axial end sections. A complete end-winding model moreover allows
to analyse the magnetic field conditions experienced by the end-winding sections

of the superconducting field coils.

The parametrized model is implemented in Python with an interface for a transfer to the

JMAG Designer, where the detailed 3D model is built. A general implementation for

arbitrary two-layer windings is used, based on [209]. The winding is specified by the pole

count 2p, the number of slots per pole and phase g and the coil pitch W /7, with coil span

W and pole pitch 7,. The computationally expensive 3D modelling approach is used in

following cases:

* The analytical calculation is validated for selected designs of direct drive and

medium speed partially superconducting generators, Sec. 4.2.2.3 and Ch. 7.

An accurate value for the end-winding leakage inductance is required as preliminary
for dynamic analyses, i.e. sudden short circuit calculations by means of 2D models,
Ch. 6.

The preliminary analyses of a medium speed generator connected to a passive diode
rectifier, i.e. by means of a 2D FEM model with voltage feeding, Ch. 7, require
an accurate incorporation of the end-winding, since the end-winding leakage in-
ductance directly influences the commutation process and hence the stator current

harmonics.

The parametrized end-winding paths of a three-phase, distributed, two-layer winding are

shown in Fig. 2.17 as an example.

Figure 2.17.: Exemplary
visualization of the en-
tire stator winding over-
hang of a generator with
2p =24, Qs =144, m =
3, W /1, =5/6 (two-layer
winding). The colours al-
ternate in favour of a bet-
ter visibility and are not
associated with the three
stator phases.
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2.4. Modelling of the End-Winding of Distributed Stator Windings

The entire path in the end-winding section is split into several path sections, as shown in
Fig. 2.18. The largest part of the path sections lies on involutes of cones with differing
half-angle ¢, for the upper layer and o, for the lower layer, Fig. 2.18 a). These sections
correspond to straight lines in the p-f-plane, which results from the development of the
cone, Fig. 2.20 a) and b) [209]. As the map from the curved surface to the development of
the cone preserves lengths, i.e. it is an isometry, this geometry yields the shortest path on
the cones’ curved surfaces. The mathematical details of the parametrized model are not

described here, but the general calculation procedure is summarized.

Figure 2.18.: Detailed view of

end-winding path [ 0.150 the parametrized end-winding

0.125 path of one form-wound
0.100 | coil from the end-winding
0-0755 in Fig. 2.17 at one axial
0.050 »  end. The colors indicate
0.025 path sections with separate
parametrizations. The black

0.00 crosses represent start/end

points of these sections.

The 3D geometry is specified in two planes:

» The y-z-plane represents a longitudinal cutting plane of the generator, Fig. 2.19.

e The p-B-planes, Fig. 2.20, result from the development of the cones (flattened tan-
gential surfaces) and are therefore separately defined for the upper and the lower
layer, a) and b) in Fig. 2.20.

The general transformation from the radius r and the polar angle ¢ in the cross sectional

plane of the generator to the radius and the angle in the p-f-plane is (2.120) [209].

N C hn e
(g(w):T(l),(;) T(z):(sm (e Sin?ai)> icfoul (2120

The parameters, which are used for the parametrization of the end-winding, are listed
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2.4. Modelling of the End-Winding of Distributed Stator Windings

in Tab. 2.2, where several parameters are directly obtained from the 2D cross-sectional

generator geometry.

center line of the coil
Z

L.,

start/end points
of path sections

Figure 2.19.: a) Center line of the coil’s end-winding section in the projection to the y-z-
plane. The red points indicate start/end points of path sections with separate parametriza-
tion. b) End-winding section in the JMAG Designer, obtained by extrusion along the
parametrized path.

First, the winding section in the p-B-plane of the lower layer, Fig. 2.20 b), is calculated
by requiring that the minimum distance d,,;, between the center lines of neighbouring coil
sides is met. The second condition is that the path section covers half of the coil span in
circumferential direction, before the transition to the p-B-plane of the upper layer occurs.
Based on this, the dimensions in the y-z-plane are calculated by requiring that the start
and end points of the winding path feature the same axial coordinate z. Here, the second
condition is that the radial difference Ar = rgo, — rry must be covered. The section in the

p-B-plane of the upper layer is then fixed by the half-angle o, Fig. 2.20 a).

A very good agreement of the analytical and numerical calculations is found for the end-
winding inductance, as shown for an exemplary medium speed generator design in Ch. 7.

In general, the end-winding can be optimized regarding

1. a minimum conductor length in the winding overhang /s or

2. a minimum axial outreach in favour of more compact generators.
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2.4. Modelling of the End-Winding of Distributed Stator Windings

Since the end-winding parametrization relies on a large set of parameters, Tab. 2.2, the op-
timization is carried out by applying a genetic algorithm in Python for individual designs.
The DEAP framework [65] is used with the pre-implemented functions cxTwoPoint (),
mutFlipBit () and selTournament () for the mating, mutation and selection of indi-
viduals. The minimum conductor length (objective 1) is chosen as criterion in order to

increase the efficiency.

o, = 34.0° oy = 41.0°

0.351 2) _ transition sec-
path SeCtion"s tion bétween
on the conical the p-f-planes
0.301 involute: p-f-

plane of upper

0.251 ldyer
T 0.20 1
g
~
gﬁ“ 015 1
0.10 1
| path éections on éhe
0.051 0.05 conical involute: :
p-B-plane of lower
0.00 - 0.00 1 layer: H
145 150 155 1.60 1.65 130 1.35 140 1.45
J;g)) /m —s !L’I()u) /m —

Figure 2.20.: Developed reference path of the end-winding section for a) the upper layer
and b) the lower layer in the respective p-f-planes for cone angles o, = 34° and oy, = 41°.
The red dots indicate the start/end points of the sections with separate parametrization.
The gray sections are not located in any of the p-f-planes, but represent the transition
between the cones, that are associated with the layers.

The simulation of sector models yields intermittent coils in the end-winding section,
Fig. 2.21 a), where the continuity of the impressed current is ensured by similar bound-
ary conditions as discussed in Sec. 2.2.1.3. Compared to other sub-domains, the stator
winding features a coarse mesh, Fig. 2.21 b), in favour of a reduction of the DoFs. This

is valid, because a homogeneous current density is impressed, without explicit modelling
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2.4. Modelling of the End-Winding of Distributed Stator Windings

of individual conductors or the winding insulation. The current displacement is therefore
not directly taken into account, but approximately included by the formulas of Field and
Emde [22]. The average factor of the increase in resistance is (2.121), which accounts
for the two-sided current displacement in a stack of Nt conductors. The loss functions
(&) and y(&) [22] are defined in (2.122), (2.123) and depend on the ratio between the
conductor height it and the current penetration depth, (2.124).

a8 Ni—1
km=Np' ) k= 0(8) + 15— (&) 2.121)
p=1
. sinh(2&) +sin(28)
o(5) =5 cosh(2&) —cos(2€) (2.122)
B sinh(&) —sin(&)
(&) =2 cosh(&) +cos(&) (2.123)

h b
E="L=hp- |7 fi po-Keu — (2.124)
dg bq

These analytical formulas are validated against detailed 2D FEM models with an explicit
modelling of individual conductor cross sections, e.g. in Ch. 4. A good agreement in the
considered range of the fundamental frequency is found.

Table 2.2.: Fixed parameters for the specification of the end-winding section in 3D models.

Parameters in the upper section are required for the end-winding alone. Parameters in the
lower section are determined from the cross-sectional 2D model.

I axial straight path length in the lower layer, Fig. 2.19 a)

Tk curvature radius at the turning point in the end-winding, Fig. 2.19 a)
o half-angle of the truncated cone of the upper layer, Fig. 2.19 a)

oy half-angle of the truncated cone of the lower layer, Fig. 2.19 a)

7] curvature radius in the p-f3-plane next to the iron stack, Fig. 2.20 a)

r curvature radius in the p-f-plane next to the turning point, Fig. 2.20 a)

dmin minimum distance between the center line of neighbouring coil sides in the
winding overhang, Fig. 2.20 a)

TRu average radius of the lower layer in the y-z-plane, Fig. 2.19 a)

Ro average radius of the upper layer in the y-z-plane, Fig. 2.19 a)

he height of the coil side in the y-z-plane, including the insulation, Fig. 2.19 a)
dy, distance between upper & lower layers, straight coil section, Fig. 2.19 a)
Ow polar angle of the coil span in mechanical degrees

0Q polar angle of the slot pitch in mechanical degrees
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Figure 2.21.: a) Normal conducting stator winding of four poles of a partially supercon-
ducting generator: Extrusion along the parametrized path in JMAG Designer. b) Detailed
view of a single half stator coil of the generator, implemented and meshed in JMAG De-

signer. A rather coarse mesh is used since a homogeneous current density is impressed
and current displacement effects are not directly incorporated.

2.5. Modelling of Superconductor Material Properties

From a microscopic perspective, the behaviour of hard type-II superconductors is gov-
erned by the dynamics and the pinning of magnetic flux vortices. The description in terms
of flux vortices is however not suitable for calculations of problems, which exhibit tech-
nically relevant length scales. However, well established and experimentally validated
calculations have been carried out based on critical state models (CSMs) with equivalent
formulations (2.125), (2.126) [78]. The critical state model with B-independent critical

current density J¢ is called Bean model [16]. The incorporation of the B-dependence
Jo(B) is commonly called Kim extension [78].

0 fE({)=0V¢ <1t
J(t) = (2.125)
Jo else
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2.5. Modelling of Superconductor Material Properties

_ 0 ifB(r)=0
J(t) = (2.126)
Jo else

Key aspects of critical state models are:

* Most analytical calculations are based on CSMs. In particular, most AC loss for-
mulas are based on CSMs.

* CSMs lead to free boundary problems, which require numerical ,,front tracking*
algorithms in case of complex sample geometries. The formulation with variational
inequalities is one approach to determine the superconducting current density dis-
tributions [172].

* There is a sharp transition between superconducting and normal conducting re-
gions. The thermally activated flux flow and the directed flux creep, which play a
significant role in HTS materials, are not represented. The same holds for the cor-
responding relaxation effects, i.e. a redistribution of the superconducting current
over time. The contribution to the AC loss by the flux flow, before the Lorentz force

exceeds pinning forces, can be significant and is not covered.

The latter shortcoming can be circumvented with numerical models, where the sudden
transition between the superconducting and the normal conducting state is described with
a power law for the non-linear electrical resistance, (2.127). E. is a small reference electric
field strength, i.e. typically E. = 10~* V/m = 1uV/cm. B-dependent critical current
densities are usually used, while the exponent is in the range n ~ 10...25, depending on
the material. For large exponents n — oo, the power law relation approaches the critical
state model, Fig. 2.22.

S\ - S\ (n—=1)
= - J J = Ec J
— (1) T = Ee- (b') e el - (%) ('J) @.127)

The exponent 7 in the power law relation (2.127), which characterizes the transition to the

[e>Th

normal conducting state, is generally a function of the temperature and the magnetic field:
n=f(T,B).

The power law relation yields a non-zero loss density pg ac = E-J also for J < J;, which is
associated with the thermally activated flux flow and the directed flux creep. In this model,

inhomogeneous current density profiles, e.g. after a ramping of the transport current,
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2.5. Modelling of Superconductor Material Properties

experience a (slow) transition towards a homogeneous current density over time. The
E(J) material law is well established, validated against experimental loss data, e.g. in
[236], and yields a comparably good convergence behaviour in numerical models due to
the differentiability. A generalization of both, the CSM and the power law model, extend

the relations in Fig. 2.22 by a linear increase of E with J in the normal conducting state.

< 4
ap n=10
2
w3
=
il
2 ) Figure 2.22.: Normalized E(J) power law
S & relations for superconducting materials, to-
%j — gether with the non-differentiable relation of
2R ) the CSM. The E(J) power law approaches the
% CSM for n — oo,
g
—
S)
s 0
0 0.5 1
normalized current density
J/ J(', —

A comparison between numerically and analytically calculated, one-dimensional current
density profiles in a coated conductor, Fig. 2.23, shows similar results. In contrast to
the analytical model, the power law relation also allows for current densities exceeding
Je, which generally leads to higher estimates for the AC loss. The analytical result is

approached for (advantageously) high exponents 7.

The 2G HTS tapes and the MgB, wires, which are considered in this thesis, differ consid-

erably with respect to

« the absolute values of the achievable in-field critical current densities J. (B) and
« the functional form, which characterizes the impact of the external magnetic flux

density B on J.(B).

One main challenge regarding a commercialization of the superconducting winding tech-
nology in wind generators consists in a competitive low cost level. In this regard, ReBCO
coated conductors compete with MgB, wires, Sec. 1.3. Fig. 2.24 shows a comparison of

the conductor price per unit length and critical current /.
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—

normalized current density
J/Je

analytical (Norris)
—— FEM, n=15,1/I.=05
---- FEM, n =121, I/I.= 0.

5

—_
o
i

.

0.0

7

coordinate along the tape’s wide edge

z/mm —

Figure 2.23.: Analytically and numer-
ically calculated current density pro-
file along the wide edge of a HTS
tape, normalized by a (uniform) crit-
ical current density J.. The amplitude
of the applied AC current amounts to
half the critical current . of the tape.
The numerical results are calculated
in JMAG, where the convergence in
the A-formulation is limited to sim-
ple geometries. The analytical expres-
sion is derived in [162]. (tape width:
we = 4.2mm)

Since the MMF scales as @ =1 -N ~ I - I, the relative price p’ is a measure for the price

per MMF of a field coil. The determination of the analytical expressions for the critical

current Io(7, E) as function of the operating temperature 7" and of the external field B

enables a comparison in a wide range of operating conditions. As of today, sufficient

conductor lengths per piece of / > 300...500m can manufactured for both ReBCO tapes

and MgB, wires. The typical prices are listed in Tab. 2.3.

From the comparison, three main findings are derived:

1. MgB, wires must be operated at temperatures 7 < 20K in order to achieve a useful

cryogenic cooling system.

relative price p’ at technically relevant magnetic field conditions B > 1.5T. Other-
wise, the maximum magnetic flux density experienced by the conductors must not
exceed about B é 1...1.5T. AtT = 30K, there is no alternative to HTS conductors.
At T < 3T the MgB, wires outperform the ReBCO tapes in terms of material costs
at T = 20K. The lower operating temperature increases however the cost of the

The cost/performance ratio in case of intermediate external flux densities B ~ 2T
is similar for ReBCO tapes from different manufacturers, even though the tapes
differ considerably with respect to the current carrying capacity. Higher I.-values

are equalized by the higher price. Larger differences are observed towards higher
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2.5. Modelling of Superconductor Material Properties

external magnetic fields.
Since the comparison reveals no clear favourite for wind generator designs, expressions
for the current carrying capacity are derived for two ReBCO tapes and two MgB, wire
types. This allows for a subsequent comparison at actual field conditions in the different

wind generators, discussed in Sec. 4.3.1.

——GdBCO, THEVA TPL2100
EuBCO, Fujikura FESC SCH12
1st gen. MgBs, ASG Columbus
——MgB,, Hypertech Research

150

) —

—~

Figure 2.24.: Comparison of the
price per unit length of ReBCO
coated conductors and MgB,;
wires, normalized by the critical
current I.. p’ is a measure for
the price per MMF and, thus, for
the price of a field coil at fixed
excitation requirements. The
0 1 2 3 4 results are shown for operating

external field B/ T —» temperatures of a) 7 = 30K and
b) T = 20K as a function of the

100

specific price
p’ / (Euro/ (kA -m
g

150 external field B (in case of ReBCO

T coated conductors:  Bl|c, Sec.

. 2.5.1). The underlying prices of
§ /E\ 100 the conductors, Tab. 2.3, and the
a;ﬂ current carrying capacities are
£ based on information provided by
'g = manufacturers.
22 50

g

~

a

‘\\J MgB2
0 1 2 3 4
external field B / T —
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2.5. Modelling of Superconductor Material Properties

Table 2.3.: Price range for commercially available superconducting wires, resp. tapes,
based on manufacturer information. The in-field performance is not reflected by the listed
prices, which are given for the self field (s.f.) only. The field-dependence varies signifi-
cantly among the different types of conductors.

tape / wire price p’
ReBCO tapes (T =77K, s.f.) 100...150(...300) (Euro/(kA - m))
ReBCO tapes (T = 30K, s.f.) 16...24(...35) (Euro/(kA -m))

MgB, wire (1% generation, T = 20K, s.f.)  2.0...4.1(Euro/(kA-m))

In the following, the properties of 2G HTS conductors are discussed in Sec. 2.5.1 and
those of MgB, conductors follow in Sec. 2.5.2. The critical engineering current density
Jee, (2.128), is used for the dimensioning of the winding pack and relates the supercon-
ducting current Igc to the total conductor, resp. tape, cross section Ay, i.e. including all

conductor constituents except for the insulation.

I
Jee = — 2.128
= ( )
The critical current density J¢, (2.129), refers to the superconductor’s cross section Agc

alone, and is used for the AC loss calculations.

I

J =
¢ Asc

(2.129)

The temperature and magnetic field dependence of both, J. and Je, is described with the

same lift factor L(T, B), as discussed in the following.
2.5.1. Current Carrying Capacity of 2G HTS Tapes

2G HTS coated conductors exhibit a layered architecture with biaxially textured cuprate
planes, Fig. 2.25 a). The biaxial texture is achieved during the deposition of buffer layers
on the polycrystalline substrate with random crystallographic orientation. The anisotropic
crystallographic properties of the ReBCO layer translate to a strong anisotropy of the
macroscopic properties, i.e. the sensitivity of the current carrying capacity with respect to
external magnetic fields. To describe this directional dependence, the c-axis, perpendic-
ular to the cuprate planes, is defined, Fig. 2.25 b). It is not necessarily perpendicular to
the tape’s wide side, but may show an inclination with the angle 6 as a result of the pro-

duction process. If an external magnetic field is locally aligned with the c-axis (notation:
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2.5. Modelling of Superconductor Material Properties

B||c), the strongest decrease of the critical current density J. occurs.

By introducing the lift factor L(B), the critical current density can be expressed as (2.130)
with reference to the current density at zero field, i.e. self field only, for the respective
temperature Joq (7).

Je(T, B) = L(B) - Joo (T) (2.130)

One approach to model the dependence on the magnetic flux density is a Kim model with
an elliptical form L(E) according to (2.131) [78, 215]. B) denotes the component of the
magnetic flux density that is parallel to the cuprate planes, whereas B | denotes the com-
ponent that is perpendicular to the planes and hence aligned with the c-axis, Fig. 2.25 b).

= 1
L(B) = @ (2.131)
1 A/ (k~B“)2+Bi
R
a) copper stabilizer b)
silver coating
ReBCOlayer

Figure 2.25.: a) Schematic of a typical, layered tape architecture of 2G ReBCO coated
conductors (not to scale). b) Definition of the c-axis for coated conductors and of the
perpendicular and parallel magnetic flux density components. The c-axis is not necessarily
perpendicular to the tape’s wide side (width wy), depending on the production process.

Hastelloy substrate  bufferlayers

The coefficients k(T'), Bo(T) and o(T) are obtained from fits to manufacturer data, e.g.
Fig. 2.26, and generally show a dependence on temperature 7. Since the flux density
component B |, which is aligned with the c-axis, yields a much stronger critical current
degradation compared to flux density components in the cuprate plane, k < 1 holds for
all HTS tapes. To obtain the parameters J.y, &, k and By, a two-step fitting procedure is
applied:
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2.5. Modelling of Superconductor Material Properties

1. Analysis for BH = 0: Fits to manufacturer data (Fig. 2.28) with a lift factor ac-
cording to (2.132) yield parameters Joo(T), &(T) and Bo(T) as functions of the

temperature.
1

T 5 1@
o

The parameters J.o, By and o are interpolated by a cubic spline interpolation in

L(B.)= (2.132)

order to obtain relations for all temperatures in the relevant range.

2. By comparing the lift factors for either an entirely parallel or entirely perpendicular
flux density, the parameter k(7') can be computed as a function of temperature. The
lift factor for a flux density B that is aligned entirely with the cuprate ab-planes

is (2.133).
1

kB 1%
2]
Dividing (2.132) by (2.133) and solving for k yields (2.134). r, = L(B)/L(B)) is

the ratio of the lift factors, where same magnitudes of the flux density B= B, = B

L(B)) = (2.133)

are considered.

_(B+By\ ,— Bo
k_( = )ﬁ 5 (2.134)

The parameter k(7'), (2.134), is evaluated in the considered temperature range for flux
densities B=3T and B = 5T. As an example, results are shown in Fig. 2.29 and reveal a
weak B-dependence. In favour of a simple model, in which the B-dependence is entirely
described by the elliptical functional form (2.131), the average value of k for both flux
densities is used in the calculations. This approximation can be justified by the small val-
ues of k =0.1...0.45, which imply a subordinate role of the parallel field component Bj.
The T-dependence is again described by means of a cubic spline interpolation in the rele-
vant temperature range. In order to simplify the model, the rather weak B-dependence of
the exponent n(T, B) ~ n(T) is neglected and the exponent is fixed at its mean value over
the set of parameters for different B; = 0.5...6T. The T-dependence of n(T) is again
incorporated by means of a cubic spline interpolation in the considered temperature range,

see Fig. 2.27 b) as an example.

An alternative approach to parametrize the lift factor L more accurately is described in
App. A.3.5. This parametrization is used in the design stage to account for the maximum

current in superconducting coils, whereas the (modified) Kim-relation (2.131) is used for
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AC loss calculations for its simplicity and its good numerical convergence behaviour.
The original Kim-Relation incorporates only the absolute value of the local magnetic flux

density B and is not appropriate for the anisotropic ReBCO coated conductors.

In this thesis, two ReBCO tapes are considered for the superconducting windings of wind
generators. The material data is provided by manufacturers or is publicly available. The
tapes mainly differ with respect to the production process and the presence of artificial

pinning centres (APCs).

Fujikura FESC SCH12
In case of the tape FESC SCH12 manufactured by Fujikura, the EuBCO layer is produced

by pulsed laser deposition. The texturing of the buffer layer is achieved with ion beam
assisted deposition. This tape features artificial pinning centres. For this EuBCO tape, the
c-axis is normal to the tape’s wide side (6p = 0). The angular dependence of the critical
engineering current density in presence of an external field is shown in Fig. 2.26 together

with the critical engineering current density Je as a function of temperature.

4 ; ;
107 b)B=4.5T
> = 3000+
2 Z
£ 10! 5 T 2500 T =10K|
g —~ g —
£a £572000
52 5 2
o= 107 2= 1500
=) =1
£ <
= 52
£ 3 £ 751000 £
2~ 10! | S
. N
5 5 %\
Q Q _—
k= | | ‘ S T =50K
3} o : - :
20 40 60 80 0 50 100 150
T/K — 0/° —
temperature angle between B and the c-axis

Figure 2.26.: Critical engineering current density of the EuBCO tape Fujikura FESC
SCH12 a) as a function of temperature for different magnetic flux densities (B]|c) and
b) as a function of the orientation angle of the external magnetic flux density, Fig. 2.25.
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Figure 2.27.: Fit parameters a) J.o, Bp and b) ¢, n as a function of temperature (EuBCO
tape Fujikura FESC SCH12).

The B-dependence according to a fit with (2.131) is shown in Fig. 2.28 a). The critical
engineering current density, i.e. the current density with respect to the entire tape cross

section excluding insulation, is shown in Fig. 2.28 b).
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Figure 2.28.: a) B-dependent part of the lift factor (EuBCO tape: Fujikura FESC SCHI12)
for several temperatures 7 and B||c. b) Critical engineering current density as a function
of the external magnetic flux density for the same tape.

The fit parameters J.o, By, ¢ and k are plotted in Fig. 2.27, Fig. 2.29 versus temperature.
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v B=3T

04r) A B=5T Figure 2.29.: Fit parameter k, which is a mea-
T 0.3 O average sure of the relative impact of a parallel mag-
netic field component B)| on Jc, as a function
0.2 of temperature based on (2.134). Results are
E shown for the EuBCO tape Fujikura FESC
0.1 SCHI2 with B=3T and B =5T. The av-
erage curve is used for simulations in order to

00 20 10 60 %0 prevent further model complexity.

temperature 7' /K —

THEVA TPL2100

The tape TPL2100, manufactured by THEVA, features a textured buffer layer, which is
achieved by inclined substrate deposition. Electron-beam vapour deposition is used for
the GABCO layer. Material data for a tape without APCs, as available in the beginning
of 2021, is used for the analyses, while THEVA offers also APC-enhanced tapes in the
meantime. The GdBCO tape TPL2100 manufactured by THEVA features a c-axis with an
inclination of 6y = 30° with respect to the normal of the tape’s wide face. The critical

engineering current density and its B-dependence are visualized in Fig. 2.30.
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Figure 2.30.: a) B-dependent part of the lift factor and b) critical engineering current den-
sity as a function of Bl|c for the GABCO tape THEVA TPL2100.
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Figure 2.31.: Fit parameters according to (2.130), (2.131) for the GABCO tape THEVA
TPL2100: a) Joo and By, b) o versus temperature 7.

The fit parameters J.o, By and ¢ are shown in Fig. 2.31. Compared to the Fujikura FESC
SCH]I2 tape, similar values for o are found. In contrast, the absence of APCs leads to
significantly lower values of By for T < 40K. The dependence of J.p on temperature is
visualized in Fig. 2.32.

10°

—

102}

Figure 2.32.: Critical engineering current den-
sity versus temperature for the tape THEVA
TPL2100. The results are shown for different

10t} n
magnetic flux densities, where B||c.

critical engineering current density
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2.5. Modelling of Superconductor Material Properties

2.5.2. Current Carrying Capacity of MgB, Wires

As of today, two main commercial suppliers of MgB, wires exist, i.e. ASG Superconduc-
tors and Hypertech Research. In this thesis, material data of both suppliers are considered

for MgB, coils in superconducting wind generators. Rectangular wire profiles are consid-

ered, Fig. 2.33.
copper 1
MgB,

nickel ———
G g, - g— /
— S — i

Figure 2.33.: Actual cross section of an exemplary MgB, wire with 19 filaments, nickel
matrix and copper stabilizer [210].

ASG Superconductors

Material data for a round wire with a diameter of d = 1.5mm and 37 filaments in a nickel
matrix is available [148, 210]. According to manufacturer information, the 7- and B-
dependence of wires with rectangular cross section is similar. The parametrization of
the lift factor is based on the formulas that are used by ASG Superconductors. The B-
dependence is parametrized with three temperature dependent parameters a(T), b(T),
¢(T), (2.135). MgB; exhibits only a weak anisotropy, Tab. 1.1, such that no dependence

on the orientation of the flux density but only on the absolute value B = |§| is considered.

L(T, B) = max {07 a(T)- (1 - %) +o(T)- (1 - bg))s} (2.135)

The temperature dependence of the parameters is described by polynomial relations
(2.136) - (2.138).

a(T)=c; T*+d; T+e (2.136)
b(T)=cy T +dy-T*+er- T+ f3 (2.137)
o(T)=c3-T +ds (2.138)

The critical engineering current density obtained by (2.135) is visualized in Fig. 2.34 as a

function of temperature 7 for different external magnetic fields.
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2.5. Modelling of Superconductor Material Properties

B =
o 2T «x 25T vy 3T
A 35T p 4T q 45T
o 5T ¢ 55T * 6T

Figure 2.34.: Critical engineering
current density of a multifilamen-
tary MgB, wire from ASG Super-
conductors as a function of tem-
perature for different magnetic flux
densities. The relevant operating
range for superconducting wind-
ings in wind generators is B ~
2...3T. In this thesis, only an op-
erating temperature of 7 = 20K is
considered.

critical engineering current density

) 10 15 20 25 30
T/K —

temperature

This lift factor (2.135) is also applied to conductors with tape-like geometry. A compari-
son of the critical current based on (2.135) with available material data for multifilamen-
tary MgB, tapes shows a good agreement. The transferability may be restricted in case of
a ferromagnetic matrix material, where the local flux density at the filaments’ positions is
affected by the cross sectional geometry. In view of the uncertainties regarding the actual
position of the filaments, the analyses are still based on (2.135), while a sufficient current

margin I /I ~ 1.3...2 ensures that the I;-limit of the wires is kept.

For AC loss calculations, an E (J)-power law exponent of n = 20 is assumed in accordance

with the typical range reported in literature, e.g. [52].

HyperTech Research

Material data of a first generation MgB; round wire with a copper matrix is considered
[207], which is fabricated by the PIT method and is commercially available in kilometre-
long piece lengths. The critical engineering current density is similar to the wire from
ASG Superconductors, Fig. 2.35. An empirical fit function (2.139) is used for L(T, B).
A similar 7- and B-dependence of the critical current for wires with rectangular profile is
assumed. The temperature dependent parameters a(7T'), b(T), ¢(T) are defined in (2.140),
(2.141).
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2.5. Modelling of Superconductor Material Properties

logyo(L(T, B)) = a(T)-B*+b-B+c(T) (2.139)
T\
a(T)=C1~eXp{f (d—) }+f1 (2.140)
1
c(T)=c3-T+d; (2.141)

As in case of the MgB, wires produced by ASG Superconductors, an exponent of n = 20

is used for the AC loss calculations. It should be mentioned, that several successful ap-

proaches recently led to a significant increase in the achievable critical current densities

Jee, €.g. by improved magnesium diffusion (IMD). This group of wires is called the ,,sec-

ond generation of MgB, conductors. Since many of the production techniques are to

date still at an experimental stage and the scope of the thesis is the short- and medium-

term potential of superconducting wind generators, only wires of the first generation are

considered.
B =
o 2T x 3T v 4T
A 5T p 6T «q 7T
700

critical engineering current density

5 10 15 20 25 30
T/K —

temperature

Figure 2.35.: Critical engineer-
ing current density of a MgB,
wire from HyperTech Research, to-
gether with a fit based on (2.139).
Jee 1s plotted versus tempera-
ture T for different external mag-
netic flux densities.  The rel-
evant operating conditions T =
20K, B~2...3T yield critical en-
gineering current densities of Jee ~
100...200 A /mm?.
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3. Permanent Magnet Excited Direct Drive

Wind Turbine Generators

Synchronous generators with permanent magnet (PM) excitation are the state-of-the-art
solution of wind generator systems with largest power up to =~ 15MW, Sec. 1.1. In order
to get a consistent benchmark for the evaluation of superconducting wind generators in
Ch. 4 - 7, design studies of PM excited generators are carried out in the same modelling
framework. The design studies are based on today’s commercially available generators

from leading manufacturers.

3.1. General Properties

Large PM excited direct drive generators for wind applications typically feature surface
mounted NdFeB magnets. They employ low-voltage AC windings, i.e. Ux < 1000V,
to avoid the high test-voltage regulations, to use low-voltage converters and to enable a
small insulation thickness in the slots. They are advantageously designed with an outer

rotor topology [59] for following reasons:

* The outer rotor leads to a thermal decoupling of the stator, where the highest losses
occur, and the temperature sensitive PM rotor. The cooling at the outer housing

reduces the operating temperature of the NdFeB magnets.
* A flux concentration effect of typically ~ 1.005 for the PM excited rotor field is

achieved. This effect is however very small due to the large radii and the small

curvature.
* The rotor yoke can simultaneously serve as outer housing, except from struts and a

casing for protection purpose. This reduces the overall outer diameter for the same
size of active parts. Generally, the high-torque nature of this generator type yields

a high sensitivity with respect to variations in diameter.

A schematic of the considered geometry is visualized in Fig. 3.1. Distributed stator wind-

ings are considered, App. A.6, since concentrated windings suffer from a low fundamen-
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3.1. General Properties

tal winding factor and/or significant additional losses due to stator field harmonics [58].

Consistent with commercially available generators, a forced air cooling is considered.
General features of PM excited direct drive generators are:

* The magnetically effective air gap dmag ~ 30 mm is large due to the surface mounted

magnets.
The rated power factor cos gsn ~ —0.7... — 0.8 is comparably low due to the lim-

ited excitation capabilities of the permanent magnets and the typically high stator

current loading Ag ~ 1300...1500A /cm.
The overall loss is dominated by the ohmic loss Py cy in the stator winding (typically

> 90 % of the total generator loss) due to the very low speeds n ~ 10rpm and the
low fundamental frequencies fs =5...15Hz. The applied MTPA strategy coincides
therefore largely with a loss minimum operation.

ferromagnetic NdFeB permanent
rotor yoke magnets

air gap /
---------------- e ;

il
ferromagnetic stator copper
ferromagnetic stator yoke winding
stator teeth

Figure 3.1.: Schematic of four poles of a 7 MW, 8.33 rpm outer rotor direct drive generator
with surface mounted PMs (segmentation not shown). The generator features a distributed
winding in slots (here: g = 1 slots per pole per phase) and is excited by high energy density
NdFeB magnets (height /y;, width byy).
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3.2. Parameter Study

3.2. Parameter Study

The fixed specifications for the parameter study on 7 MW direct drive generators are listed

in Tab. 3.1. The rated voltage of U, = 690V (rms) is a design target. The rated speed

nN = 8.33rpm is typical for wind generator systems in this power range and is limited by

the mechanical load and the aerodynamic noise of the glass fibre-reinforced rotor blades.

Table 3.1.: Fixed specifications for the pa-
rameter study on direct drive PM gener-

ators. The consumer reference frame is
used.

Pa,N -TMW

nN, fs 8.33rpm, 10Hz

ULy 690V

2p 144

Tro 3.257m

Ogeom 8 mm

foo. 70 05

hq 100 mm

Jcu 3.8A/mm?

kcu 0.75

m,q, W/t  3,1,1

Ag 142 kA/m

Table 3.2.: Variables of the design study of
PM excited direct drive generators.

bm
hm

70...140mm
15...25mm

Table 3.3.: Operating conditions and limits
of NdFeB magnets (details in App. A.3.2)
and the copper stator winding.

Ycu.s 100°C
B; Nareg @80°C 1.25T
Hdemag 1440 kA/m

X PM generator variants
—— Pareto efficient

0.96 1 x
0.94 1 X
0.92 1 X

0.90 1% «

[Euro —
5

/N
)
%
6%
§S<

component cost

C
L
%

0.86 1 ke
0.84 1

T T

5 55 60 65 70

Mact / .t >
generator active mass

Figure 3.2.: Calculated total generator ma-
terial and converter cost versus the genera-
tor active mass for the variants of PM ex-
cited direct drive generators. The red line
indicates Pareto efficient variants.

The high pole count 2p = 144 allows for small yoke heights hys, hyr = 35...50mm, while

a further increase of 2p is not possible for manufacturing reasons, i.e. a too high number of

slots and coils. The geometrical air gap width dgeom cannot be decreased for mechanical

yoke ovalization reasons in case of the very large diameters dy, > 6 m. Sufficiently wide
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3.2. Parameter Study

iron teeth, i.e. fpy 1, =bqQ /7Q 5 0.5, are required for flux guidance due to the limited
excitation capabilities of the PMs. The high slot fill factor k¢, = 0.75 refers to the actual
winding window of the low-voltage winding, excluding the inter layer insulation and the
slot wedge. The thermal utilization is calculated as (3.1) and is in the typical range for
intense air cooling. ¢ denotes the effective heat transfer coefficient (HTC), which governs

the cooling.

A? Py, cu
m - mm?2 dg - 70+ (L+lys)

AS-JCU,:5396C ~a-AY 3.1)
An operating temperature of the stator winding of ¥¢cy = 100°C is assumed. This would
keep the limits of thermal class B (A% < 80K, standard IEC 60034-1 [50]) at Ssurr =
40°C ambient, although insulation materials for thermal class F (A9 < 105K) are usually
employed. High energy density NdFeB magnets of grade G44EH from Arnold Magnetics,
App. A.3.2, are considered. The thermal stability of these magnets is enhanced with the
grain boundary diffusion method. The operating temperature is estimated as Ongrep =
80°C in the sense of a worst case scenario. A stator winding without pitching W /7, = 1
is chosen in order to prevent a reduction of the fundamental winding factor of ky, | = 1.
This choice leads to higher stator field harmonics with space orders v = —5, +7 and
anticipates a limited impact of these stator field harmonics due to the large magnetically
effective air gap width dag =~ 30mm. Based on these considerations, the variable space
for adjustments is limited. As the trade-off between the generator performance (high
efficiency and high power factor) and the cost of the rotor excitation system is of primary
interest in this thesis, the magnet shape alone is varied: The magnet mass is scaled by the
height Ay and the width per magnet by, Fig. 3.1 and Tab. 3.2. Depending on the PM
rotor field, the rotor yoke height is adjusted to yield always a reasonable maximum flux

densities of Byr, max ~ 1.7T.

The electromagnetic design follows a similar scheme as visualized in Fig. 4.8 for HTS
excited generators. The losses and the mechanical input power per axial unit length are
first calculated by means of a parametric 2D FEM model in JMAG. Since the number
of turns per coil N is yet to be determined, the MMF per slot O is impressed for the
time stepping transient simulations. @ is calculated from the available cross section in
the slot Aq < bq - hg and the admissible current density Jo, = 3.8A/ mm? in the copper

conductors, (3.2).
Aq -kcy

@Qs:Nc'Is:JCu' )

(3.2)
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3.2. Parameter Study

In the following, the calculation scheme for the determination of the two unknowns /j,
axial length, and Ny, number of turns per phase, is described. The mechanical input power
P/, .., per unit length is calculated from the torque per unit length Mé, (3.3). In generator
mode, P .., < 0 holds in the consumer reference frame due to the braking torque M; <0.

Pleeh = 270 nigyn - M., (3.3)

The iron loss per unit length Pé‘FC > 0 and the Foucault eddy current loss in the magnets
P&Ft > 0 are also extracted from the 2D FEM simulation. The influence of end effects
on P(;,Ft is approximately included by a reduced electric conductivity kpy of the magnets,
as in [O1]. The net electrical power Pl ey < O per unit length, excluding the ohmic
loss in the stator winding, is (3.4). Due td the large magnetically effective air gap width,
Carter’s coefficient for the incorporation of radial cooling ducts [23] is near unity, i.e.
ké ~ 1.002 =~ 1 for an axial duct width of / = 5mm, 8y, ~ 30mm and an iron stack
segment length of /f;, ~ 60mm. Therefore, /; ~ L holds, so that /; is used in the following

without loss of accuracy.

_ Prem
Pléet.,FEM = Pr/nech + P&,Fc + Pé,Ft =L B4
1

By introducing the ratio between the number of turns per coil N, and the number of parallel
branches a as Y := N¢/a, the r.m.s. stator current /5 per phase is written as (3.5) for the

considered two-layer winding, Fig. 3.1.

_ kcu-Aq-Jou

I
s 2.y

(3.5)
Based on the resistance R per turn, the stator resistance per phase Ry is written in terms
of 7, (3.6). At is the non-insulated copper cross section of one conductor without any

subdivision in strands due to the low frequency f;.

N, 2p-q-Ne 2-(L-km+1,
R= g = 2a e 2 (ke ) (3.6)
a a AT Kcu
2p-q-N, 4-N,
= gt v (ke ) (3.7)
u u
4.2p. _
o e e Tk o) =R 0k ) (3.8)
u u
ﬁl"—/
=R
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3.2. Parameter Study

In (3.6), lys denotes the length per half-turn in the winding overhang. The electrical output
power Pl oyt < O is then obtained as a function of the axial length ; alone, (3.9). This
expression is essentially independent from the number of turns per phase Ng, except for

the resistance increase factor kpy, Sec. 2.4, which depends on N,.

Pepyout =l Phogpem +3 12 RV (ki [ + lys) 3.9)
2 ~
:li'nge:,FEM+3‘(Z'kCu'AQ'JCu) “R- (- km + lps) (3.10)

From (3.10), the generator active length J; is calculated by specifying Pej out L 7MW,
At the first stage, an estimate of ky, = 1 is used, while the actual value kp, § 1 (small due

to the low frequency f;) is finally obtained as self consistent solution by iteration.

The second equation for the determination of the two unknowns {7, /; } is derived from the
stator voltage equation. From the 2D FEM model, the induced voltage per pole and unit
length U: { . of a single turn coil is extracted. The induced voltage (3.11) is caused by the
entire ﬂuﬁ linkage in the 2D FEM model, i.e. the flux linkage with the rotor field, the flux

linkage with the stator main field and all stray fluxes in the cross-sectional plane.
2
Uiop =2 (1-NewUS o) =217 Ul o G.11)

After a validation against a 3D FEM model, the analytical equations in Sec. 2.4 are used

to calculate the end-winding stray inductance. Lygy, is Written in terms of 7, (3.12).

I 3
Leob = Ho-4-2p-q*-0.075 I - (1+$) V=L 7V (3.12)
P

With (3.11) and (3.12), the complex valued stator terminal voltage per phase (3.13) for
sinusoidal stator current depends only on L and y. The phase angle of I; with respect to

U {7 . is known from the applied MTPA strategy.
Uy =L [R- (ki o) P @ Loon 7] +2p 1oy Ul oy VET=j (B13)

By specifying v/3 - |U, N < Un = 690V, a unique solution for y and /; is found. The actual
number of turns per phase Ns is determined by choosing {Nc, a} from the set of possi-
ble combinations, so that the best approximation of the required value of 7 is achieved.

For 2p = 144 and two converters in parallel, the number of parallel branches can attain
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3.2. Parameter Study

a=144,72,36, ....

About 2000 generator variants are designed, Fig. 3.3. Based on the electromagnetic de-
sign, the active mass m,¢; and the system cost Cy, including the material cost of the gen-
erator components and of the converter, are calculated. The mass densities and costs are
listed in Tab. 3.4, 3.5.

Table 3.4.: Assumed prices for the de- Table 3.5.: Mass densities of materials,
sign study on PM excited direct drive that are used in PM excited direct drive
generators. generators.

PNdFeB 70€ /kg YNdFeB 7600kg / m?

Phe 3€ /ke Yre 7760kg / m3

Peu 13.5€ /kg Tcu 8900kg /m?

Peony 30€/kVA

Following findings are derived from the relation between the total component cost C; and

the generator active mass myc, Fig. 3.2:

* An active mass, which is significantly below mye < 50t, is hardly achievable.
The maximum rated gravimetric torque density M’ = M, /mye is therefore about
175Nm /kg. All Pareto efficient designs with respect to {Cy, ma¢} feature torque
densities of M’ 2, 160Nm /kg.

* The system material cost, including the converter, is less than 900 kEuro for 7MW,

which corresponds to a relative cost of less than 0.129 MEuro / MW.

The rated generator efficiency 1n = |Pe N|/Pmech increases monotonically towards higher
absolute power factors | cos @yN|, Fig. 3.3 a), since for a fixed stator voltage UsN;, a higher
|cos N | implies lower ohmic losses in the stator winding. The higher power factor is
enabled by a higher magnet mass my, which yields a higher rotor field and a shorter axial
length /;. The maximum efficiencies are in the order of NN = 92.8 % and the maximum
absolute power factor is in the range of |cos @] = 0.8...0.85 (inductive, current lags
voltage). These upper limits are a direct consequence of the limited excitation capability of
the PM rotor. This is evident from the plot of the required NdFeB magnet mass my versus
the efficiency 1, Fig. 3.3 b). Even for low efficiency designs, more than my; ~ 2.5t of
NdFeB magnets are required. The bounding approximation to the Pareto frontier features
a considerably increasing steepness for 1 £ 92 %. The increase in rated efficiency from

NN = 91% to NN = 92 % requires an additional magnet mass of Amy; = 0.76t. Roughly

100



3.2. Parameter Study

the same additional amount of NdFeB magnets is required for an increase of efficiency
from 1N = 92.6% to NN = 92.7%. Since the considered NdFeB magnet type already
features a comparably high energy density of (B - H)max ~ 340kJ/m?> [8], the derived
limitations in terms of |cos @yN| and 1 are considered to be generic for this type of PM

excited generators.

980T~ X  PM generator variants
925 i —— Pareto efficient
.07 )
= a) ! 6.0 .
1 1 |
2 . 920 | 95
1
5 | : 5.0
2 2% 915 ! L] a5
o T~ 1 2
5§ & ! )g% g 4.0
%0 91.0 1 ! =
e ’ 1 )3( T £ 3.51
g : %X( 5 - 3.0
= < U1
90.5 1 i X £
' 2.5
1
90.0 —L— " 2.0 , ,
-1.0 -09 —-0.8 —0.7 —0.6 90 91 92 93
COS PN — /% —
rated power factor rated generator efficiency

Figure 3.3.: a) Numerically calculated generator efficiency 1y versus power factor cos QsN
for the variants of PM excited direct drive generators in Fig. 3.2. b) Calculated magnet
mass my versus generator efficiency ny for the same set of designs. The red line indicates
Fareto efficient designs with respect to minimum m); and maximum 7.

The dynamic development of the neodymium price, Fig. 1.3, requires, that the sensitivity
of C; with respect to price increases is quantified. The calculated relation my(1y) allows
to estimate the relative impact of the price fluctuations. Based on the assumption that the
relative price of pf\IdFeB = 70Euro / kg relies on an average neodymium price of p&d ~
75Euro / kg, Fig. 1.3, the neodymium’s cost contribution to C; is about 34 %. An increase
of the neodymium price to 225Euro /kg, which is in the range of the historical short
term maximum, yields a price increase of the NdFeB magnets to about 113 Euro / kg, i.e.
by 62.1%. For the generator design with maximum efficiency, the total material cost of
NdFeB magnets increases to about 600kEuro, which yields a total component cost of
Ci =~ 1.13MEuro. Even the component costs of designs with intermediate efficiency, e.g.

design Q) in Sec. 3.3, exceed 1 MEuro for an elevated neodymium price.
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3.2. Parameter Study

The specific thrust o increases monotonically with efficiency, since the ohmic loss Py cy
is reduced for axially shorter generators, Fig. 3.4 a). Efficiencies beyond 92% are ac-
companied by oy Z 80kN/m? and | cos ¢sn| £ 0.75, Fig. 3.3 a). This is achieved with a
magnet mass of at least my; =~ 3.5t, Fig. 3.4 b), which corresponds to about 0.5t/ MW, if
related to the rated power. An extrapolation to Fej oye = —10MW implies a minimum total

NdFeB magnet mass of my ~ 5t, in order to achieve a technically reasonable efficiency.

100 X PM generator variants
O  maximum 7 variant
T 90 1 a) —— Pareto efficient

Z o 80
EE
o 7 2
£ 2 704 s
T 2
e | & g

60 % g

50 T T 2 . :

90 91 92 93 1.4 1.6 1.8 2.0
/% — li/m—
rated generator efficiency axial generator length

Figure 3.4.: a) Calculated specific thrust versus efficiency for the variants of PM excited
direct drive generators. b) Magnet mass versus axial generator length for the same set of
designs. The red line indicates Pareto efficient designs with respect to minimum m; and
minimum /j, i.e. most compact generators.

The axial length for generator designs with NN > 92% is less than /; < 1.7m, which
corresponds to a circumscribing generator active volume of Vg < 57 m>. For the same
electromagnetic utilization Ce ~ A - Bs 1, similar rated speed ny and the same slimness
factor Aq = l;/dro, I0MW (20 MW) generators with reasonable efficiency nn must fea-
ture an active length of 1.9 m (2.4 m) and an outer diameter of 7.3 m (9.2 m). These large
dimensions constitute a major incentive for a technological shift to medium speed genera-
tor systems, as employed for example in the 16 MW offshore wind turbine announced by
MingYang in 2021 [45].
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3.3. Exemplary Designs

For further comparisons, Ch. 8, two exemplary designs are summarized. As the consider-
ations in Sec. 4.3.1 reveal the strong impact of efficiency on the net present value (NPV,
(4.20)) of investments in wind turbine systems, the first design (D) is selected for its maxi-
mum rated efficiency of My = 92.82 %. The second design Q) exhibits a ~ —0.6 % lower
efficiency, but requires only ~ 70 % of the magnet mass of design (I). The selection of
design Q) is motivated by the disproportionate increase in magnet mass my; for increasing
the efficiency beyond NN ~ 92.2...92.3%. The calculated magnetic field lines at rated
operation and the magnetic field strength H after a sudden short circuit from no-load are
shown in Fig. 3.5 for design ). Fig. 3.5 b) shows that the magnets are safe from irre-
versible demagnetization with a safety margin of Hyemag/Hm, max = 1.6... 1.7. Generally,
the demagnetization of the surface mounted permanent magnets is a minor issue for this

generator type, due to the large magnetic air gap.

a)

Figure 3.5.: Numerically calculated results: a) Flux density and magnetic field lines at
rated load for the exemplary design Q). b) Magnetic field strength H after a sudden three-
phase short circuit from no-load in the two magnets of one pole pair for the exemplary
design Q). The results are shown for the time instant, when the maximum magnetic field
strength in the PMs occurs. (software: JMAG)

The main characteristics of both variants are listed in Tab. 3.6. The difference in converter
rating AS ~ 828kVA, and, hence, the higher converter costs, for design Q) are largely
overcompensated by the decreased NdFeB magnet mass, i.e. lower magnet costs, from

a cost oriented perspective. The circumscribing active generator volume is calculated
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3.3. Exemplary Designs

from (3.14).
T dyo inner rotor
Vo= d2l,  do=1{ (3.14)
4 dy, outer rotor

Table 3.6.: Characteristics of exemplary PM excited direct drive wind generator designs,
selected from the variants in Fig. 3.2. Design () features maximum efficiency among the
considered variants. Design Q) features intermediate efficiency at a considerably reduced
NdFeB magnet mass to reduce the material cost.

@ maximum efficiency

@ intermediate efficiency

(Pareto efficient w. 1. t. {my, IN})

SN 8.248§ MVA 9.076 MVA
Un 694V 685V
IN 6.86 kA 7.65kA
My -8.645 MNm
COS PsN -0.849 -0.771
NN 92.82 % 92.22 %
AsN 142.6 kA/m
o 94.9kN /m? 84.4kN/m?
Ce 16.83kVA - min/m> 16.34kVA - min/m?
Ve 48.7m> 54.95m3
Hy, max 1409kA /m 1233kA/m
Py cu 502.0kW 549.4kW
Py Fe 32.8kW 34.8kW
Py.Fe 6.3kW 5.8kW
I 1.460 m 1.648 m
my 5.355t 3.770t
N, Ns, a 69, 69, 144 62, 62, 144
hm 25 mm 19 mm
bm 134 mm 110 mm
Mact 549t 53.2t
mcy,s 13.7t 15.0t
mys 7.6t 8.6t
Mg 11.3¢ 12.8t
Myr 11.5t 13.0t
M’ 157 Nm/kg 163 Nm/kg
(o 898.3 kEuro 841.7 kEuro
Cum 374.9 kEuro 263.9 kEuro
Cre 91.4 kEuro 103.3 kEuro
Ccu 184.8 kEuro 202.2 kEuro
Ceonv 247.4 kEuro 272.3 kEuro
C 0.128 MEuro/ MW 0.120 MEuro/ MW
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4. General Properties and Design of Direct
Drive Synchronous Generators with

Superconducting Field Winding

The scope of this chapter covers the design of synchronous direct drive wind generators
with superconducting field winding and normal conducting stator winding. The principal
aim is to evaluate the potential of this generator type regarding low costs, high efficiency
and low converter rating. Different magnetic topologies and different superconductors are
considered, Sec. 4.1 and 4.3.1. Parasitic effects, which are unique to synchronous gen-
erators with superconducting field winding, e.g. the AC loss in the superconductor and
the necessity of a damper screen, are investigated with regard to their technological crit-
icality. Throughout the chapter, generators with a power rating of 7MW are considered.
Generally, the high excitation capability of superconducting field windings enables a large

variability among the generator designs, Fig. 4.1.

The chapter is organized in three sections, starting with an introduction of the general
generator layout and the considered magnetic topologies in Sec. 4.1. Different operating
strategies for partially superconducting generators are discussed in this preliminary sec-
tion. The modelling approach is described in Sec. 4.2. It comprises a parametric, electro-
magnetic design model, the parameter identification and a thermal model. These models
are used in Sec. 4.3 for parametric studies on fundamental design aspects, i.e. a compar-
ison of MgB, and ReBCO HTS field windings, the damper design and the evaluation of

different stator windings.
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Vg = 40m? Vg =17.5m’

2p =118 2p =50
ferromagnetic pole cores ferromagnetic pole cores
stator winding in slots stator air gap winding
Fso =3.231m rso =2.723m
l;=1.135m l;=0.67m

Figure 4.1.: Schematics of 7MW, 8.33 rpm partially superconducting direct drive genera-
tor halves: a) variant with stator winding in slots, b) variant with stator air gap winding,
very high electromagnetic utilization and small installation space (software: JMAG De-
signer). For details see Fig. 4.4 @ for a) and © for b).

4.1. General Properties and Iron Topologies

All superconducting field windings, that are considered in this chapter, feature a racetrack
coil geometry, Fig. 4.2 a). This layout is the simplest form of superconducting coils with
a well established winding technique. Coils with this geometry were produced in larger
numbers, e.g. for the EcoSwing generator [196]. The geometry enables a comparably
simple cryogen-free cooling via heat conduction and was used for both ReBCO and MgB,
field coils. The conductive cooling is achieved via oxygen-free high thermal conductivity
(OFHC) copper plates that are connected to a cold bus. Generally, different numbers of
winding layers of the SC field winding ny ¢ are considered, depending on the excitation

requirements and on the used superconductor tape, i.e. its width wy and critical current /.
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a) pole core
bobbin

HTS tape
(i =2)

copper
pressure plates cooling plates

Sl |

A
ng=2 ‘ 'H7 pole core
L

HTS winding turns

| rotor yoke

outer
winding support

inter layer spacer

Figure 4.2.: Exemplary double racetrack HTS coil (n s = 2), which serves as field winding
in partially superconducting synchronous generators: a) 3D view of the coil with end-
windings, pressure and cooling plates are omitted, b) cross section, assuming a conductive
cooling via OFHC copper plates. (software: JMAG Designer)

The thermal insulation is established with a single vacuum chamber, which is attached to a
warm rotor rim and covers all cold rotor poles as well as a cold rotor yoke. The stationary
cryostat wall is made from non-magnetic stainless steel, e.g. AISI 304L or AISI 316, and
contributes to the magnetically effective air gap Smae. The general assembly is shown
in Fig. 4.3. The mechanical support structure between the cold rotor yoke and the warm
rotor rim is made from glass fibre reinforced Elastic (GFRP). This material is best suited to
provide sufficient mechanical strength at maximum thermal resistance [20]. The cold rotor
yoke and poles facilitate the cold to warm support, since the major temperature gradient
occurs favourably along large structural components and not across the coil to pole core or
pole core to yoke connections with strict spatial limitations. This simplifies the extension
of the conductive heat path through the support elements, which accounts for the major

share in the overall heat load. Details of the thermal design are described in Sec. 4.2.4
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and App. A.9. The cold rotor parts are wrapped by several layers of super insulation
foil as multilayer insulation (MLI) in order to limit the heat leakage by radiation. The
entire vacuum chamber is evacuated to limit the convective heat transfer. An electrical
series connection of all SC field coils is considered. The field current is supplied by a slip
ring-brush system, while a brushless exciter is alternatively also possible. Hybrid current
leads are used, as described in Sec. 4.2.4. Generally, the damper screen is attached to the

cryostat wall (not shown in Fig. 4.3), while details are discussed in Sec. 4.3.2.

rotor yoke

rotor pole

rotor vacuum
chamber

stator end
winding

stator iron
stack

Figure 4.3.: Pole pair of an inner rotor, partially superconducting direct drive gen-
erator with distributed two-layer stator winding in slots. Generator specifications:
PN =—TMW, n=28.33rpm, 2p =78,V = 40m?, ferromagnetic yokes and pole cores,
HTS tape width wy = 12mm, two field winding layers ny ¢ = 2, n; = 17 radial cooling
ducts in the stator iron core, axial length of stator core segments [seg ax = 63 mm. (soft-
ware: JMAG Designer)

Distributed integer slot stator windings are considered, Fig. 4.3, in order to limit the stator
field harmonics, which yield additional eddy current losses in the cryostat wall and the
damper screen and can reach the cold rotor parts. A segmented stator iron core with radial
cooling ducts for an intense air cooling is considered for generator topologies with an

air-cooled stator winding in slots.

As enabled by the high superconducting excitation MMF, four iron topologies are consid-

ered for partially superconducting generators, Fig. 4.4. In ascending order of the excitation
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requirement, the considered topologies are:

@ Ferromagnetic rotor pole and yoke, stator winding in slots: The cold rotor yoke

and the cold rotor poles are made from magnetic FeNi9 (material data in App.
A.3.1). The segmented stator iron core is made from M470-65A electrical steel
sheets (material data in App. A.3.1). The pressure plates and the coil side support
are made from stainless steel AISI 316, which is suitable for cryogenic tempera-
tures.

® Ferromagnetic rotor yoke, non-magnetic pole core, stator winding in slots: ~ Stator

core and rotor yoke as for topology @. The magnetic iron-nickel pole core in @
is locally highly saturated, e.g. at B Z 3T, such that the use of a more lightweight,
non-magnetic pole core is generally reasonable. This pole core can be made from
stainless steel, which is however susceptible for additional eddy current loss, or
from GFRP.

© Non-magnetic rotor, stator winding in slots: Stator core as for topologies & and

®. The large rotor field yields generally a high induction By, Z 1.8T in the rotor
yoke, whose height Ay, is limited for mass reduction. In view of the considerable
saturation in the magnetic yoke, the use of a non-magnetic rotor yoke, made from
a lighter material, is therefore reasonable. The consequently increased excitation
requirement in terms of the MMF per pole @, must however be compensated by
larger SC winding packs and a correspondingly larger amount of superconductor
material.

O Ferromagnetic rotor poles and yoke, stator air gap winding: The elimination of flux

guiding iron teeth enables an increase of the stator winding’s copper cross section.
A non-magnetic structure is needed to support the Lorentz force acting on the stator
conductors. The absence of ferromagnetic teeth hampers the heat removal, such that
e.g. an indirect conductor water cooling via cooling channels is required. Copper
litz wires must be used to prevent excessive load-independent eddy current losses
due to the high rotor field. The presence of the cooling channels and the use of
litz wires manifest in a reduced copper fill factor in the given winding window. The
absence of ferromagnetic teeth increases the required excitation MMF considerably.
In order to limit O, j,, a ferromagnetic rotor structure is employed. The shielding of
the surrounding from magnetic fields is achieved with the ferromagnetic stator back

iron.
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oy non-magnetic
stator winding in slot

stator air gap winding

non-magnetic

Figure 4.4.: Considered topologies of partially superconducting direct drive synchronous
generators with superconducting field winding: @ ferromagnetic pole core and rotor yoke,
copper AC stator winding in slots, @) ferromagnetic rotor yoke, non-magnetic rotor pole
cores, copper AC stator winding in slots, () non-magnetic rotor, copper AC stator winding
in slots, @ ferromagnetic rotor, copper AC stator air gap winding with non-magnetic
support structure. The dimensions are shown in Fig. 4.6.

The evaluation of generator variants is focussed on the operation at rated load. In con-
trast to the PM excited generators in Ch. 3, the variable excitation in superconducting,
electrically excited synchronous generators generally allows an adjustment of the rated

power factor cos @, €.g. to unity, within the limits of the current carrying capacity of the
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4.1. General Properties and Iron Topologies

superconductor. This enables two operating strategies for rated operation:

1. |cos @¢N| = 1: This corresponds to a minimum apparent power Sy for a fixed output
power Py and consequently allows for a lower rating of the feeding converter. The
increase in exciting MMF @ |, requires a higher amount of superconductor.

2. Maximum torque per ampere (MTPA): For fixed stator current I, which is pre-
scribed by the thermally admissible stator current density Jc, at continuous oper-
ation and the available stator conductor copper cross section Ay, this corresponds
to an adjustment of the lead angle ¥ to achieve maximum torque. The lead angle
is counted from the back-EMF U, p o the stator current /,. The excitation MMF is
adjusted, so that the torque for optimum ¥ matches the required rated torque My.
If the stator current attains its thermal upper limit, this strategy consequently cor-
responds to a maximum utilization of the employed superconductor material and

therefore minimizes the cost of the excitation winding.

3 3
a) x MTPA b) = MTPA
T 2.5 O cospgy = —1 T 2.5 O cospgy = —1
2 2
& o g o
S 815 o é 1.5
= q =
Q Q
2 A
£ £
g © 0.5 3 © 0.5
0 0
30 40 50 45 50 55 60 65
Ve /m* — Mot [t —
generator volume generator active mass

Figure 4.5.: Topology ®: Component cost C; (generator active parts + converter + cryo-
genic cooling system) versus a) the generator volume and b) the generator active mass
under variation of the axial generator length /; = 900...1400mm for the two operat-
ing strategies 1 &2. 7MW, 8.33 rpm generator, pole count 2p = 72, stator outer radius
rso = 3258 mm, THEVA TPL2100 GdBCO tape with width wi = 12mm in the nys =2
layer field winding, cryogenic operating temperature Tyrs = 30K, 9 GM cold heads with
a price of 25 kEuro per-unit (MTPA: maximum torque per ampere).

To evaluate the operating strategies from a cost oriented perspective, exemplary 7 MW
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4.2. Design of Partially Superconducting Direct Drive Generators

generator variants of topology @ are analysed under variation of the axial length [,
Fig. 4.5. A specific cost of the converter of 30Euro /kVA is assumed, which is typical
for low voltage wind power full-converters according to manufacturers’ information. The
assumed price of the GABCO tape is 100Euro/ (kA -m) (77K, s.f.). The variation of the
variants’ active length /; corresponds to a variation of the generators’ electromagnetic uti-
lization, e.g. measured by Esson’s number Ce, and hence the iron saturation state. For
short active lengths, i.e. small generator volumes V, and highest electromagnetic utiliza-
tion, the component cost C; of generator material, converter and cryogenic cooling system
is similar for the two operating strategies 1 and 2. This finding is attributed to the highly
saturated iron, which leads to a decrease of the stator winding reactances Xy, Xy, implying
a successively increased power factor in case of MTPA operating strategy 2. In general,
the comparison reveals an advantage of the MTPA strategy from a cost-oriented perspec-
tive. For this strategy, the component costs C; can be reduced by up to 20 % for the same
generator active mass me; ~ 48...55t. The cost reductions due to the reduced inverter
rating are overcompensated by the higher amount of expensive superconductor to enable
a unity power factor. The following analyses and the comparison of topologies @) ... O,

Fig. 4.1, are consequently restricted to an operation with MTPA strategy.

4.2. Design of Partially Superconducting Direct Drive
Generators

The focus of the design is on electromagnetic properties, Sec. 4.2.2, by incorporating
design restrictions due to mechanical and thermal requirements. A thermal model is nec-
essary for the determination of the cryogenic cooling power, from which the size and
the cost of the cooling system are calculated. These quantities are vital for a meaningful
comparison with the PM excitation technology.

4.2.1. Geometry Parametrization

The generator’s geometry, Fig. 4.6, is specified by eight non-dimensional variables with
equal range, Tab. 4.1. The number of pole pairs p as well as the excitation winding’s
number of layers ny ¢ are continuously scaled between prescribed minimum and maximum

values, (4.1) and (4.2), and subsequently rounded to integers (denoted by |...]).

112



4.2. Design of Partially Superconducting Direct Drive Generators

pP= mein +fp : (Pmax - Pminﬂ 4.1)

nLg = [nLgmin + fue - (ML, max — 7LE, min) | (4.2)

The stator outer radius ry, and accordingly the axial length /; of the generator are fixed by

the prescribed value of V and the slimness factor A4, (4.3).

Ve
27 - A.d

Y A
Ar ys As Fso = % Eigure 4.6.: Cross sec-
4 tion of the stator and
1 rotor parts for one
g pole of a partially su-
perconducting 7MW
direct drive generator.

(4.3)

_ 3
T'so =

>

The visualized radii
— are scaled by the non-
]u ¢ S mag r dimensional variables,

As Wp “hp which dete.rmine the
> overall radial exten-

y sion of the active parts
E T hyr
Y

] Tyro as well as the split
A into rotor and stator.
The geometry param-
eters are listed in Tab.
4.1.

Based on the stator outer radius ryo, (4.4) - (4.7) determine the radial extension of the

stator and the rotor by scaling with f., ,, and fa_a;-

i = frri,rso *Tso 4.4)

rs =1+ fa,As - (Fso = 7ii) (4.5)
Sma

ro=rs+ % (4.6)
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.
ro = ! 4.7)

(Y

The stator yoke height is specified by its share in the total radial extension of the stator,
(4.8).

hys = fhyS : (rso - rsi) (4.8)
The pole pitch 7, and the slot pitch 7q at the stator bore are calculated as (4.9).
_27!,'-}”51 _7T~rsi

TQ - T, Tp = T (49)

Table 4.1.: Summary of non-dimensional variables that are used for the parametrization
of the geometry of partially superconducting direct drive generators, Fig. 4.6.

parameter explanation (see also Fig. 4.6)

Jo scaling of the number of pole pairs in a specified range [pmin, - - -, Pmax),

rounded to integers

Sris scaling of the number of layers of the field winding as racetrack coils in
the specified range [y f min, - - - , 7ILf, max)- Tounded to integers
Ad slimness factor /; /dso, determining the aspect ratio of axial length and

generator outer diameter (dso = 2rgo)

Srire ratio between the inner radius of the inner rotor and the outer radius of
the outer stator

A A ratio between the radial extension of the rotor Ag (inner rotor radius to
middle of the magnetic air gap) and the overall radial extension A; of

active parts (stator and rotor together)

Ty, ratio between the stator yoke height &y and the radial extension of the
stator Ag
W T ratio between the width of the rotor pole core w’, (arc length) and the
s T p p g

pole pitch 7, at the rotor outer diameter
Jo, 1o ratio between the stator slot width bé) (arc length) and the slot pitch 7o
at the stator bore

This allows to determine the width of the stator slots bb, (4.10), and of the stator teeth b{,
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(4.11), as arc length and secant line length.

bl
b/Q = foo, 7% " TQ bg = 2rg; - sin <2:2 ) (4.10)
S1
. by
by = 1 — bg, bt:2rsi-sm< r;) (4.11)

The remaining space, i.e. without stator yoke, is available for the teeth and slots, whose
height hq is calculated from (4.12).

The rotor outer radius ry, is derived from the average air gap radius, (4.13).

5mag
2

(4.13)

Fro =T1§ —

The height of the rotor pole core hj is determined by the field winding’s number of layers
ny¢ and the prescribed width of the superconductor tapes wy, (4.14). The radial height
per winding layer /| r exceeds the tape width wy due to the insulation thickness and some
variation of the tape position: /i, f ~ wi+0.5mm. An inter-layer insulation with thickness
wegpf = 0.5mm, a thickness of the cooling plates of hcp =2-2.3 =4.6mm and a thickness
of the pressure plates of sp, =2-9 = 18 mm are considered. The width of the pole core
sides, Fig. 4.7, is designed as wp, sige = 12mm, while the side support structure features a

width of wgp gide = 10mm.
hp =nrf- hpo + Wepf -+ (nLs— 1) + hcp + hpp (4.14)

As the pole count is known, the radii characterizing the rotor can be determined, (4.15).
This directly yields the rotor yoke height hy,, (4.16), via (4.17).

2
N
= 1o 1—(2r ) —hp, o = (2 + (22 4.15)
1o

hyr = Tyro — i (4.16)

The schematic geometry of one rotor pole is shown in Fig. 4.7. The width of the pole core

wp is calculated from (4.17), while the dimensions of the side support, of the pressure
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plates and of the cooling plates are fixed to meet mechanical and thermal requirements.

/
r_ T Tro N . Wp
Wp = S, 1, - b wp2rm.s1n< - 4.17)
Wp,side
iWsp,mde
v Wi
/ L
w
N)) P el l 1 = —
) K W X ===ty
ro H }7 hp,side /’lp
NZ NZ . T
Fyro
Tri

Figure 4.7.: One rotor pole with superconducting field winding as double racetrack coil
(n ¢ = 2) with geometry variables that are used for the parametrization. See Fig. 4.2 for
the explanation of the different components.

The minimum double bending diameter dyts, min of HTS tapes is not explicitly considered
for ReBCO field windings in the design process. This is valid, since the width of the pole
cores wp is more than two times larger than dyrs, min ~ 40mm, e.g. [205], for resulting
stator bore radii in the order of rg; ~ 3000 mm, even if a very high pole count of 2p ~ 160

is assumed.
4.2.2. lterative Electromagnetic Design

The high magnetic flux densities lead to a major influence of iron saturation effects on
the electromagnetic design, such that numerical models must be used. The underlying
formulations are described in Sec. 2.1.9 and [O15], while Sec. 4.2.2.1 - 4.2.2.3 summarize

major aspects of the design process.
4.2.2.1. Iteration Scheme

The electromagnetic design of the HTS generator is based on non-linear 2D FEM models,
which employ the geometry parametrization in Sec. 4.2.1. Magnetostatic simulations by
means of the free software FEMM are chosen for their computational speed. The number

of finite elements per model is in the order of N. ~ 25000...30000 and is large enough
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to meet convergence criteria. Sinusoidal three-phase AC currents are impressed, so that
all stator current harmonics due to the converter feeding are neglected. The large current-

smoothing inductances Ly, Lq justify this approximation.

The generator’s performance is evaluated by a series of magnetostatic simulations (neglect
of any eddy current reaction), where the rotor is successively shifted in finite steps over one
electrical period Ty = f;~!. After each series of magnetostatic simulations, the flux density
in the cross section of the field winding is evaluated, while an iteration loop ensures a self-
consistent adjustment of the field current /; based on the most critical conditions in terms
of B, Sec. 2.5. The SC excitation winding is composed of Ny insulated turns in each of the
ng ¢ layers. Non-magnetic parts, e.g. the coil support, the cooling plates and slot wedges,
are not explicitly modelled in favour of an improved computational efficiency with only

minor lack of accuracy.

The entire, automated design process is visualised in Fig. 4.8. It ensures that the prescribed
output power P N, the rated voltage Uy (rms line-to-line value) and the field-dependent
maximum DC excitation current /; are set with a maximum relative deviation of 1.5%. A
subordinate iteration loop adjusts the lead angle ¥ in order to achieve the maximum torque

per excited rotor field and, thus, per used superconductor material.

Each iteration involves several series of 2D FEM simulations, where the Newton-Raphson
method is used to adjust the lead angle 7, the excitation current /¢ , the excitation winding’s
number of turns per layer Ny, and the stator winding’s number of turns per phase Ng. Nf
determines the dimensions of the field winding, Fig. 4.7, so that large numbers of turns
require larger inter-pole gaps to accommodate the field winding. The number of turns per
phase N does not determine the stator slot cross section, but the ratio between the number
of turns per coil N, and the number of parallel branches a. The slot cross section is fixed by

the variable fp, r,, Sec. 4.2.1, while the stator current loading Ay scales linearly with the

Q0
available cross-se(z:tional area at a fixed Jcy. Transient, time stepping 2D FEM simulations
are carried out for the final designs with the software JMAG, in order to incorporate the
eddy current reaction field. The calculation of the AC loss Py ac in the DC field winding
due to air gap field harmonics is not part of the automated design procedure, since Py ac
is very small and can be neglected without loss of accuracy regarding the total cryogenic

heat load estimate, Sec. 4.3.4.
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fixed parameters: non-dimensional variables:
* Peou,Ns 7N, Ve, Jou LV VR fps fnu
e Tsc, w * Jrirsor Janags Jhy
*m, g, W/Tp ¢ beﬁrqs pr,rp

2D finite element simulations,
non-linear, magnetostatic, software: FEMM

M(Y) = Mmax‘lszconst.

adjusted y

Pel.out ~ Pel.out.N

adjusted

yes

I~ rIrTCt — adjusted Ng < W < Wi max

yes no: invalid design

adjusted Ny = Us, 1L = Un reject parameter set

yes: valid design

transient model, incorporation of
eddy current reaction field, software: JMAG

Figure 4.8.: Flow chart of the iterative design process of partially superconducting syn-
chronous generators with superconducting field winding. The process is aborted, if the
SC field winding is incapable of providing the required MMF, given Tgc and ny ¢.

(mg: current margin w. r. t. the critical current /. in the SC field winding)
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4.2.2.2. Geometrical Simplifications and Meshing

The 2D FEM models in FEMM and JMAG feature following major geometrical simplifi-

cations in order to decrease the degrees of freedom (DOFs):

¢ The stator winding is modelled by conductors with homogeneous current density.
The increase of the stator resistance due to AC current displacement effects is con-
sidered in addition by analytical calculation with (2.121). A comparison between
the analytically and numerically calculated AC resistances in Sec. 4.3.3 shows a
good agreement. The effect of the AC current displacement on the slot stray re-
actance is neglected, since it is small for low frequencies f; ~ SHz. The stator
winding insulation is not explicitly modelled in the 2D FEM models.

* The superconducting field winding is modelled with a homogeneously distributed
current density. This generally differs from the actual superconducting current den-
sity due to the E—dependence of the local critical current density J., Sec. 2.5. How-
ever, the impact of the spatial variation of J is mostly restricted to the magnetic
fields inside the winding window and the nearest vicinity. A subordinate impact on
the torque producing air gap field is found by comparison to numerical calculations
with detailed coil models (H-A-formulation).

* Non-magnetic, non-conductive stator slot wedges are used and are therefore not
explicitly modelled.

* Any 3D effects are approximated by analytical calculations. This includes the esti-
mation of the inductance Lysp and resistance Ry, of the stator end-winding section,
the equivalent iron length /; in presence of radial cooling ducts and the reduced elec-
trical conductivities for all conductive parts, which are effective for eddy currents.

The relevance of 3D effects is discussed in Sec. 4.2.2.3.

The 2D mesh for a transient model of an exemplary generator variant with topology @
(Sec. 4.1) is visualized in Fig. 4.9. A custom meshing procedure is used for models in
JMAG. An object oriented Python interface is developed to mesh the domains manually

by accounting for following requirements:

* A rectangular mesh is used in conductive parts to resolve eddy currents more accu-
rately. The mesh is adapted to provide sufficient spatial resolution at length scales of
the skin depth, i.e. with g 20 layers per skin depth of the first pair of slot harmonics
in the different materials.
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The mesh in the air gap must be sufficiently fine with homogeneous element size.
This is achieved by g 11 layers in the geometrical air gap, Fig. 4.9.

A fine mesh in the cross section of the field winding is required in order to incor-
porate the local magnetic field conditions with sufficient accuracy. A rectangular
mesh with at least 15 x 18 mesh elements per layer in case of a wy = 12mm wide
tape are used, i.e. with element dimensions in the order of 5 1 mm. This is vital for
the determination of the current carrying capacity I.(B) of the superconductor.

A sufficient resolution in highly saturated iron parts, Fig. 4.9 c), is required in
order to cover the actual excitation requirements accurately. For example, 60 mesh
elements along the radial height of one stator tooth are used and 12 elements across
the tooth width at the stator bore. The mesh size in the rotor pole cores is mainly
determined by the need for an accurate modelling of eddy currents. In all non-linear
iron parts, the element dimensions do not exceed ~ 2mm, while the magnetic flux

density largely varies on length scales of ~ 5mm in the direct drive generators.

c)

A RILE

Figure 4.9.: Topology @ (Fig. 4.4): Detailed views of the parametrized custom mesh. The
mesh uses both triangular and quadrilateral linear elements, depending on the geometry of
the respective region. a) Coil side of the superconducting field winding with homogenized
current density, b) air gap with slot opening, cryostat wall and damper screen, c) stator iron
core with slots and copper stator winding. (software: JMAG Designer)
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4.2.2.3. Influence of 3D Effects

The large magnetically effective air gap width Spag &~ 30...40mm and the strong iron
saturation in ferromagnetic parts, i.e. B > 2T, Fig. 4.10, lead to a situation, where 3D
effects for the generator performance and for the local magnetic field conditions may
become important. Therefore, 3D FEM models are implemented for all four considered
magnetic topologies @ - @), Fig. 4.4. As an example, the calculated 3D flux density
distribution at rated load in a generator with topology @ is shown in Fig. 4.10.

Figure 4.10.: Topology @: Numerically calculated absolute value of the 3D magnetic flux
density B in one pole of a partially superconducting direct drive synchronous generator at
rated load of 7TMW. a) Stator copper winding in stator iron stack, b) HTS field winding
with ferromagnetic pole core and ferromagnetic iron yoke. The cooling and pressure
plates are omitted for the visibility of the SC winding. (software: JMAG Designer)
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In order to quantify inherently three-dimensional effects, the radial flux density B, is eval-

vated along axial lines with radial positions according to Fig. 4.11.

Figure 4.11.: Positions for the evaluation
of the radial magnetic flux density in the
cross section of one pole of a partially
superconducting direct drive wind gen-
erator with topology @), Fig. 4.12. All
points are located in the d-axis. (D: mid-
dle of the pole surface, 2): inner side
" of the damper screen, 3): outer surface
O of the cryostat wall, @): stator bore, (5):

stator iron core at a distance of hq/3

from the stator bore.

The results are shown in Fig. 4.12 and lead to following main findings:

The magnetic flux density in the end-winding section of the field coil is generally
lower than in the straight section, in spite of the curvature related flux concentra-
tion, Fig. 4.10. The highest flux density, e.g. B~ 1.8 T in Fig. 4.10, is experienced
by the straight, leading coil side of the field winding. This justifies, that the super-
conductor’s current carrying capacity /; is determined by means of the 2D models.
The stray field in the end-winding section of the stator winding is very small, i.e.
mostly B < 0.5T, Fig. 4.10. The stator end-winding has no influence on the external
field, experienced by the field winding. The other way around, the field of the rotor
excitation winding does not reach out to the stator winding overhang, Fig. 4.12.
Any flux concentration effects due to the segmented stator iron core do not reach
out to the rotor pole, Fig. 4.12, so that the magnetic field conditions in the rotor can
be accurately covered by 2D models.

In spite of the saturated stator iron teeth (B Z 2T), the axial end effects in the
stator, i.e. the increased magnetic flux density B~ 2...3T, and an axially oriented
magnetic flux density component B; < 1.5T, are restricted to the first stack segment

of the stator iron core, Fig. 4.12. The locally higher hysteresis loss there and the
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additional eddy current loss in the iron stack have minor influence on the calculation
accuracy, due to the low fundamental frequency f; ~ 5Hz and the small share of
Py re/Pa,r < 3% of these loss components in the total loss Py ;.

* 2D models with reduced electrical conductivity allow for the calculation of the eddy
current loss in the damper screen, the cryostat wall and cold rotor parts with suffi-
cient accuracy. This is discussed in detail in Sec. 4.3.2.

* The torque calculated by a) 2D models with equivalent iron length /; and b) 3D
models differs by less than 0.1% for the considered generator variants.
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Figure 4.12.: Topology ®: Numerically calculated (3D model) radial flux density com-
ponent along axial lines with radial positions according to Fig. 4.11. The axial positions
of the stator iron stack segments, separated by radial cooling ducts, are indicated by gray
shaded regions, the axial position in the middle of the field winding overhang, i.e. in the
d-axis, is indicated by the brown shaded region. Since also the tangential and axial com-
ponents of the flux density are significant, depending on position, the absolute value of the
flux density is larger: B~ 1.8...2.1T at the pole surface, B~ 2...3T in the stator teeth.

4.2.3. Parameter ldentification and Phasor Diagram

The construction of the voltage and current phasor diagram per phase requires the extrac-
tion of equivalent circuit parameters from the numerical simulations. Due to the sensi-
tivity with respect to saturation, these parameters characterize the generator only for one

operating point, i.e. operation at rated field current /gy and rated stator current /g. The
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calculation procedure is described in App. A.7 for a symmetrical three-phase winding.

The consumer reference frame is used.

Exemplary phasor diagrams for a generator with all-iron topology @ and stator air gap
winding topology © are shown in Fig. 4.13. The corresponding parameters of the equiv-

alent circuit are listed in Tab. 4.2.
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Figure 4.13.: Exemplary phasor diagrams of 7MW, 8.33 rpm partially superconducting
generators with HTS field winding: a) generator variant @& with ferromagnetic rotor poles
and yoke, copper stator winding in slots, b) generator topology as a) but with stator copper
air gap winding and non-magnetic winding support ©. The very short phasors of the d-
current and jX4/; are not shown in b) for better visibility.

The exemplary phasor diagrams show the large electromagnetic variability among the
variants of partially superconducting generators. The exemplary generator variant with
all-iron topology @ features similar characteristics as conventional generators, e.g. with
PM excitation. In contrast, the variant with stator air gap winding exhibits much smaller

inductances and a significantly smaller load angle ¥y at rated operation.
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Table 4.2.: Exemplary equivalent circuit parameters of the 7MW, 8.33 rpm generator vari-
ants with phasor diagrams in Fig. 4.13. The generator variants feature a HTS field winding
and a copper stator winding.

a) stator winding in slots @

b) stator air gap winding ©

UsN 404V 399V

Us a4 235V 73V

Us,q 329V 392V
UL 700V 691V

Up 392V 418V

Ui 2, FEM 425V 420V
%hp 32.8° 7.3°

U 35.5° 10.6°

Y 166.4° 178.5°

I 6165A 5895 A

Iy —1449A —155A
Iy —5993A —5893A
ZN 65.5mQ 67.7mQ
Xd,ZD 24.3mQ 7.0mQ
Xq.2D 38.4mQ 9.0mQ
Xsob 1.8mQ 3.5mQ
X4 26.1mQ 10.5mQ
Xq 40.2mQ 12.5mQ
R 4.2mQ 4.0mQ
Xd 0.398p.u. 0.156p.u.
Xq 0.613p.u. 0.185p.u.
Ts 0.064p.u. 0.059p.u.
COS PsN —0.928 —0.988
Me,ZD‘rel —419.5kNm —6.3kNm
Meop rel/Meop 4.93% 0.07%

4.2.4. Thermal Design

The purpose of the thermal model is the quantification of the cost of the cooling system

and of the efficiency decrease due to the required cooling power. A lumped element

thermal model is derived, which incorporates major heat transfer paths. The simplified

schematic of the stator section is shown in Fig. 4.14, a corresponding schematic of the

rotor part is shown in Fig. 4.15. The details of the model, i.e. the expressions for the

thermal resistances, are listed in App. A.9, while the major model properties are listed

here:
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* Non-linear, temperature dependent thermal conductivities are used. The material
properties are listed in App. A.3.3. To solve the resulting system of equations, a
non-linear solver in MATLAB is used.

* The mechanical support structure between the warm rotor rim and the cold rotor
yoke (,,cold-warm support®) of the rotor yoke accounts for a significant share in the
total heat load of the cryogenic cooling system. Therefore, a preliminary mechani-
cal design of the support structure is required. The cold-warm support is designed
to withstand as a maximum short circuit torque of three times rated torque. Details
are listed in App. A.9. This estimate of the maximum torque is reasonable based

on the analysis of different sudden short circuit faults in Sec. 6.2.

R

cw. 8

L
1

RCu, SW
PycuT Rowt |:|

Figure 4.14.: Thermal network representing the stator of the partially superconducting
generator. Colours: [ conductive heat transfer, B radiative heat transfer, ] convective
heat transfer, [ combination of radiative and convective heat transfer, (] combination of
conductive and convective heat transfer.

126



4.2. Design of Partially Superconducting Direct Drive Generators

* An ambient temperature of 40°C is considered in the sense of a worst case scenario.

I

The warm temperature 7;, faced by the cryogenic cooling system is 20°C, as an air-
conditioned nacelle is assumed.

A material with zero electrical conductivity, i.e. GFRP, is assumed for the non-
magnetic pole cores of topologies B and . This prevents additional eddy current
losses in the cryogenic section.

The model is only valid for a stator winding in slots with air cooling. In case of the
stator air gap winding (topology ©), the necessarily more powerful cooling system
ensures that the heat transfer from stator to rotor is small and, hence, neglected here.
Based on this assumption of a thermal decoupling, a simplified model of the rotor

alone, Fig. 4.15, is used for the estimation of the cryogenic heat load in this case.

Tim

Rdamp, pp

,damp’

Rcw,oﬁm

Figure 4.15.: Thermal network representing the rotor of the partially superconducting gen-
erator. The cryogenic section of the rotor is highlighted in blue. Colours: [ conductive
heat transfer, B radiative heat transfer, 2] combination of radiative and convective heat
transfer, (] combination of conductive and convective heat transfer.

127



4.2. Design of Partially Superconducting Direct Drive Generators

Following loss contributions to the overall heat load are included:

ohmic loss in the copper stator winding

iron loss in the ferromagnetic stator yoke (all) and stator teeth (topologies @ - ©)
eddy current loss in the cryostat wall Py cw and the warm damper screen
P4, Ft,damp (nOt at cryogenic temperatures)

eddy current loss in the cold massive pole core Py fi,rp (topologies @), @) and in
the massive rotor yoke Py fy,y (topologies @, B, ©)

conductive heat flow through high-current leads Q

ohmic loss in the normal-conducting inter-pole connections in the excitation circuit

Fyip

The considered cooling mechanisms are:

« forced air cooling with convective heat transfer in cooling ducts O, and air gap O

¢ heat transfer from the stator yoke to the surrounding via air convection (thermal

resistance Ry, surr)

« cooling in the cryogenic section by means of GM cryocoolers Qcy

The loss power together with the heat flows and the calculated temperatures are listed in

Tab. 4.3 for an exemplary partially superconducting generator with topology @. Based

on the exemplary results, following findings can be generalized:

* The mostly conductive heat transfer through the cold-warm support accounts for

about 70 % of the total cryogenic heat load. The mostly radiative heat transfer from
the damper and cryostat wall to cold parts and the eddy current loss in the cold iron
feature a minor share, i.e. é 10%.

The estimated average stator winding temperature at 40°C ambient differs from the
initially assumed temperature of ¥¢, s = 100°C by A® =~ 19K. A self consistent so-
lution is obtained by iterative adjustment of the calculated, temperature-dependent
stator resistance Ry.

A significant temperature difference of AT ~ 4K between the SC winding, resp. the
OFHC cooling plates, and the cold stage of the cold head occurs along the cold bus
connection. The increase of the cross section of the OFHC bars is limited for cost
reasons and due to spatial restrictions. This temperature difference (Tsc — Tcy) is

an inherent disadvantage of the cryogen-free, conductive cooling system.
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* The heat load at the 30K stage through the current leads is very small because
a ,,thermal anchoring at 70K, i.e. a pre-cooling of the current leads at elevated
temperature, is considered. HTS current leads are used for the connection to the
T = 30K stage. The heat load at the 70K stage is calculated for a rated exci-
tation current of Iy ~ 417A. By using the optimum copper cross section, the
characteristic ratio L-1/A (L: conductor length, I: current, A: conductor cross
section) at T, = 70K and T; = 290K ( ® ~ 20°C) is L-1/A ~ 3.8-10°A/m
[56]. For a conductor length of L = 1 m, spanning the temperature difference of
AT =T, — T = 290 — 70 = 220K, the optimum conductor cross section is calcu-
lated as (4.18).

Acud = 7 ~ 110mm (4.18)

The heat flux through the current leads is (4.19) [120].

0=2-1\/Ly- (T} —T2) =2-417- \/2.445~ 10-8-(290% —70%) ~ 36.7W

(4.19)
This value is well below the capacity of commercially available GM cryocoolers at

70K, Fig. 1.10, so that a single cold head is sufficient for cooling the current lead.
Based on a typical COP at 70K of ~ 2.5% for the GM cryo-cooler, the required
compressor power for the pre-cooling is in the order of 1.6 kW, which is less than

0.02 % of the rated generator electric power.

The cryogenic heat load Qcy is used to calculate the required compressor input power
Peompr- The required number of cryo-coolers is calculated based on QCH, on the capacities

in Fig. 1.10 and on the cold stage temperature Tcy.

As the cryogenic heat load is mainly determined by the torque M of the generator via
the cold-warm support, a linear scaling of the cooling system capacity with My ~ Mk’max
is reasonable. For similar rotating speeds, this implies the proportionality Qcy ~ Fy.
Generators with larger rated power may profit from an increase of the cooling system’s
COP towards higher cooling capacity. Apart from this effect, no size-dependent influence

of the cryogenic cooling on the overall efficiency is expected.

129



4.3. Parametric Design Study of Partially Superconducting Direct Drive Generators

Table 4.3.: Exemplary heat loads/fluxes
in a partially superconducting 7MW direct
drive generator (topol. @) with HTS field
winding at Tyrs = 30K. The equivalent
circuits in Fig. 4.14, 4.15 are used. An
ambient temperature of Ty =313.15K
(Osurr = 40°C) is assumed.

Picu 476.5kW
Py e,y 10.3kW
Py Fe.t 12.4kW
Pd,Ft,damp 7.1kW
Py Ficw 2.9kW
Pd.Fl,pr 65W
Pd,Fl,yr 12W
Paip 222W
Oa 03W
Otim 358.9W
Qdamp,rad 37.0W
OcH 495W
O 126 1kW
Och 298.1kW
0s 84.0kW

Table 4.4.: Exemplary, calculated tempera-
tures in a partially superconducting 7MW
direct drive generator. The same oper-
ating conditions as in Tab. 4.3 are con-
sidered. An average air flow velocity of
Vs = 55m/s in the air gap is assumed.

195111'1‘ 400C
Vcu.s 119°C
Ope.s.1 12°C
Dpe.s.y 92°C
Uew 75°C
Ditamp 76°C
Brim 40°C
¥s.in 69°C
Den 54°C
19air, out 71°C
THTS 30K
Ten 25.8K
Top 30.1K
Tep 30.0K
Tip 36.2K
Ty 33.4K

4.3. Parametric Design Study of Partially Superconducting

Direct Drive Generators

The aim of the parametric design studies in this section is to narrow the scope for the

numerical optimization in the following Ch. 5. A comparison between MgB, and ReBCO

excitation windings in Sec. 4.3.1 is followed by a systematic investigation of different

stator windings and damper designs in Sec. 4.3.2, 4.3.3. The relevance of the AC loss in

the superconducting field winding is discussed in Sec. 4.3.4.

4.3.1. Comparison of ReBCO HTS and MgB, Field Windings

Compared to ReBCO coated conductors, MgB, wires feature following advantages and

disadvantages regarding a use in field windings of direct drive wind generators:
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@ MgB, wires are generally cheaper, due to a much simpler manufacturing. The wires
exhibit a lower cost per length and critical current compared to 2G HTS conductors
at T = 20K and relevant flux densities of up to B ~ 3T, Sec. 2.5.

® MgB,; wires are available in long piece lengths, while the production of long piece
lengths is more challenging for ReBCO conductors. This difference is partially
eliminated, since HTS conductor lengths of up to /; = 300...500m are commer-
cially available today. The required conductor length per rotor pole rarely exceeds
this range for reasonable generator designs.

(© The MgB, wires require an operating temperature of at most 20K. In contrast, an
operating temperature of 7' = 30K is reasonable for ReBCO tapes, Sec. 2.5.1. For
commercially available cryo-coolers, the higher operating temperature leads to an
increase of the COP by a factor of about ~ 1.8. The lower temperature in case of

MgB, wires affects the overall efficiency and the cost:

— A =~ 80 % higher compressor power is required to remove the same heat, e.g.
Fig. 1.10.

— The larger cooling system is more expensive, which counteracts the lower
superconductor price.

(© The thermal margin is smaller for MgB, wires, i.e. ~ 19K in contrast to ~ 60K for
ReBCO windings with respect to 7. (B = 0). This is relevant for thermal transients.
This disadvantage is aggravated for magnetic topologies with less cold iron parts,
which contribute to the thermal inertia.

© MgB,; wires feature a —25...70 % lower engineering current density Je, which im-
plies less compact windings and makes the cooling more difficult, e.g. in case of
conductive, cryogen-free cooling. With regard to field windings in synchronous

generators, the larger coil cross section is challenging for following reasons:

— The space in the inter-pole gap is limited in order to provide sufficient mag-
netic flux guiding cross section in the pole cores and to achieve a high funda-
mental winding factor.

— Poles with small radial outreach reduce the inter-pole stray flux, which is nec-
essary for following reasons:

* The stray flux magnetically increases the flux density in the pole core and

the rotor yoke without contribution to the torque generation.
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% The inter-pole stray flux penetrates the SC field winding’s coil sides and

reduces the critical current I..

A meaningful comparison of the two superconductors from a cost-oriented perspective
must incorporate the cost of the superconductor, the cost of the cryogenic cooling system
and the opportunity cost, i.e. the missed returns of the missed energy production, due to
an efficiency decrease as a result of a lower operating temperature. For this purpose, three

generator variants, Tab. 4.5, are compared.

Two ReBCO tapes with and without APCs are considered in order to cover the variety
among available conductors regarding the in-field critical current /. (E) An interme-
diate MgB, price of 5.25Euro/m is assumed for (). The assumed ReBCO prices are
250Euro / (kA -m) for type @) and 100Euro / (kA - m) for type @) (T = 77K, s.f.). Type
Q) features a much higher in-field lift-factor L(E), which equalizes the price difference

depending on operating conditions, see Sec. 2.5.

Table 4.5.: Variants of partially superconducting direct drive wind generators for the com-
parison between MgB, and ReBCO field windings. All generators feature the topology
@ in Fig. 4.1 and an identical active generator volume V, = (7/4)-d2 -I;. Generator
specifications: 7MW, 8.33rpm, d@o™* = 6.5m, Uy = 690 V.

0) ) ®
superconductor  MgB, EuBCO GdBCO
manufacturer ASG Superconductors Fujikura THEVA
Tsc 20K 30K 30K
Vo 40m?
topology __ferromagnetic rotor yoke & poles, stator winding in slots

Following findings are derived from the comparison in Fig. 4.16 and 4.17:

* Based on current prices, MgB, excited partially superconducting direct drive gen-
erators feature the lowest capital expenditures (CAPEX), Fig. 4.16 a). However,
only a small active mass reduction by about —10 % is possible compared to PM ex-
cited generators. The system cost C; is by 20...35 % higher than for PM generators
(assuming ppyp.p = 70Euro /kg, Fig. 3.2).

« With ReBCO field windings, a larger mass reduction by ~ 25 % for type 3) and by
even > 30 % for type Q) is possible.
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* The investment cost C; is by ~ —2...17 % lower for both ReBCO field winding
types than for the MgB, field winding, if a ReBCO price reduction to about 1/3
of the current value is achieved, Fig. 4.16 b). This price reduction is considered
as realistic in the medium term by manufacturers. The higher C; of MgB, excited
generators is mainly caused by the necessarily more powerful cooling system. The
material cost of the superconductor alone is similar for (1/3) - pgepco» Fig. 4.17 a).

The generator types in Tab. 4.5 differ regarding the rated efficiency: MgB; ex-
cited generators feature only a slightly higher efficiency (including cooling power)
compared to PM generators, i.e. NNy =92...93%, Fig. 4.17 b). Both ReBCO ex-
cited generator types exhibit an efficiency increase by 0.8...1.2 % compared to PM
and MgB, excited generators for a reasonable total ReBCO conductor length, i.e.
It £ 30km (w = 12mm).

The absolute fundamental power factor |cos @sN| is generally much higher com-
pared to the PM excited generator with only minor difference between the different
generator types with superconducting excitation. This reduces the converter rating,
i.e. by & —20 % from cos @gn ~ —0.76, Fig. 3.3 a), to cos s =~ —0.95, Fig. 4.17 b).

120 ™,
o o Tl 9
2 2 [,
% % u..,‘
z = z 3
= 8209
5~ 5~
S g0
g g
S a) g 0051 b)
0 0
35 40 45 50 55 40 45 50 55
Mact / t — Mect / t —
active generator mass active generator mass

Figure 4.16.: a) Calculated component cost (generator material + converter + cryogenic
cooling system) versus generator active mass for generator variants () - 3 in Tab. 4.5.
b) Same as a), but with a ReBCO price reduction to 1/3 of its current value.
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Figure 4.17.: a) Calculated material costs of the superconductor for Pareto efficient de-
signs for generator types (D - Q) in Tab. 4.5. A ReBCO price reduction to 1/3 of its
current value is considered. b) Calculated generator efficiency versus fundamental power
factor for the generator variants of generator types (D - @ in Tab. 4.5.
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Figure 4.18.: a) Calculated maximum magnetic flux density B, ymax in the excitation wind-
ing (§||c) versus the generator active mass for generator variants (D - 3 in Tab. 4.5.
b) Engineering current density J. in the field winding versus the generator active mass
mac; for the same set of generator variants.
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The considered SC generator types differ strongly regarding the achievable superconduct-
ing in-field engineering current density J, Fig. 4.18 b). In spite of the lower operating
temperature 7 = 20K, the values of J; in the MgB, winding are lower by ~ 25...30%
compared to 3 and by ~ 70 % lower compared to 2). The high in-field current carrying
capacity of () is caused by APCs. As a result of the more compact winding, considerably
higher local magnetic flux densities in the excitation winding occur, Fig. 4.18 a). The pres-
ence of APCs yields however a reduced sensitivity with respect to magnetic flux densities
B>2T (B|c).

— /= 12Ct/kWh i=2%
— P =15Ct/kWh - - -i =35%
— p/ =18Ct/kWh —-— i=5%

Table 4.6.: Assumptions for the calcula- 2
. . . . Q
tion of a cost equivalent for efficiency dif- T::: T
ferences in terms of the net present value Z s 2
(NPV). 5 A
172 7,
g2 e
feed-in tariff p’ 12...18Ct/kWh S2 i
b5 7% /’// “
full load 3750h 2= P A
£~ g f,;’;/,' z .
hours p.a. QO 8 E 05 9l
(62 7T
interest rate i 2...5% 5 %l 5 ¥
3] 7"
rated mechanical TMW L‘“_;; =
power Pech,N 0() 1 2
service life T 20y A /% —

N
difference in rated efficiency

Figure 4.19.: Difference in the NPV due to
an efficiency difference.

An approximate cost equivalent of the efficiency difference is obtained, if the loss power
is priced with the current feed-in tariff p’, Tab. 4.6. The influence on the net present value
(NPV) of an investment in wind power is calculated from (4.20). This calculation is based
on the assumption, that all generator types share the same turbine availability. Q is the
number of full load hours per year. The discussion is restricted to the rated operation here,

as the primary cause of Any, i.e. the cryogenic cooling, is largely independent from load.

(14i)7* (4.20)

™~

ANPV = (O Prech N -ANN) - p'-

k=1
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The increase in ANPV due to a higher rated efficiency 7y is strongly dependent on the
feed-in tariff p’ and the interest rate i, Fig. 4.19. An increased rated efficiency by AnNy =
1% offers a margin of 0.5...0.9MEuro for an increase in CAPEX (50...90kEuro for
Ann = 0.1%). This overcompensates the to date lower investment costs C; of MgB;
excited generators, Fig. 4.16 a). In view of the additional cost reduction potential, ReBCO
conductors are considered to be more promising for the application in SC field windings
of synchronous wind generators. Therefore, only ReBCO HTS field coils are analysed in
the following. The difference in efficiency nearly compensates the higher C; of ReBCO
HTS generators compared to PM generators, Ch. 3, even at today’s HTS cost level, see
also Ch. 8.

4.3.2. Design of an Electromagnetic Damper

In spite of the large magnetically effective air gap width, the possibly large content of sta-
tor field harmonics at stationary operation, mainly due to slotting, imply the requirement
for an electromagnetic damper screen [196]. It ensures a reduction of the AC loss in the
HTS winding to sufficiently low values, improves the generator’s transient stability and
leads to a reduction of the eddy current loss in massive cold rotor parts, which must be re-
moved by the cryogenic cooling system. These requirements must be fulfilled at a limited
loss in the damper screen and in the conductive cryostat wall. The damper screen is made
from copper for its high electrical conductivity. Generally, the electrical conductivity can
be increased by at least one order of magnitude, if the damper is cooled to cryogenic
temperatures to Tymp < 30K, depending on the RRR. A preliminary analysis, based on
analytical calculations for a 7MW generator with a three-phase stator winding (¢ = 1,
W /7, = 1), revealed that the eddy current loss in the damper screen at rated load increases
towards lower Tyayp, App. A.8.1. In spite of the much better screening properties, the

cryogenic cooling of the damper is therefore not reasonable.

Therefore, a warm damper screen is exclusively considered in the following. A forced air
cooling of the damper via the air gap is considered, which yields temperatures in the order
of Vgamp = 70...80°C [O4].

Three modelling approaches with increasing degree of detail and accuracy from 1. to 3.

are pursued:

1. Semi-analytical multi-layer model: The computation of the eddy current loss in
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large FEM models is time consuming, already in case of 2D models: Eddy currents
pose challenges in terms of sufficiently fine meshs, short time steps and long settling
times. Therefore, the linear analytical model in Sec. 2.1 is used. Since saturation
effects are important and must be incorporated, an equivalent stator current loading
A is extracted from non-linear magnetostatic 2D FEM models, Fig. 4.20, which
relieves the restrictions due to settling times and the approximation of time deriva-
tives. The air gap field harmonics, causing the eddy current loss, comprise both
stator field harmonics and rotor field modulations due to the slotted stator. In this
sense, the origin of harmful field harmonics is geometrically located at the stator
bore. To approximately reproduce the field configuration in the analytical model,
it is suitable to impress the tangential magnetic field strength Hy, at the stator bore.
For infinitely high stator permeability, (4.21) holds (Ae: electrical current loading
as in Ch. 2).

Ho(r=rg,0,1) =Ac:(r=rg,¢,1) 4.21)

The tangential component Hy, is extracted from a series of magnetostatic 2D FEM
simulations with the free software FEMM, Fig. 4.20. The magnetostatic model
comprises an entire basic winding scheme corresponding to ¢ = 27 (el.). Sev-
eral simulations for N; time steps (e.g. Ny = 201) within one fundamental period
Ty = 1/ f; are carried out, where the rotor is successively moved. Four integer-slot
and two fractional-slot three-phase stator windings are considered, Tab. 4.7. The
tangential magnetic field strength Hy is evaluated along the contour in Fig. 4.20
and is visualised in Fig. 4.22, 4.23 and 4.24 in a two-dimensional representation
(stator frame of reference). The moving rotor poles, as well as the stationary mod-

ulation due to the stator slotting, can be observed.

. 2D FEM time-stepping transient model (JMAG): The 2D FEM model is used to val-
idate the semi-analytical calculation approach (1.). The model is used to investigate
all six stator winding types, Tab. 4.7, for a selected damper screen thickness dgamp-
Reduced effective conductivities are used in order to approximate the influence of
3D effects.

. 3D FEM time-stepping transient model (JMAG): The 3D FEM model is used for a
single generator design (q =2, W /7, = 5/6, dgamp = 7mm) in order to validate the
2D calculation approaches (1. and 2.). The very high computational effort (> 30

days on 48 cores) impedes any variation of stator winding type or geometry.
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topology @

T
stator copper winding in slots

copper damper

4

dew

y

contour for evaluation of Hy

cryostat wall

Figure 4.21.: Geometry of the simplified

current loading
with harmonics

massive rotor yoke

Figure 4.20.:
Non-linear, mag-
netostatic model,
implemented

in the software
FEMM, that
is used for the
calculation of an
equivalent  cur-
rent loading A.
from Hyp, (4.21).
The  tangential
magnetic  field
component Hy is
evaluated at the
stator bore (green
line). Field lines
are shown for
rated field and
stator currents.

Table 4.7.: Penetration depths in copper and stain-
less steel AISI 304L of prominent air gap field
harmonics of space order V' for six different
three-phase stator windings. A fundamental fre-
quency of f; = SHz and electrical conductiv-
ities Koy = 48 MS/m, Karsizosr = 1.31 MS/m
are used. Only fractional slot windings with g-
denominator 2 are considered due to the absence
of sub-harmonics. Formula for k("): (2.51).

¢ Win o Al
11 +£547 6 133 80
2 5/6,1 £11,+£13 12 94 57
38/9 417,419 18 7.7 47
3/28/9 48,10 9 10.8 66
5/2 4/5  +14,+16 15 84 51

analytical eddy current model, in which
the numerically calculated current load-

ing is impressed.
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The approximation of an impressed current loading in the stator bore (model 1.) is rea-
sonable, since the eddy currents are ,,resistance-limited”. Hence, the eddy current reac-
tion field can be neglected. This corresponds to a unidirectional coupling. The penetration
depths dg of prominent air gap field harmonics of space order v’ for the six different stator
windings are listed in Tab. 4.7. Based on this and the A.-spectra in Fig. 4.22, 4.23 and

4.24, following results are derived:

e Only a partial screening can be achieved for a reasonably limited copper screen
thickness of dgymp ~ 5...10mm. The cryostat wall has minor influence on the

electromagnetic screening.

Short pitched (W /7, < 1) integer-slot windings with g > 1 reduce low order field
harmonics and greatly improve the overall screening, since the lowest relevant space
orders V' belong to the first pair of well damped slot harmonics. The higher time
order in the rotor frame of reference leads advantageously to a reduction of the skin
depth.

Significant ,,saturation harmonics* occur, mainly with space order |v/| = 3. These
are mainly caused by the rotor field saturation and exist therefore for all six con-
sidered stator windings. Due to the low space order of |V/| = 3, these harmonics
in the stator current loading manifest also in a significant contribution to the air
gap field, |B,/| ~ |A¢ + / V'|. The main contributions with k) = —v' = £3 rotate
synchronously and do not induce the rotating damper screen and cryostat wall. Be-
sides, field harmonics with () = v/ = 43 occur, which rotate asynchronously and
contribute to the rotor eddy current loss.

* For fractional slot windings, two contrary effects occur in terms of loss producing
harmonics: On one hand, higher numbers of slots per pole per phase ¢ = 3/2,5/2
with ¢ > 1 advantageously increase the space orders V' of the slot harmonics. On
the other hand, additional asynchronously rotating stator field harmonics with lower
space orders contribute to the air gap field. This effect is only partially reduced by
the short pitched coils.
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q=1 normalized current loading q=2 normalized current loading
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Figure 4.22.: Equivalent current loading, which is extracted from the 2D FEM model in
Fig. 4.20. Top: Current loading in the original domain over one basic winding scheme and
one electrical period. Middle: Normalized 2D spectrum of the current loading. Bottom:
Normalized 2D spectrum of |A, ,//V'| ~ |B,/|. Left: Stator winding with m =3, ¢ = 1,
W = 1,. Right: m =3, g =2, W = 1,. The dashed blue line indicates synchronously
rotating harmonics. In this example, an all-iron topology @ is considered.
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q=3 normalized current loading q=2 normalized current loading
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Figure 4.23.: As Fig. 4.22, but: Left: Stator winding with m =3, g = 3, W/‘L'p = 8/9.
Right: m=3,q=2,W /5, =5/6.
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q=73/2 normalized current loading ¢ — 5/2 normalized current loading
W/Tp - 8/9 Ae (907 t) /Ae,max — W/Tp - 4/5 Ae (‘P: t) /Ae,max —
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Figure 4.24.: As Fig. 422, but: Left: Stator winding with m =3, ¢ =3/2, W /7, = 8/9.
Right: m=3,q=5/2,W/%, =4/5.

Since the AC loss in the field winding due to air gap field harmonics is very low, Sec. 4.3.4,

only the eddy current loss in the rotor, i.e. the damper, the cryostat wall and the rotor
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poles and yoke, is considered in the following. In order to validate the 2D eddy current
loss calculation approach (models 1. and 2.), the numerically calculated losses from the
2D transient FEM model 2. are compared for exemplary generator variants with the 3D
FEM model 3. for a generator with topology @, Fig. 4.25. This all-iron topology is most
susceptible for eddy current losses in the cold part. A warm damper, which is attached to
the inner side of the cryostat wall (,,inner damper®) is considered. A good agreement for
full and half rated stator current /gy is found regarding the calculated eddy current loss in
both warm and cold parts, Tab. 4.8. Based on this finding, the following analyses use and
compare the 2D FEM model 2. (JMAG) and the semi-analytical model 1. (multi-layer

model).

inner, warm damper
(copper)

J:/(A/mm?) 1

|

Ny

cryostat wall
(stainless steel)

-0.7

Figure 4.25.: Exemplary visualization of the numerically calculated z-component of the
eddy current density J, in the inner, warm damper screen and the cryostat wall for a
7MW, 8.33 rpm direct drive generator at rated load (software: JMAG). This corresponds
to variant @ in Tab. 4.9.
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Table 4.8.: Comparison of the numerically calculated eddy current loss in the inner, warm
damper, the cryostat wall and the cold rotor iron. Results are compared for 2D and 3D
non-linear, transient models, both implemented in the software JMAG. Generator specifi-
cations: Py N = —TMW, 2p =72, V, = 40m3, m= 3,qg=2, W/’rp =5/6, fy =5.41Hz,
n = 8.33rpm, dgeom = 8mm, dgamp = 3mm, dcy, = 7Tmm. The results are calculated for
variant @ in Tab. 4.9.

load 3D FEM (JMAG) 2D FEM (JMAG)
eddy current loss in IN 10833 W 11334W (4+4.6 %)
copper damper Py pi,damp IgN /2 8941W 9216 W (+3.1%)
eddy current loss in N 4042W 3979W (—1.6%)
cryostat wall Py e, cw IN/2  3445W 3340W (—3.0%)
eddy current loss in IN 16.6 W 15.3W (—=7.9%)
cold rotor iron Fy i c IN/2 81w 8.0W (—1.6%)

Before analysing the influence of the damper screen thickness, the 2D FEM model 2. is
used to calculate the eddy current loss for four combinations of damper arrangements and
stator winding types, i.e. @ - ©) in Tab. 4.9. Here, a three-phase stator winding with g =2

and W /1, = 5/6 is considered to examine the influence of following design options:
* presence of ferromagnetic teeth in comparison to a stator air gap winding
* use of magnetic slot wedges

 attachment of the copper damper screen at the radially inner or outer side of the

cryostat wall, i.e. ,,inner damper* or ,,outer damper* arrangement

The losses are calculated for rated load IgN and no-load in order to quantify the rotor field
related loss and the load-dependent loss. As the damper screen is in direct contact with
the cryostat wall, only designs with warm damper are considered. The calculated losses

are listed in Tab. 4.9 and the eddy current density distributions are shown in Fig. 4.26.
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Table 4.9.: Numerically calculated (2D model, JMAG) eddy current loss in the copper
damper, the stainless steel cryostat wall and the FeNi9 cold massive rotor parts for four
partially superconducting generator variants. Results are listed for rated stator current and
no-load operation at rated field current Ipy. All variants feature the same specifications:
PN =—TMW, 2p = 88, Sseom = 8mm, m =3, g =2, W/, = 5/6. The B(H)-relation
of the magnetic slot wedge material vetroferrit is shown in App. A.3.1.4.

variant load Py Ft,damp /KW Py ew /KW Pypic/W
@ stator W1pd1ng in slots; L=In 475 4.6 10.95
non-magnetic slot wedge;

inner, warm damper I;=0 4.18 4.16 2.6
® stator winding in slots; L=Ix 099 0.70 915
magnetic slot wedges;

inner, warm damper I;,=0 0.31 0.26 0.71
© stator air gap winding; Iy =1INn 0.02 0.01 1.29
inner, warm damper L =0 0 0 072
O stator w1¥1d1ng in slots; L=Ix 109.50 1.59 932
non-magnetic slot wedge;

outer, warm damper I,=0 99.77 1.44 3.56

—4.5 0 2D FEM (JMAG)  copper damper

— éS J./(A/mm?) —  inner damper
@ M[

—20 0
—

=

—

2D FEM (JMAG), outer damper cryostat wall

Figure 4.26.: Numerically calculated (2D model, JMAG) eddy current density in the inner,
warm copper damper and the cryostat wall, made from stainless steel AISI 304L. Results
are shown for the variants @ - © in Tab. 4.9. As the maximum eddy current densities are
by nearly one order of magnitude higher for the outer damper geometry, a separate color
scheme is used.
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The numerically calculated eddy current density distributions for the variants in Tab. 4.9

are visualized in Fig. 4.26. Following main findings are derived:

The eddy current loss in warm and cold rotor parts for the three-phase stator winding
in slots with ¢ =2, W /7, = 5/6 is reasonably low in the inner damper arrangement,
even without additional mitigation measures.

In case of a slotted stator (variants @), @ and © in Tab. 4.9), the slot pulsations
due to the permeance modulation account for the major part of the total eddy current
loss. Therefore, the eddy current loss at no-load /s = 0 is only little lower than for
rated stator current /yN.

The lowest eddy current loss in warm and cold parts is produced for stator air gap
windings (variant © in Tab. 4.9). In this case, the damper is not required for
stationary operation but for the protection of the SC field winding during transients.
For a stator winding in slots, an outer damper screen (variant © in Tab. 4.9) ex-
periences significantly higher losses due to the proximity to the slotted stator. The
eddy current loss in the cold part is however similar compared to an inner damper
assembly.

The use of magnetic slot wedges (variant @) in Tab. 4.9, non-linear material data of
vetroferrit in App. A.3.1.4) is a suitable measure to reduce the eddy current loss in
the copper damper and the cryostat wall. The eddy current loss in the cold parts is

little changed compared to non-magnetic slot wedges.

J./(A/mm?) —

, . p— | -
semi-analytical -20 0 20

2D FEM (JMAG)

e ——

Figure 4.27.: Comparison of the analytically and numerically calculated eddy current den-

sities

in the inner, warm damper screen and the cryostat wall for an exemplary HTS excited

7MW, 8.33 rpm direct drive generator with all-iron topology @ (software: JMAG).

Based on these findings, only the configuration with warm, inner damper, i.e. an attach-

ment

of the copper damper screen to the inner side of cryostat wall, is considered in the
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following.

The influence of the inner copper screen thickness dgamp and the cryostat wall thickness
dew on the eddy current loss is analysed by means of the semi-analytical model 1. in
Fig. 4.21 for the stator windings in Tab. 4.7. The model is validated against the 2D FEM

model 2. for exemplary generator variants, Fig. 4.27.

0 q=2 W/, =5/6 O ¢=5/2, W/, =4/5
x ¢q=2,W/r,=1 x ¢g=3,W/m,=8/9
V ¢=1,W/rp=1 Vv ¢=3/2,W/r, =8/9

10*

10*

b)

eddy current loss in cold rotor parts
Pirie /W —
_
<
1
x
%
/
»
X
K
%
eddy current loss in cold rotor parts

10°

0 5 10 0 5 10
ddamp / MM — dgamp / Mm  —
damper thickness damper thickness

Figure 4.28.: Analytically and numerically (2D model, JMAG) calculated eddy current
loss in the cold rotor iron parts (topology @) for a varied thickness of the warm, inner
copper damper screen and fixed dew = 10mm. The lines represent the results obtained
by the semi-analytical model, while the symbols represent exemplary numerical results.
Stator windings in slots are considered: a) Integer slot stator windings with ¢ = 1 and
g = 2, b) integer slot winding with ¢ = 3 and two fractional slot windings with ¢ = 3/2
and g =5/2.

In the following, the eddy current loss in the warm parts is denoted by Py pn =
P4, Ft,damp + Pa,Ft,cw» 1-€. the sum of the loss in the warm damper screen Py g, damp
and the cryostat wall Py g cw. The eddy current loss in the cold parts is denoted by
Py Ft,c = Pa,Fe,rp + Pa, Fr, yr» 1-€. the sum of the loss in the conductive, ferromagnetic FeNi9
rotor poles Py ry,rp and the FeNi9 rotor yoke Py gy, (all-iron topology @). The calculated
eddy current loss, Fig. 4.28 - 4.30, points to following main findings:
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eddy current loss in warm rotor parts

1
~ 10 /,g/e,g—e—q—o—o—o—o-o—o—o
s /,

The eddy current loss in the cold parts varies by up to 2.5...3 orders of magnitude
for the same damper thickness, depending on the stator winding type.

The reduction of the eddy current loss in cold parts with increasing dgam, differs
among the stator windings due to the different relevant space orders v'. The largest
reduction is achieved for the short pitched winding with ¢ =2, W /1, = 5/6.

The eddy current loss in the warm parts, i.e. the damper and the cryostat wall,
generally increases for dgaymp < 4mm, but changes only little for thicker damper
screens. It varies by two orders of magnitude among the windings in Tab. 4.7 and
decreases monotonically towards higher g. As the eddy current loss due to the slot
pulsation dominates, reasonably low losses < 10...15kW can only be achieved
with g > 2.

The eddy current loss in the cryostat wall is only little affected by its thickness,
Fig. 4.30. However, the loss in the damper screen increases by a factor of up to
4...5, as the thickness of the cryostat wall is reduced. This effect reflects the high

sensitivity of the loss in the damper with respect to its distance to the slotted stator.

o q=2 W/r,=5/6 o q=5/2, Wz, =4/5
x g=2,W/rp,=1 x q¢=3,W/r,=8/9
v ¢=1,W/r,=1 v ¢=3/2, W/m, =8/9

a)

107t v

b
vlv..v--v-v--v--v-v--v--v--v )

Tloz—

‘_4—X"X'!'7‘R_Y"R“Y-x 5
g : ~ 10}

eddy current loss in warm rotor parts
kW

<0
P ®
10¢ 10077
0 5 10 0 5 10
dgamp / Mm  — dgamp / Mm  —
damper thickness damper thickness

Figure 4.29.: As Fig. 4.28 but for the eddy current loss in the warm, inner damper screen
and in the cryostat wall.
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o ¢=2,W/r,=5/6
s ¢=2,W/r,=1
Vv ¢=5/2, W/, =4/5
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Figure 4.30.: As Fig. 4.29 but for fixed dgymp = 5Smm and varied thickness of the cryostat
wall. The losses are separately shown for a) the warm, inner damper screen and b) the
cryostat wall.

4.3.3. Selection of the AC Stator Winding

All considered stator windings in Tab. 4.7 do not excite any sub-harmonic stator field
waves with v < p and wave lengths A, > 27,, which more easily reach out to the cold
rotor and build up a larger magnetic flux, inducing eddy currents. The use of fractional
slot windings, e.g. concentrated windings, is therefore problematic, if the basic winding
scheme covers more than two poles. In case of a stator air gap winding, there is no need for
short-pitched coils regarding the mitigation of air gap field harmonics. The only criterion
consists in a high fundamental winding factor, which is unity and, hence, maximum for

q=1,W = 1,. In case of a stator winding in slots, following criteria must be fulfilled:

* low eddy current loss in cold and warm parts, Sec. 4.3.2,
* high fundamental winding factor ky, 1 in order to reduce the required excitation
MMF and consequently the required amount of HT'S,

¢ low torque ripple and low content of harmonics of the induced stator voltage.
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The fundamental winding factors are listed for the considered stator windings in Tab. 4.10.
The numerically calculated torque ripple (2D model, JMAG) and the eddy current loss for
exemplary generator variants are summarized in Tab. 4.11. The slot plans and analytically
calculated spectra of the current loading are shown in App. A.6. The exemplary spectra of
the electromagnetic torque and the no-load voltage for a generator with all-iron topology
@ are also compared in App. A.6 for the stator windings in Tab. 4.7.

Table 4.10.: Fundamental winding factors of considered three-phase stator windings. The

slot harmonics with lowest space order, which are critical regarding rotor eddy current
losses, are listed.

W/t ki ko ke (KI/V)/IKY
1 1 1 1 0.19 (v/ = £5)
1 0.966 1 0.966  0.09 (V/ =+11)

5/6 0.966 0966 0.933 0.09 (v =+11)
8/9 0.960 0985 0.945 0.06 (V' ==+17)
3/2  8/9 0.960 0.985 0.945 0.12 (V' =48)

5/2 4/5 0.957 0951 0910 0.07 (V' =+14)

W NN =R

A reasonable AC loss in cold iron parts of at most 10 W can only be achieved with two
windings, i.e. g=2,W /1, =5/6 and ¢ =3, W /1, = 8/9. For the ¢ = 2 winding, a copper
screen thickness of at least dgamp, min = 4 mm is required, while the g = 3 winding requires

at least a thickness of dgamp, min = 5 mm, Fig. 4.28.

Table 4.11.: Numerically calculated (2D model, JMAG) torque ripple and eddy current
loss in warm and cold parts at rated load and excitation for the considered stator windings.
An exemplary generator with all-iron topology is considered. A warm, inner damper with
a thickness of dyaymp = 8 mm is considered.

q W/t (Mpp/2)/M Py Fn /KW Pyric/W
1 1 4.71% 221.2 1864.7

2 1 0.64% 14.3 32.8

2 5/6 0.77% 9.7 4.7

3 8/9 0.17% 5.6 6.7

3/2  8/9 0.27% 41.2 136.6

52 4/5  057% 1.9 73.8
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Among these alternatives, the winding with ¢ = 3 is superior with regard to a higher
fundamental winding factor, a lower amplitude of the stator slot harmonics as well as a
low torque ripple. The advantages of the ¢ = 2 winding consist in a reduced manufacturing
effort due to the lower number of stator coils and in a slightly lower eddy current loss in the
cold parts. Therefore, the ¢ =2, W/1, = 5/6 winding is selected for all further analyses

on partially superconducting generators with a stator winding in slots.

For this stator winding, the influence of the current displacement is analysed for an exem-
plary 7MW generator variant with characteristics according to Tab. 4.12. The open slots,
together with the highly saturated iron teeth, lead to a considerable penetration of the ro-
tor field into the slots, Fig. 4.31. This causes additional eddy current losses in the slot

conductors, which are not included in an analytical treatment of the current displacement.

|,/ (A/mm?) —
—6.2 —2.6

X Figure 4.31.: Current density distri-

t{j\‘t % [ [:}J[[— | bution J; in the stator winding of

U—L“ ! a partially superconducting generator

+U with a detailed conductor model at

T [N rated stator current and rated excitation
Wl ‘ (software: JMAG).

The eddy current loss due to the penetrating rotor field is nearly load-independent and
occurs therefore already at no-load, Tab. 4.12, with an increase of losses by kpy ~ 1.033
(eq. 2.121) or ~ 2.16kW, Tab. 4.13. Generally, the efficiency decrease due to the total
current displacement effect in the stator slot conductors is in the order of ~ 0.15 % for the
considered direct drive generators. The comparison of the analytically and numerically
calculated stator ohmic losses in the conductors, including the load-dependent current
displacement, reveals a small deviation of less than 1 %. This corresponds to a difference
in the calculated efficiency of about 0.035 %. Since this deviation is sufficiently small, the

analytical formulas in Sec. 2.4 are applied for further analyses.
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Table 4.12.: Specifications of the sta- Table 4.13.: Comparison of the analyti-
tor winding in Fig. 4.31. The DC cally and numerically (JMAG) calculated
stator resistance is calculated analyt- loss in the stator winding of a 7MW
ically. partially superconducting generator with
specifications in Tab. 4.12 and all-iron

I 6180A topology @. Losses without current

Jeu 3.5A/mm2 displacement, based on Ry pc: Pycu =

fs 7.33Hz 304.9kW.

a 22

Nc 9 analytical 2D FEM

nT,n 2 rated power 312.22kW 314.67kW
s 446mm Ul 078%)
KCu, 100°C 44.269MS/m no load 0 2.16kW
Acu,T 43.99mm? In, Is = 0)

km 1.033 Cnoexcitation  31222kW  313.09kW
RS,DC 2.661 mQ ([f = 0, IsN) (+0.28%)

R AC 2.725mQ  2.746mQ

4.3.4. AC Loss in the DC Field Winding

The AC loss in the SC field winding is caused by asynchronously rotating air gap field
harmonics. It is generally small and can be neglected. To validate the neglect of this loss
component for the thermal calculations, Sec. 4.2.4, and for the sizing of the cryogenic
cooling system, the AC loss in the double layer HTS field winding with upper layer (UL)
and lower layer (LL) is calculated with a 2D FEM model in the coupled H-A-formulation,
Fig. 4.32. These results are validated against a model with 7-A-formulation with good
agreement. The calculation of very small loss quantities is generally difficult, since a su-
perimposed loss contribution occurs, which is caused by the up-ramping of the excitation
current from zero to the final DC value in the beginning of the simulation. An equilibra-
tion run with artificially increased SC resistance, but the same B-dependent lift factor L(B)
helps to damp this ,,switch-on* transient and to reduce the settling times until the steady
state superconducting current distribution is attained. Thereafter, an evaluation run with

the actual SC resistance characteristic is used for the AC loss calculation.
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A homogenized, equivalent coil model is used for the HTS field winding, Sec. 2.2.4, with
ngec = 11 regions per layer (UL or LL) and coil side (® or ©), and dy = hgec/Asec = 1.

H-formulation

—

y/m

Figure 4.32.: 2D model of an
exemplary HTS excited 7MW,
8.33rpm generator with all-
iron topology @ in COMSOL
Multiphysics for the calculation
of the AC loss in the SC field
winding. (@ - @ enumerate
points, for which the magnetic
flux density is evaluated. @
and (O are used to label the coil
sides. Stator winding: m = 3,
g=2, W/t =5/6,2p =176,
fs=53Hz.

3 3.05 3.1
z/m —

Table 4.14.: Numerically calculated (H-A-
formulation, COMSOL Multiphysics) AC
loss in the GdBCO field winding for dif-
ferent three-phase stator windings. Results
are listed for rated stator current Iy at sta-
tionary operation. No damper screen is
modelled as a worst-case scenario in terms
of AC losses.

stator winding Py, ac,t

=W/t =1 0.24W

g=2.W/1y =1 0.52mW
g=2,W/5p=5/6  0.04mW
g=3,W/7,=28/9 0.78 mW
G=3/2.W/5,=8/9  696mW
G=5/2. W1 =4/5  622mW

3.15

Table 4.15.: Numerically calculated (H-A-
formulation, COMSOL Multiphysics) AC
loss in the GABCO field winding for differ-
ent magnitudes of stator current harmonics
with time orders k = —5, +7. Results are
listed form=3,q=2,W/t, =5/6.

scaling factor s Py ac,f

1 0.4mW

2 59.8mW
3 0.8W

5 7.5W

10 208.0W
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4.3. Parametric Design Study of Partially Superconducting Direct Drive Generators

The calculated AC loss in the HTS field winding for the all-iron topology @ is summa-
rized in Tab. 4.14 for the different stator windings, without damper screen as a worst-case
scenario. The instantaneous loss Py ac ¢(t) is shown in Fig. 4.33 a). The time-averaged
loss per layer (LL, UL), coil side (¥, ©) and all regions i = 1,..., 11 (homogenized coil,
Sec. 2.2.4) are shown in Fig. 4.33 b). For all considered stator windings, Tab. 4.14, this
AC loss is negligibly small compared to the typical cryogenic heat load, Sec. 4.2.4. Simi-
lar to the eddy current loss in the cold rotor iron in Tab. 4.9, the lowest AC loss in the HTS
occurs for g =2, W/, = 5/6, Tab. 4.14.
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time ¢/T, — region index per layer i  —

Figure 4.33.: a) Numerically calculated instantaneous AC loss power Py ac,(¢) per pole
in the HTS winding for a stator winding with g = 1, W /7, = 1, Ty = 0.19s at rated load.
The generator features the all-iron topology @&. The loss is shown for all regions of
the homogenized coil model in the UL of coil side ©. b) Layer and region resolved,
time averaged AC loss per pole for the same exemplary generator. (software: COMSOL
Multiphysics)

The flux density in the most exposed points in the field winding are shown in Fig. 4.34
(g =1, W = 1p). The maximum amplitudes of the perpendicular and parallel slot-frequent
(f =n-Q = 31.7Hz) AC fields are in the order of B, ~ 35mT and 3“ ~ 37.5mT. One
major reason for the low AC loss consists in the high margin with respect to the critical
current of I /I = 1.7, while higher AC losses are expected as this ratio approaches I. /It ~
1. The calculated AC loss in presence of significant stator current harmonics (scaling
factor s = 1, App. A.5) is also low, i.e. Py ac =~ 0.4mW, Tab. 4.15 (all-iron topology @),
stator winding with ¢ =2, W /7, = 5/6, six-step mode at rated stator current). Details are

discussed in App. A.S.
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Figure 4.34.: Parallel and normal component of the calculated flux density for points

D - @ in Fig. 4.32. A stator winding with ¢ = 1, W /7, = 1 for all-iron topology @) is
considered as worst case scenario. The AC field ripple features slot frequency f=n-Qs =
6- fs. (fs = 5.3Hz, no damper screen as worst case scenario)

Table 4.16.: Calculated, maximum AC loss
power in the field winding of a 7MW par-
tially superconducting direct drive generator
for different field current ramps according to
Fig. 4.35.

1+ f) I

I dels / (A/s) —
f4 10 50 100 500
0.05 6.0mW 6.0mW 6.0mW 6.0mW

0.10 1.6W 29W 3.6W 47W

field current

Iy

—
=
|

I) - I

L— 1 | 1]

0.15 17.8W 41.6W 564W 113.5W
Hit 3ty ||
L4 Ll 1 020 42.0W 178.2W 310.0W 805.1W

time t — 510

Figure 4.35.: Schematic of the considered
field current variation. The deviations
from Igy are specified as fraction f of the
rated field current. The steepness of the
current ramps is set with 7;, i =1, ..., 6.

The AC loss for varying I; is of interest regarding transients after faults and regarding
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4.3. Parametric Design Study of Partially Superconducting Direct Drive Generators

an intentional field variation, i.e. for minimum loss operation. In order to quantify the
AC loss in a general scheme, the variation of /; in Fig. 4.35 is considered. The deviation
from the rated excitation current is expressed by the fraction f > 0. The steepness of the
current ramps is varied by specifying the rise times #;,i = 1,..., 6. The maximum loss
power occurs after the first ramp-up of the SC current, Fig. 4.36, primarily at the outer
edges of the SC field winding stack, Fig. 4.37. Tab. 4.16 summarizes the maximum loss
power values. For variations Ay < 0.1 Iy, the AC loss is low in the entire considered
range of slopes d; Iy < 500A/s.
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— UL, + —LL, +
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Figure 4.36.: a) Calculated instantaneous total loss power (all 2p = 76 poles) in the two
layers (LL, UL) and in the two coil sides (@, ©) during a variation of the field current by
S I = 0.1 Iy ~ 42 A with a ramp of d;Jy = 100A/s. b) Total calculated AC loss power
(all 2p = 76 poles) and excitation current for the same scenario.

156

field current



4.3. Parametric Design Study of Partially Superconducting Direct Drive Generators

The maximum AC loss exceeds Py Ac,max = 40W for variations f > 0.15 with current
ramps d; If > 50A/s and for variations f > 0.2, irrespective of the positive or negative
slope. This loss power is in the order of 10 % of the total cryogenic heat load, Sec. 4.2.4,
with a certain influence on the operating temperature. However, if this heating occurs only
over short time spans, e.g. during transients after short circuit faults, Ch. 6, no significant
temperature increase occurs. The calculated loss power values in Tab. 4.16 constitute
upper limits to the maximum periodic variation of the excitation current, i.e. as a reaction
to wind speed turbulences.
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Figure 4.37.: a) Varying lift factor L = I.(B)/I.(B = 0) in both coil sides of the field
winding at time instant 7, after a ramp with f = 0.2 and d; Iy = 10A/s (calculated with a
homogenized coil model, Fig. 4.32). b) Ratio between the superconducting current density

J; and the critical current density J; in the two coil sides (@), ©) for the same scenario as
in a).
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5. Numerical Optimization of HTS Excited

Direct Drive Wind Generators

Based on the preliminary analyses in Ch. 4, the multi-objective numerical optimizations
for different iron topologies, Sec. 5.1, different geometrical constraints, Sec. 5.2, and
different ReBCO tape materials, Sec. 5.3, define the scope of this chapter. Among the
large set of designed generator variants, exemplary designs are selected and described in
Sec. 5.4.

The considered 7 MW, 8.33 rpm HTS synchronous generator designs are generated during
a numerical optimization by means of a genetic algorithm (GA), separately for each of
the topologies @ - © in Fig. 4.4, each set of fixed specifications Tyrs, Vg, and for two
different HTS tapes, Tab. 5.1. A genetic algorithm allows to explore a high-dimensional
variable space efficiently, which is not possible with a conventional grid search. The eight
non-dimensional parameters f; in Sec. 4.2.1 represent the optimization variables, while the
investment costs C; and the active generator mass mac; (excluding inactive parts like frame
structures) serve as competing objectives. The price assumptions, Tab. 5.2, are based on

manufacturer information or publicly available data.

Table 5.1.: Fixed generator specifications Table 5.2.: Specific prices of material and
for the different optimization runs. components, based on information provided
by manufacturers (s.f.: self field)

P, —TMW
U 690V tape () (77 K, s£)  100€/(kA - m)
nN 8.33rpm tape (i) (77 K, s.f)  250€/(kA-m)
o 20 K"gs K. 30K AC/AC converter  30€/kVA
VI-ITS 25 m}’ 30 r7n3 35m3. 40m3 cold head 25000 €/ unit
d%nax 6.5m ’ ’ copper 13.5€/kg
OIS;)OGration MTP A stainless steel 3€/kg
HTS tape  THEVA TPL2100 (i), ?:gi;heets ig ]122
Fujikura FESC-SCH12 (ii) G10CR 15€ ke

topology @ - O (Fig. 4.4)
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5.1. Comparison of Iron Topologies

The pre-implemented GA gamultiobj () of the commercial software MATLAB is used
with parameters ParetoFraction=0.35 and CrossoverFraction=0.8. This is a vari-
ant of a controlled non-dominated sorting genetic algorithm (NSGA-II), which was orig-
inally developed by Deb et al. [46]. Individual designs are selected based on their rank,
while the diversity among the selected individuals is maintained by including a distance
function during the selection process.

5.1. Comparison of lron Topologies

The topologies @, ®), Fig. 4.4, are compared for the same volume Vg = 40m3, the
same cryogenic operating temperature Tyts = 30K of the GdBCO tape, manufactured
by THEVA, and a maximum stator outer diameter of dig’* = 6.5m. Topology © is con-
sidered for the same specifications, except for a reduced operating temperature of the HTS

winding to Tyts = 20K. This choice is motivated by the strongly increased excitation re-
quirement.
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a) topology @ a) topology ©

Figure 5.1.: a) Calculated field lines per pole pair at rated load /N and rated excitation /gy
for an exemplary 7 MW generator, Tab. 5.1), featuring topology @ (Tars = 30K, Vy =

40m?). b) As a), but for topology @ in Fig. 4.4 (Turs = 20K, V, = 25m?). (software:
JMAG)

For topology © with stator air gap winding and consequently increased stator current

loading As, a smaller volume Vg = 25 m3, but also dga®™ = 6.5m are considered. In this
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5.1. Comparison of Iron Topologies

case, the EuBCO tape from Fujikura is used, operated at Tgrs = 20K. This choice is

motivated by the better in-field performance as a reaction to the increased inter-pole stray

flux for topology ©), Fig. 5.1. The glass fibre-reinforced plastic G10CR is used as material

for non-magnetic rotor parts (topologies B and ©).

In all four cases, the required total HTS tape length /; increases with decreasing generator

active mass, Fig. 5.2 b), since the heavy iron parts with large cross section reduce the

required excitation MMF per pole @ ;,.

6.5
6 [ .
stator air a)
gap -winding ©
[
§ - 4r non-magnetic
2 B rotor ©
g~ non-magnetic
g Ual &Ole core B
all-iron @
1
0 : \ ‘
20 30 40 5
generator active mass "Mt /[t —
120
b)
100 -
non-magnetic
=
EDT 80 _ rotor ©
5 all-iron @
g, 60 non-magnetic -
f},é pole core B
B b
£ 40
E
= 20+ stator air
gap winding ©
0 ‘ ‘
20 30 40 5

generator active mass

Meact / t —

Figure 5.2.: Nu-
merically calculated
generator variants for
different  topologies
@ - O, Fig. 4.4. The
lines represent Pareto
efficient variants.
a) Component cost Cy:
generator material +
fully-rated converter
+ cryogenic cooling
system, versus gen-
erator active mass
myct.  b) Total tape
length /i (tape width
wy = 12mm) versus
generator active mass
myet. Not all variants
are plotted for a better
visibility.

The comparison between topologies @ - (© with the same HTS tape shows that topology
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5.1. Comparison of Iron Topologies

@ with ferromagnetic rotor pole core and rotor yoke dominates the generator designs with
partially or completely non-magnetic rotor, Fig. 5.2 a). The mass reduction for @), © due
to the lighter composite material comes at the cost of a disproportionate increase in the

required HTS material amount.

A similar result has been reported in [110] for a comparison of single designs. The limited
space in the rotor inter-pole gap restricts geometrically the design options for the topolo-
gies B and ©, which require larger excitation coils. Moreover, the lack of flux guidance
in case of non-magnetic rotor poles B increases the rotor inter-pole stray flux, which
additionally loads the rotor iron yoke magnetically. The rotor yoke height iy must be

accordingly increased in order to achieve the specified power.

The variants with stator air gap winding topology © dominate the other designs @ - ©

regarding a reduced active mass at similar total HTS tape length for following reasons:

1. The tape with APCs (ii) in Tab. 5.2 has a higher in-field critical current I, allowing
for considerably higher excitation currents /t (Sec. 2.5.1), particularly at the reduced
operating temperature Tyyrs = 20K. This choice anticipates the increased excitation
requirement O, due to the air gap winding. The reduced amount of required HTS
material does not necessarily yield reduced material costs, since the tape (ii) features
a higher price per-unit length, Tab. 5.2.

2. The reduced circumscribing generator volume in case ©) accounts for the increased
electromagnetic utilisation Ce ~ As - Bs 1 and implies a reduced mass of all active
parts. Preliminary studies (not shown here) revealed, that the stator air gap winding
only provides benefits, if a more compact design with a smaller generator active
volume Vj is considered.

The comparison to the gearless PM generators in Ch. 3 leads to following findings:

e The all-iron topology @ enables a reduction of the generator active mass by ~
10...25% compared to most lightweight PM generators. A reduction by 20% is
achieved with a reasonable total tape length of ~ 47km, which is comparable to
the EcoSwing generator in terms of tape length per output power of ~ 6.7km / MW
[196] (width of tape wy = 12 mm).

* The active mass can be reduced by ~ 50 % compared to PM generators, if the air

gap winding topology ©) is employed. The very large excitation requirement yields
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5.1. Comparison of Iron Topologies

however an increase in CAPEX by a factor > 6 compared to the PM generators.

¢ For the current cost level, even variants of HTS excited generators with lowest costs
require a CAPEX that is by ~ 25 % higher compared to the PM excitation. This
relation can however change to some extent due to the volatility of NdFeB magnet

prices, Fig. 1.3, and the potential economies of scale in the HTS production.
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Figure 5.3.: Numerically calculated generator variants for different topologies @ - ©),
Fig. 4.4. a) Rated generator efficiency nn versus fundamental power factor cos @yN.
b) Maximum magnetic flux density in the excitation winding (§| |c) versus the excitation
MMF per pole 6, ,. Opaque symbols indicate Pareto efficient variants.

The absolute power factor |cos@yN| = 0.85...1.0 is high for each of the considered
topologies @ - ©), Fig. 5.3 a), particularly in comparison with PM excited direct drive
generators with |cos @sn| =~ 0.7...0.85. This is attributed to the high rotor field and the
reduced stator inductance due to the large magnetic air gap width 8pg, Fig. 4.4. Designs
with low HTS material consumption feature the lowest absolute values |cos @yn| == 0.85.
Most efficient designs are enabled by a high rotor field and are therefore also charac-
terised by | cos @sn| > 0.975, so that a high efficiency and a high power factor are aligned
objectives.

Among the topologies @ - © with a stator winding in slots, all-iron designs @ with high
magnetic utilization feature the highest efficiency, i.e. nn > 93% Fig. 5.3 a). Similar
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5.1. Comparison of Iron Topologies

results are achieved for an entirely non-magnetic rotor structure ) in spite of the reduced
operating temperature of Typs = 20K. Pareto efficient variants for topology ® with
non-magnetic pole core are mostly dominated by the other topologies regarding 1N and
cos @sN. The HTS design @ with stator air gap winding outperforms the alternatives with
slotted stator in case of highest electromagnetic utilisation, i.e. NN A 94 % and | cos g\ | =~
0.99. Similar findings based on single designs have been reported by Liu et al. [139]. In
case of topology ©), the overall efficiency suffers from the larger stator current loading A
and the associated ohmic loss.

Following results are obtained regarding the magnetic flux density experienced by the
HTS tape and the required MMF of the excitation winding, Fig. 5.3 b)

* The flux density in the critical axis is in a similar range of B~ 1.6...2.4T for the
topologies @ - © with a stator winding in slots. This corresponds to a lift-factor
in the range of L ~ 2.0...2.4 at 30K with respect to 77K/LN,, s.f., Sec. 2.5.
Consistent with most designs reported in literature, e.g. [20, 141], this range of §| le
corresponds to the maximum admissible value in order to prevent an excessive HTS
tape requirement in absence of APCs. The flux density of Pareto efficient variants
increases, if iron parts are eliminated in the rotor. This is caused by a larger fraction
of meandering field, which penetrates the excitation winding.

» Similar excitation requirements for Pareto efficient designs with ferromagnetic and
non-magnetic pole core are found. However, larger rotor yoke heights Ay, are re-
quired for topology @) in order to compensate the increased excitation requirement
of the non-magnetic pole cores. The required MMF per pole is by a factorof 1.5...2
higher for an entirely non-magnetic rotor (€, compared to the other topologies @),
® with ferromagnetic rotor yoke.

 For a stator air gap winding in topology @), the flux density in the critical axis
is in the range 3.8...4.7T, which corresponds to an increase by a factor of 2...3
compared to the other topologies @ - ©. Following effects cause the high values
of Bl|c:

— For the same excitation MMEF, the higher critical current /. of the tape with
APCs implies a smaller width wy of the coil sides. This leads inherently to
a larger local flux density, since, to the first order, the scaling B ~ @, ,/wt
applies.

— The increase of the MMF by a factor of 2...4 is reflected by an according
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5.1. Comparison of Iron Topologies

increase of the inter-pole stray flux.

The rated field current Igy, Fig. 5.4 a), is in the range of Iy ~ 400...450 A for Pareto
efficient variants of topology @ and ®. Only a small increase to about Iy =~ S00A is
achieved with the lower operating temperature in case of topology ©. The higher rotor
inter-pole stray flux @, in this case reduces the critical current I.. The difference in
the field dependent lift factor L between non-magnetic (®) and ferromagnetic pole cores
(@) is not significant, because the iron rotor yoke permeability mainly determines the
reluctance of the relevant stray flux path. The excitation current for topology © with
stator air gap winding and APC-enhanced HTS tapes (ii) in Tab. 5.2 is in the range of
Iy = 1150...1250 A for Pareto efficient designs. The much better in-field performance in
combination with the lower operating temperature yield lift factors in the range of L ~
4.2...4.8, in spite of the higher flux densities, Fig. 5.3 b).
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Figure 5.4.: Numerically calculated generator variants for different topologies @ - ©),
Fig. 4.4. a) Rated field current Ipy versus active generator mass mact. b) Rated stator
current loading Agy versus generator active mass m,e. Opaque symbols indicate Pareto
efficient variants.

The stator current loading Agn increases with the generator active mass mye: The arma-
ture field B loads the stator iron yoke magnetically and requires a larger stator yoke height
hys. Moreover, high stator current loadings A are enabled by a large radial extent of the

stator winding, which increases the required excitation MMF. This implies an additional
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5.1. Comparison of Iron Topologies

magnetic loading of the rotor yoke, requiring a larger rotor yoke height /y,. These effects
overcompensate the reduction of the required air gap field fundamental Bs | for similar
electromagnetic utilization Bs | -As. The differences between the topologies @ - © are
small with current loadings in the range AgN ~ 150...200kA/m. The rated stator cur-
rent loadings of Pareto efficient designs with topology © lie also mostly in the range
Ag = 150...220kA /m, even though much higher values of A are generally possible. The
higher electromagnetic utilization in case of Vg = 25 m? is therefore mainly achieved by
an increase in B . Compared to the PM excited generators in Ch. 3, all optimum HTS
generators feature ~ 10...50 % higher stator current loadings A, as the need for compa-
rably wide iron stator teeth is relieved due to the better excitation capabilities. This leads
to the more general finding, that superconducting field windings must be combined with a

high stator current loading A in order to profit optimally from the higher excitation MMF.
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Figure 5.5.: Numerically calculated generator variants for different topologies @ - ©),
Fig. 4.4. a) Pole count 2p versus active generator mass m,ct. b) Ratio between stator outer
radius rg, and rotor inner radius rj versus generator active mass mgc. Opaque symbols
indicate Pareto efficient variants. f,. . = 1y /Fso is not a meaningful variable from an
electromagnetic point of view in case of an entirely non-magnetic rotor structure Q).

The comparison of the pole count 2p of the Pareto efficient individuals, Fig. 5.5 a), reveals
only small differences between the topologies @ - © with slotted stator. For topologies

® and © with non-magnetic rotor parts, all Pareto efficient generator designs feature an
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5.2. Influence of Installation Space and Outer Diameter

identical pole count, i.e. 2p = 74 and 2p = 76. Higher pole counts 2p would reduce the
required yoke heights, but come at the cost of additional HTS material requirements and

are excluded due to the limited space in the inter-pole gaps for the SC field winding.

Efficient designs with stator air gap winding topology @ are characterised by consid-
erably smaller pole counts 2p = 52...70, which decrease towards heavier designs with
larger iron cross sections. This result is attributed to a minimum ratio between the mag-
netically effective air gap width and the pole pitch 8pag/ 7y, which must be kept in order
to obtain a sufficiently high torque-producing main flux linkage. Compared to the PM
excited generators, the optimum pole count is by a factor of ~ 0.5 lower for all topologies
of partially superconducting generators. The low pole counts are mainly caused by the in-
crease of the total HTS length towards higher p and limit the potential for stronger active

mass reductions.

The relation between the radial extent of the generator in terms of the ratio f., ., = i /7so
and the generator active mass my; differs among the topologies @, ®), ©), Fig. 5.5 b).

For the same ratio f;, . generator variants with non-magnetic pole core feature just a

Fso»
slightly lower active mass. Even though the generators’ main dimensions can generally
vary during the optimization, all Pareto efficient variants feature the same maximum outer
diameter dyo ~ 6.5m, irrespective of the topology. The lower active mass of generators

with topology © for the same f;.; ., ~0.89...0.925 is therefore caused by a shorter axial

Tso

length /; in case of Vg = 25 m?.

5.2. Influence of Installation Space and Outer Diameter

Besides the choice of the topology @ - ©), the generators’ main dimensions dg, = 2r;o,
I determine the electromagnetic utilisation Ce ~ Py/(d2, - I;) ~ As -Bs,1 and hence the
magnetic conditions inside the generator. The installation space in the nacelle usually
restricts the maximum outer diameter dso. Small circumscribing active volumes Vg are
an advantage that is supported by the HTS DC excitation. Smaller values of V, yield
however not necessarily more lightweight generators, so that this section compares Pareto
efficient generator designs with all-iron topology @ for different main dimension limits.
Two optimization runs with the APC-free HTS tape (tape (i) in Tab. 5.2, GdBCO), the
same active volume Vg = 40 m? (Tab. 5.1) and the same cryogenic operating temperature

Tyts = 30K are considered for the following two cases:
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5.2. Influence of Installation Space and Outer Diameter

1. dip®* = 6.5m: The stator outer diameter is restricted according to typical dimen-
sions of commercially available wind generators with 7MW power rating. The

outer diameter is typically restricted due to on-road transport restrictions.

2. dg@™ is not restricted: For fixed volume Vj, the diameter is essentially restricted
by a disproportionate increase of the stator and rotor end-winding length. This
increases the corresponding ohmic loss in the stator winding, where Thermal Class
F (IEC 60034-1, [50]) is assumed with A% = 105K winding temperature rise over
40°C ambient. The limit is checked by means of the thermal model, Sec. 4.2.4.
This scenario is considered in order to evaluate the impact of the restricted diameter

di® in 1. for HTS excited generators.

In addition, two optimization runs for topology @ with the same maximum outer diameter
dge™ = 6.5m, but reduced circumscribing volume V; are considered. Even though the sta-
tor outer diameter can generally differ from its maximum value due to the scaling with the
slimness factor Aq = /; /dso, also here all Pareto efficient individuals feature approximately

dso = dig®, as expected from the approximate scaling of the torque M |ce:00nst‘ ~ dszo 1.

The minimum generator active mass m,c; is obtained for HTS generator designs without
upper limit on the outer diameter, Fig. 5.6 a). In this case, the stator outer diameter is
in the range ds, ~ 6.65...10.3m. The reduced generator active mass originates from the
approximate scaling of both stator and rotor yoke masses (5.1), (5.2) for dszo b~ Vg~

M. = const. and similar air gap flux densities Bs i.

dso
(B Lo 5.1
y ( 5,1 p) Bg. 1 =const. P ( )
oty d ~ 0 : : 62
Mo~ b ho - de ~o 239 ~ = ~as '
y i My " dso p 1d§0~l;:00nst~ plry=const.  dgo

The significant contribution of the yoke masses to the total active mass is therefore con-
siderably reduced. In order to achieve the same active mass mac; ~ 37...43t with finite
maximum stator outer diameter dig** = 6.5m, an about three times higher amount of HTS
material is required, Fig. 5.6 b). For similar local magnetic field conditions in the field

winding and correspondingly similar critical currents, the total SC tape length scales ap-
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5.2. Influence of Installation Space and Outer Diameter

proximately as (5.3) for constant pole pitch 7, and dszo -l; = const. = C,.

c
ki~ p (T+h) ~p- <C' +de)
SO

C
~dso - <Cl+d72) , C1,Cy = const.
¥ (5.3)

The approximate scaling reflects the trade-off between an axially shorter coil and a longer

T, =const.

total conductor length in the winding overhangs for larger diameters. The required HTS
conductor length /; for mae; = 37...43t is reduced for dig®* — e, since the reduction of

the axial length dominates.

Figure 5.6.: Numerically
calculated generator vari-
ants with all-iron topol-
ogy @, Fig. 44, for
different volumes V, =
30,35,40m> and a re-
striction of the outer di-
ameter, Tab. 5.1. For
Ve = 40m3, a separate
optimization run for an
unrestricted outer diam-
eter dg®* — oo i3 car-
ried out. The lines
represent Pareto efficient
variants. a) Component
cost Cy: generator ma-
terial + fully-rated con-
verter + cryogenic cool-
ing system, versus gener-
ator active mass mi,ct. b)
Total tape length /i (tape
width wy = 12mm) ver-
sus generator active mass
maee. Not all variants are
shown for a better visibil-
0 ‘ ‘ ‘ ‘ | ity.
25 30 35 40 45 50 55
generator active mass Mt /t  —

component cost

80

60 r

—

N
(e}

l; / km

20 ¢

total HTS tape length

max
dge®™ — o0
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5.2. Influence of Installation Space and Outer Diameter

Compared to the case of a maximum outer diameter diy* = 6.5m, the prescribed, circum-
scribing volume Vj has only little influence on the relation between / and m,cq, Fig. 5.6 b).

Opposing effects of a volume reduction are:

1. The reduced generator axial length /; implies axially shorter poles with shorter tape
lengths per pole. The shorter axial length directly reduces the size and the mass of
active parts.

2. For fixed stator apparent power S and fixed speed n, the electromagnetic utiliza-
tion Ce ~ As-Bs 1 ~ S/(n-Vg) ~ 1/Vy increases for reduced circumscribing active
volume V. The SC field winding experiences accordingly a higher magnetic field,
Fig. 5.7 b), which reduces the critical current I and increases the total HTS conduc-
tor length. The higher magnetic fluxes require moreover larger iron cross sections

for the flux guidance, which lead to an increase in generator active mass miact.

The comparison, Fig. 5.6 b), reveals that these effects nearly cancel out for Vg =30 m? and
Vg =35 m?3, so that a reduction of Vg has only limited potential to decrease the active mass
and the HTS material consumption in the studied range. Still, the shorter axial length /;
implies lower ohmic losses in the stator winding, even if Ay is increased, Fig. 5.8 a). The
lower stator ohmic loss, which dominates for low speed direct drive generators, manifests
in efficiency advantages towards smaller Vg, Fig. 5.7 a). For a given power factor, the
larger stator outer diameter dig** — oo proves advantageous in terms of a higher generator
efficiency nn due to the reduced stator current loading A¢N, Fig. 5.8 a). With a restricted
outer diameter dip™® = 6.5m, the maximum efficiency for a power factor in the range
|cos psN| = 0.9...0.96 is achieved with the most compact generator design, featuring
Vg =30m’, Fig. 5.7 a).

In all considered cases, the high stator current loadings AgN of Pareto efficient designs,
Fig. 5.8 a), are accompanied by a high thermal utilisation ¢ - AY ~ Ag\ - Jcyu, Which re-
quires a powerful stator cooling system (high heat transfer coefficient @) to limit Ad.
Regardless of the considered installation space V, and the maximum diameter dgy ", the
share of the reluctance torque in the overall rated air gap torque is small, Fig. 5.8 b): The
reluctance torque contributes always less than 10% for Pareto efficient variants, featur-
ing the all-iron topology @&. This share decreases moreover towards highly-saturated,

lightweight variants @), © and ©.
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Figure 5.7.: Numerically calculated variants for different volumes Vy, = 30/35/ 40m?
and a restriction of the outer diameter d™ = 6.5m, Tab. 5.1. For V; = 40m?, a separate
optimization run for an unrestricted outer diameter dgg* — oo is carried out. Opaque sym-
bols indicate Pareto efficient variants. The lines represent polynomial fits to the Pareto
efficient variants. a) Rated generator efficiency versus fundamental power factor. b) Max-
imum magnetic flux density (B ||c) in the winding versus the excitation MMF per pole.
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Figure 5.8.: As Fig. 5.7, but: a) Stator current loading versus the excitation MMF. b) Share
of the reluctance torque in the total electromagnetic torque versus generator active mass.
Not all variants are shown for better visibility.
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5.3. Comparison of HTS Materials and Cryogenic
Temperatures in the Field Winding

The choice of the HTS tape and of the cryogenic operating temperature TyTs determines
the number of turns N; and consequently the dimensions of the excitation winding win-
dow, which are required to provide the necessary MMF @ ;. It also affects the inductance
of the excitation winding L¢. In this section, generator variants with two different tapes,
(i) and (ii) in Tab. 5.1, but the same volume V; = 40 m?, the same maximum outer diam-
eter dig™® = 6.5m and the same operating temperature Tyyrs = 30K are compared. The
generators feature the all-iron topology @®. The higher critical current of the tape (ii) with

APCs influences the electromagnetic design in following ways:

* With a higher I, larger widths w}, of the pole cores are possible for the same exci-
tation @, ,, which relieves one potential magnetic bottleneck of iron saturation.

* Higher flux densities in the excitation winding are admissible due to the better in-
field performance, so that a higher saturation of the rotor parts (particularly the rotor
yoke) are tolerable.

* Higher rotor fields can be achieved for fixed space requirements in the inter-pole
gap. This allows for a smaller stator current loading AgN in order to obtain the same
electromagnetic utilisation Ce.

From an investment cost-oriented perspective, the tape (i) without APCs is favoured for
its lower cost at fixed generator active mass, Fig. 5.9 a). The much higher critical current
1. of tape (ii) is overcompensated by the considerably higher price. There is no significant
difference between the tapes (i) and (ii) with respect to the rated generator efficiency 1y
and the rated power factor cos @gN, Fig. 5.9 b): For the considered topology @, the power
factor can be regarded as a measure for the saturation state, whereas the efficiency is
mainly determined by the stator current loading AgN, as Pareto efficient designs almost
always exhibit outer diameters d, ~ dip* = 6.5m. Since the electromagnetic utilisation
Ce is determined by V, ny and Py, the designs are characterised by a trade-off between
high rotor field B; ~ Bs ;| (and, thus, saturated iron with higher power factor |cos @oN|)
and high stator current loading As (and, thus, reduced efficiency nn). As expected, this
relation turns out to be generic, while the tape (ii) with higher in-field critical current /. (E)
allows to extend the achievable range towards even higher absolute values of the power

factor |cos @g| and generator efficiencies 1.
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The choice of the operating temperature Tygs is characterised by the balance between

1. a high utilisation of the HTS tape material in terms of high admissible excitation

currents Iy and

2. alimited compressor power Peompr for the cryogenic cooling, which scales with the

cooling system’s cost Ceryo and its influence on the efficiency.
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Figure 5.9.: Numerically
calculated generator
variants for two different
tapes (ii) with APCs
and (i) without APCs,
Tab. 5.1. Both genera-
tor variants feature an
all-iron topology @,
Vg =40m?, dl™ = 6.5m
and THTS = 30K. The
lines represent fits to
Pareto efficient variants.
a) Material cost of the
HTS conductors Cyrs
versus active generator
mass Miact. b) Rated
efficiency 17N  versus
power factor cos pN. A
common fit to Pareto
efficient variants is shown
as black line. Not all
variants are plotted for a
better visibility.

The comparison between the Pareto efficient designs of optimization runs, that differ only

with respect to the cryogenic operating temperature Tyts, reveal that a temperature of
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Tuts = 25K is advantageous regarding maximum efficiency, Fig. 5.10 b). In this case,
the sum of the stator ohmic loss Py cy,s and the compressor input power Peompr reaches
a minimum, Fig. 5.11 a). For the slightly lower cold head temperature Tcy ~ 22K, the
coefficient of performance of the cryogenic cooling system is about COP =~ 0.85 %, since
Q = 55W at Peompr = 6.5kW for the SHI cooler in Fig. 1.10.
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Figure 5.10.: Numerically calculated generator variants for different operating temper-
atures T = 20/25 /30K for tape (i) in Tab. 5.1 without APCs. Generator specifica-
tions: Vg = 40m3, d7*™ = 6.5m, all-iron HTS topology @®. The lines represent (fits
to) Pareto efficient variants. a) Combined cost of HTS material and cryogenic cooling
system Cyts + Ceryo Versus active mass mae. b) Rated efficiency nn versus total HTS
tape length /;. Not all variants are plotted for a better visibility.

The reduction of the required amount of HT'S material compared to Tyts = 30K is signif-
icant and the ~ 15 % higher I.-values allow for an increased rotor field and a reduction of
the stator current loading. The latter effect overcompensates the moderate increase of the
cooling power (Tyrs = 30K: COP =~ 1.1%). A further reduction of the operating tem-
perature to Tyrs = 20K with COP ~ 0.45 % leads to a disproportionate increase of the
cooling system’s input power, with accordingly lower overall rated generator efficiency
1N, Fig. 5.10 b). The lowest combined investment cost of HTS material Cyts and cryo-
genic cooling system Cryo is achieved for Tyrs = 20K, Fig. 5.10 a). The decrease of the

173



5.3. Comparison of HTS Materials and Cryogenic Temperatures in the Field Winding

HTS material cost Cyrs overcompensates the more expensive cooling system Ceryo. If the
HTS cost Cyrs is reduced to one third of its current value, this relation changes in favour
of higher operating temperatures. At the reduced cost level, i.e. at 1/3 of the present cost,
the minimum combined cost (Cyts + Ceryo) < 400kEuro is in the order of today’s NdFeB
magnet costs for 7MW PM excited generators, Sec. 3.3.

The share of the cooling system’s cost Ceryo in the total component cost C; depends
strongly on the HTS operating temperature Tyts and increases systematically towards
heavier generator designs with shorter overall HTS length /;, Fig. 5.11 b). For Tyts =
30K, the cooling system accounts for less than 15 % of the total cost in the entire range of

considered designs.
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Figure 5.11.: As Fig. 5.10, but: a) Combined power of ohmic loss in the stator copper
winding and the compressor input power Py cu,s + FPeompr versus total HTS tape length ;.
b) Share of the cryogenic cooling system’s cost in the total system cost versus generator
active mass m,c. Not all variants are plotted for a better visibility.
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5.4. Exemplary Final Design of a Partially Superconducting
Direct Drive Generator

For further comparisons, two exemplary designs for topologies @ and ) are selected.
The designs are Pareto efficient regarding low component cost and low active mass
{Ct, myct} and represent intermediate designs regarding a trade-off between the two objec-
tives. The 2D calculated magnetic flux densities per pole at rated operation are visualized
in Fig. 5.12.

The key characteristics are summarized in Tab. 5.3 - 5.10. Phasor diagrams for rated load

LN and rated excitation /gy are visualized in Fig. 5.13.

| e B/T —
0 2.5 5

Figure 5.12.: 2D calculated magnetic flux density |§| at rated operation for the exemplary
designs, Tab. 5.3, of partially superconducting, HTS excited direct drive generators with
topologies a) @ and b) ©. (software: JMAG)
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Table 5.3.: Key characteristics of the exemplary designs of HTS excited, partially su-
perconducting direct drive generators with topologies @ and ©. (pp: peak-to-peak,

rel: reluctance)

topology @ (D)

PaN —6.97TMW —7.067TMW

SN 7181kVA 7146kVA

Un 681V 700V

In 6085 A 5892A

COS PsN —0.972 —0.989

Nsyn 8.33rpm 8.33rpm

2p 78 64

fs 5.41Hz 4.44Hz

My —8.526MNm —8.589MNm

Mypp, (Mpp/My) 0.312MNm, 3.7 % 0.074MNm, 0.9 %
el 0.507MNm 0.009MNm

ot 137.2kN/m? 188.7kN /m?

AN 179.7kA/m 169.7kA /m

Ce 21.8kVA - min/m> 29.6kVA - min/m>

P 0.177kW /kg 0.203kW /kg

M 216 Nm/kg 247Nm/kg

Table 5.4.: Geometry parameters for the
exemplary generator variants in Tab. 5.3.

Table 5.5.: Mass components of magneti-
cally active generator parts for the exem-

topology ® H) plary generator variants in Tab. 5.3.

| 35m° 25m’ topology @ O
"L 098m  0.686m Mact 39.5¢ 34.8t

Fso 3.240m  3.213m Comys 8.0t 62t
“ri 3.072m  3.084m s 8.2t 0.3t

o 3.034m 3.047m Mg 12.7t 11.7t

rii 2.963m  2.895m S omye 36t 118t
"1, 247mm 303mm mye 3.9t 2.5t

Q 41 mm 50mm Mer 3.1t 2.2t
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Table 5.6.: SC field winding parameters
for the exemplary generator variants in
Tab. 5.3.

Table 5.7.: Loss power components and effi-
ciency for the exemplary generator variants
in Tab. 5.3.

topology @ O topology ® (%)

tape THEVA (i) Fujikura (ii) Py ¢ 542.6kW  529.8kW

IN 487A 1186 A "~ Picus  4635kW  425.9kW

Bf max  1.74T 4.46T Py Fe 149kW  5.6kW

M p 2-98=196 2-110=220 Py, Ft, damp 11.4kW  0.1kW

Tuts 25K 20K Py Ft,cw 4.1kW 0.01kW

I 41.2km 30.5km Peompr 48.7kW  98.2kW

I 816A 1885A Qeryo 415W  428W

W 12mm 12mm COoP 0.85% 0.44 %

nyf 2 2 TCH 22K 17K

#cryo coolers 9 16

N 928%  93.0%

Table 5.8.: Equivalent circuit parameters
for the exemplary generator variants in
Tab. 5.3 at rated operation.

topology @ (®)

X4 17.5mQ  10.1mQ
Xq 332mQ 12.5mQ
Ry 4.2mQ 4.1mQ
Lysp 0.064mH 0.129mH
lps 491 mm 736 mm
ZN 64.6mQ  68.6mQ
Xd 0.271p.u.  0.146p.u.
Xgq 0.513p.u.  0.182p.u.
T 0.065p.u.  0.060p.u.
N 28.9° 10.4°

W 164.7° 178.2°

Table 5.9.: Cost components for the exem-
plary generator variants in Tab. 5.3.

topology @ (5

Ct 1.928 MEuro 4.248 MEuro
" Curs  1.236MEuro 3.403 MEuro

Ceonv 0.215MEuro 0.214 MEuro

Ceryo 0.225MEuro 0.400 MEuro

Ccus 0.171MEuro 0.158 MEuro

Cre 0.049MEuro 0.023MEuro
¢ 0.276MEI0T "0 601 MEuo -
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all-iron @ stator air gap winding ©
2.5 3
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Figure 5.13.: Phasor diagrams at rated operation for the exemplary HTS excited direct
drive generator variants with topologies a) @ and b) ©. The very small d-current is
not shown for the stator air gap winding topology © for better visibility. Corresponding
parameters are listed in Tab. 5.8.

Table 5.10.: Stator winding parameters for the
exemplary generator variants in Tab. 5.3.

topology ® (%)
m 3 3
q 2 2
W/ 5/6 1
a 78 64
Nc 47 46
Ns 94 92
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6. Basic Considerations on Redundancy
Operation and Dynamics of HTS Excited

Direct Drive Wind Generators

Wind turbines intended for offshore installation sites suffer from high costs of mainte-
nance, repairs and replacements of components. Particularly in the winter period, a failure
can lead to long turbine downtimes, if the wind turbine is not accessible by boat and can
only be reached by helicopter. The possibility to continue operation even in case of par-
tial component failures can therefore improve the profitability and the reliability of power
supply considerably. The power converters account for a major share of the overall wind
turbine failures [135, 66], since the electronic modules are exposed to harsh conditions.
Today’s PM excited wind turbine generators, both medium speed and direct drive, fea-
ture a grid connection with several parallel operating converters, Sec. 1.1. Therefore, a
typical requirement for offshore wind installations is the possibility to operate the genera-
tor with partial feeding of the stator winding at reduced power (,,redundancy operation®).
This accounts for the scenario, in which one of several parallel power converters fails and
the corresponding stator winding section is disconnected and idling. The possibility of a
redundancy operation is therefore critical regarding the competitiveness of HTS excited

generators and analysed in Sec. 6.1.

The integrity of the HTS excited generator designs with respect to fault induced transients
is another vital requirement. Typically, the generator experiences largest transient loads
after sudden grid-side short circuits, which must be manageable regarding mechanical in-
tegrity and transient over-currents. Two additional aspects, which are unique to generators

with superconducting excitation winding, are:

¢ The maximum short circuit torque determines the dimensioning of the cold-warm

support. The latter has a strong influence on the required cryogenic cooling capacity

179



6.1. Redundancy Operation

and therefore on the total CAPEX. The largest short circuit torque generally occurs
for sudden two-phase short circuits.

* The instantaneous loss power in the cryogenic cooling system determines the tran-
sient temperature rise in the superconducting winding. This rise must be small in
order to prevent a quench of the superconductor and a potential damage of the SC
field winding.

To investigate these effects, Sec. 6.2 is on the analysis of sudden short circuits at the stator
terminals after no-load operation. At full-load operation, the sudden short circuit currents
and the peak torque values are slightly bigger due to the higher Uy. Since the difference
in Uy, is small as a result of rather small inductances Lg, Lq, Fig. 5.13, the difference
is neglected. A single-phase short circuit to the neutral point, a two-phase short circuit
and a symmetric three-phase short circuit are considered. The analysis of the transient
current responses includes the determination of sub-transient and transient parameters for
an exemplary generator design. These parameters are effective when eddy currents in the

damper and screening currents in the field winding occur.

6.1. Redundancy Operation

In order to cover the most general case, the number of feeding converters is not restricted
to two, but may attain any integer number u, which is compatible with the stator winding
topology. An exemplary generator with 2p = 72 poles and a three-phase winding with
g=2,a=24and N; = 17 is considered. The coils are short pitched by W /7, =5/6
according to the winding selection in Sec. 4.3.3. The number of converters u must be a
factor of the number of parallel branches a in order to achieve a symmetric load sharing.
It is reasonable not to assign single poles but pole pairs to the different converters in order
to avoid any magnetic asymmetry within one pole pair. Hence, u is also a factor of p. The
number of pole pairs per inverter is p/u. The number of neighbouring pole pairs that are
assigned to the same inverter is denoted by o. The integer value o must consequently be a
factor of p/u, Tab. 6.1.
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6.1. Redundancy Operation

Table 6.1.: Possible feeding schemes of the exemplary generator stator winding with
2p =72 and a = 24, which is considered for redundancy operation. u is the number
of converters operating in parallel. o is the number of neighbouring pole pairs that are
assigned to the same converter.

number of converters u  possible values of o power at redundancy operation
2 1,2,3,6,9,12 (1/2)- Py

3 1,2,3,4,6,12 (2/3) Py

4 1,3,9 (3/4)- Py

6 1,2,3,6 (5/6)-Px

12 1,3 (11/12) - Ay

The feeding topologies in case of a failure of a single converter are visualized in Fig. 6.1 -
6.3. The encircled blue sector covers one basic scheme, i.e. o-u pole pairs, which deter-
mines the spatial winding period and therefore the maximum wave length contained in the

stator current loading.

Figure 6.1.: Schematics of
intermittent stator feeding
patterns in case of u =
2 parallel operating con-
verters, from which one
is defect.  Each sector
represents one basic wind-
ing scheme in the up-
per layer of the short-
pitched two-layer wind-
ing. The schemes differ
regarding the number o of
neighbouring basic wind-
ing schemes, which are fed
by the same converter.
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Figure 6.2.: As Fig. 6.1,
but with u = 3 converters
operating in parallel.

Figure 6.3.: As Fig. 6.1, but
with u = 6 converters operating
in parallel.

In the following, A s is used for the electrical stator current loading. The partial feeding
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of the stator winding generally leads to sub-harmonics in the spectrum of the stator current
loading A s, i.e. current loading waves with a wave length A,/ > 27, and the stator air-gap
field distribution. Moreover, additional harmonics with A, < 2- 7, occur. The intermittent
feeding corresponds to a multiplication, (6.1), of the stator current loading Ae s(¢) with a

window function w(¢), (6.2). 27 el. corresponds to an entire feeding scheme with o - u

pole pairs.
Aes(@) =w(9)-Ac s(0) 6.1)
0, p< 2,
w(p) = " ¢ €1[0,2x) inel. deg. 6.2)
1, else

Due to the short-pitched coils, the window functions for the upper and the lower layer
are shifted with respect to each other by one slot pitch. This shift is advantageous re-
garding the mitigation of additional harmonics in redundancy operation, since it leads to

a smoother transition between idling and fed stator sections.

In the spectral domain with space order v/, the multiplication corresponds to a convolution
of the stator current loading’s spectrum A, ,+ and the spectrum of the window function
W, (63).

A~e,v’ =Ae v x Wy (6.3)

The spectrum of the window function features amplitudes, whose absolute values decay
as |[W,/| ~ 1/|v'| towards higher absolute space orders. Therefore, the convolution (6.3)
leads to side bands, which are centred around the space orders that occur in the original
spectrum of the healthy feeding scheme. The torque producing fundamental features the
space order V' = u-o0. As example, the analytically calculated spectrum at intermittent

feeding for u =2, 0 = 1 is visualized in Fig. 6.4.

The sub-harmonics with large wave lengths A € (27, (u-0-21,)] have a considerably
larger outreach to the rotor parts than harmonics with v/ > u- 0. They feature moreover
comparably low time orders in the rotor frame of reference, Fig. 6.4 b), which reduces
the effectiveness of the electromagnetic shielding by eddy currents in the copper damper
screen. Both effects cause that air gap field sub-harmonics reach the cryogenic rotor
section and produce additional losses there. In contrast, the additional harmonics with
v/ > u-o do not reach far due to their short wave lengths. They feature higher frequencies
in the rotor frame of reference and increase primarily the eddy current loss in the cryostat

wall and the copper damper.
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Figure 6.4.: Analytically calculated Fourier spectrum of the stator current loading (time
order k(¥ = —1), divided by the space order |Ae v/ k=—1/V'| ~ |Bys t—_1| for redundancy
operation with u = 2 converters and o = 1. The basic winding scheme covers u -0 = 2 pole
pairs, so that the torque producing fundamental features space order v/ = 2.
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Figure 6.5.: Analytically calculated 2D Fourier wave spectrum of the stator current load-
ing, divided by the space order for redundancy operation with u = 2 converters and o = 1.
The dashed blue lines indicate synchronously rotating waves. a) Spectrum in the stator
frame of reference, where all harmonics feature the time order |k<s>| = 1, since only the
stator current fundamental with frequency f; is considered. b) The same spectrum in the
rotor frame of reference for synchronous rotation, where all spectral contributions, except
from the fundamental, rotate asynchronously.
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6.1. Redundancy Operation

The comparison of the normalized Fourier spectra for the same size of the periodic scheme
u-o =18, Fig. 6.6 a) - c), reveals a decrease of the relative sub-harmonic amplitudes to-
wards a higher number of feeding converters u. The relative space orders v/ correspond
to absolute space orders, as v =V’ - p/(u-0), where v refers to the entire circumference
of the generator. In contrast to the normalized amplitudes, the absolute amplitudes of sub-
harmonics in the current loading’s Fourier spectrum exhibit a similar order of magnitude
for different u. The reduction of the normalized amplitudes is mainly caused by the in-
crease of the torque producing amplitude |A, ,.,| in case of a higher number of feeding

converters u.

The penetration depth in copper exceeds dg, » £ 20 mm for all sub-harmonics, Fig. 6.6 d).
Since this is much larger than a reasonable damper thickness in the range dgamp =
5...10mm, no effective shielding can be achieved. For an approximate estimate U, ~
100 for the relative permeability of the saturated, ferromagnetic, cryogenic FeNi9 rotor
iron parts (all-iron topology @®), the penetration depth for v/ = 41 is in the order of
dg,v—+1 ~8...9mm, Fig. 6.6 d). The harmonics with v/ = %1 are most critical among
the sub-harmonics regarding high eddy current losses, since they feature high amplitudes
|By/| ~ |Ae,y/V'| and a comparably high slip s,» ~ 1, Fig. 6.6 d). The outreach of the
sub-harmonics into the cryogenic rotor section has generally the potential to cause also
additional HTS AC losses in the superconducting field winding. The numerical calcu-
lation is however not feasible with manageable computational effort: In case of the re-
dundancy operation, an entire periodic scheme of u - o pole pairs must be modelled. In
combination with the high computational effort of explicit HTS coil models in the cou-
pled formulations, this prohibits a numerical calculation. As an alternative, the AC flux
density, experienced by the field winding, is analysed in order to obtain a qualitative un-

derstanding of the criticality.

The feeding scheme with u =2, 0 = 1 is regarded as the most critical case regarding the
AC loss for following reasons:
« It features the highest number of transitions between fed and idling stator sections.
 In terms of spectral wave contributions, very high amplitudes of sub-harmonics in
the stator air gap field occur, which even exceed the torque producing amplitude,
Fig. 6.4 (V' = +1).
¢ The numerically calculated rotor eddy current loss reveals a maximum for u = 2,

o =1, e.g. in Fig. 6.13. A similar behaviour is expected for the HTS AC loss.
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Figure 6.6.: a) - ¢) Analytically calculated, normalized spectra of the stator current loading,
divided by the space order |A. \ 4—_1/V'| ~ By y—_| for redundancy operation of a
2p =72 pole generator with a common size of the basic winding scheme with 0-u = 18
pole pairs: a) u=2,0=9,b)u=3,0=06,c) u=6, 0=23. d) Slip s and penetration
depth dg in copper (kcy = 48MS/m, py = 1) and FeNi9 (kgeNig ~ 8.3MS/m, ur ~ 100

as approximate average in the relevant, saturated region).
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6.1. Redundancy Operation

Therefore, the flux densities are evaluated for this case by means of a 2D FEM sector
model in the points (D - @ from Fig. 4.32. The AC part of the flux density’s radial and
circumferential components B, By exhibit maximum peak-to-peak values in the order of
~ 100mT, Fig. 6.7, 6.8. The prominent AC field contribution features a time order of
\km | = 0.5 in the rotor frame of reference. It originates from the stator field sub-harmonic
with relative space order v/ = 41, Fig. 6.5 b).
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Figure 6.7.: Numerically calculated (software: JMAG) AC component of the circumfer-
ential flux density at points (D) - @ in Fig. 4.32. a) Magnetic flux density versus time for
four electrical periods. b) Fourier spectrum of the magnetic flux density versus time order
k™) in the rotor frame of reference. The results are shown for a feeding scheme with u =2
converters and 0 = 1.

An inner, warm copper damper screen with dgyyp = 6mm is considered. The maximum
amplitude is about Ig’(p,max =~ Er’max ~ 50mT. This value is only slightly higher than
the AC field amplitudes that are experienced by the field winding in case of a ¢ = 1,
W /7, = 1 stator winding in absence of a copper damper, Sec. 4.3.4. Since the numerically
calculated AC loss in this case is very low, i.e. Py ac < 0.25W, Tab. 4.14, the same holds
for the considered redundancy operation. In the present case, the AC loss is expected to
be even lower, since the dominant flux density oscillation features only half the frequency
compared to the scenario in Sec. 4.3.4. Similar to the rated operation, the AC loss in the

HTS field winding plays a subordinate role in case of intermittent stator feeding.
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Figure 6.8.: As Fig. 6.7, but for the radial component of the magnetic flux density.

The comparison of the air gap torque for different values of o, but the same number of
converters u = 2, Fig. 6.9, reveals a decrease of the torque ripple for a higher number
of jointly fed, neighbouring pole pairs 0. The absolute value of the average torque M,
decreases towards higher o, since the additional eddy current loss in the rotor decreases,
e.g. Fig. 6.13. The torque ripple decreases, since the number of transition zones between
idling and fed stator sections is reduced. During one electrical period, two rotor poles pass
each of the transition zones, which is reflected by the prominent torque pulsation with
doubled stator electrical frequency for o = 1, Fig. 6.9. Even in case of 0 = 1, the relative
peak-to-peak torque ripple is small, i.e. (Me, pp/Me) ~4.5%. It is therefore generally of

minor importance regarding the choice of the feeding scheme at redundancy operation.

The eddy current loss in the cold rotor iron parts, Fig. 6.10, largely exceeds the loss in
case of complete stator feeding, which is low with Py g pr & 17.3W and Py g, yr < 0.01W.
Similar to rated operation, the major part of the eddy current loss for intermittent feeding
still occurs in the rotor pole cores (all-iron topology @), Fig. 6.10, 6.11. The eddy current
loss is calculated by assuming an electrical insulation between the pole cores and the rotor
yoke, since a considerable contact resistance is expected, if the pole cores are bolted to

the yoke. Therefore, a zero net current is required for each of the pole cores in the 2D
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6.1. Redundancy Operation

model, which is imposed by additional integral constraints. The maximum instantaneous
eddy current loss power in the rotor pole cores varies by a factor of ~ 5.5...6 for dif-
ferent numbers of jointly fed, neighbouring pole pairs o, Fig. 6.10. All feeding schemes
yield a dominant fluctuation of the instantaneous loss power with double stator electrical
frequency 2f;. This contribution is caused by the leaving and entering of rotor poles into
the fed stator sections. As the rotor reluctance in the transition region also determines the
outreach of the magnetic flux to the rotor yoke, a similar variation of the eddy current loss
is observed for Py fy yr, Fig. 6.11.
Figure 6.9.: Nu-
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6.1. Redundancy Operation

Generally, the eddy current loss is strongly decreased, if a higher number o of neighbour-
ing pole pairs is jointly fed by one converter. The high instantaneous loss powers occur
however locally in the rotor poles, which pass from idling to fed sectors or vice versa. To
evaluate the criticality of the local heating, the temperature rise for adiabatic heating is
approximately estimated, (6.4), for o =9, yielding 4 poles in transition regions. An aver-
age heating power of Fd’FLrP =500/4 = 125W, Fig. 6.10, over half an electrical period
for a stator frequency of f; = 5Hz is considered. The mass of a single rotor pole core is
myp ~ 60kg and the specific heat capacity of FeNi9 at 30K is ¢y, = 15J / (kg - K) [56].

Py g At
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Cih mp - Cth

o 300 ¢ o=1 0o=3 0=9 1
= T 950 0o=2 0=206
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g Figure 6.11.: As
2 200 Fig. 6.9, but for th
= = ig. 6.9, but for the
2 ™ 150 eddy current loss
S = in the cold, ferro-
g %100 magnetic rotor yoke
5 3 1l-i 1
5 lf (all-iron topology
B 50 ®).
T | | | |

0 0.2 0.4 0.6 0.8 1

time t/T, —

This estimate AT, for the order of magnitude of the temperature rise shows that the spatial
localization of the maximum loss is of minor importance and that analyses in terms of the

average, overall loss power are meaningful.

The time averaged eddy current loss in the cold rotor parts, i.e. the ferromagnetic rotor
poles and the rotor yoke, increases as the total number of feeding converters u, of which
one fails, is reduced, Fig. 6.12. Since the power at redundancy operation scales as P ~

(u—1)/u, Tab. 6.1, the efficiency decrease is even stronger.
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Figure 6.12.: Numerically calculated AC loss (2D FEM models, software: JMAG) for re-
dundancy operation of a 2p = 72 pole generator. The loss is plotted versus u~!, which is
proportional to the inverse maximum wave length Anyax of space harmonics in the stator
current loading spectrum for fixed o. The exemplary generator features the all-iron topol-
ogy @. a) Eddy current loss in the massive rotor poles Py i pr- b) Eddy current loss in the
massive rotor yoke Py g, yr-

The curves for constant « in Fig. 6.13 correspond to a redundancy operation with approx-
imately the same output power. Feeding schemes with common size of the spatial period
along the circumference, i.e. comprising the same number u - 0 of pole pairs, feature ap-
proximately the same eddy current loss in the rotor pole cores. Generally, the minimum
combined additional average loss in the cold pole cores Py g, pr and the cold rotor yoke
Pa,Ft,yr of Fa,Fe,c = Fa,Ft,pr + Fa, Ft,yr & S00W is in the order of the cryogenic heat load at
rated operation. For patterns with smaller size of the spatial period of the feeding pattern

~ u- o, the original cryogenic heat load is exceeded by a factor of upto 6...7.
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Figure 6.13.: As Fig. 6.13, but in plots versus the inverse number of jointly fed, neigh-
bouring converters 0*1, which scales as the inverse maximum wave length An,x of space
harmonics of the stator current loading for fixed u.

The relative increase of the eddy current loss in the warm copper damper Py f, damp and
in the cryostat wall Py f cw is much smaller than for the cold rotor iron parts, Fig. 6.14.
The maximum loss increase factor for u = 2, o = 1 is in the order of ~ 3 for Py i, damp»
Fig. 6.14 a). As the eddy current losses in the damper and the cryostat wall are not subject
to the very large cooling penalty for losses in the cryogenic section, Py Fy, damp and Py, Fr, cw
play a subordinate role regarding the feasibility of the redundancy operation. However,
the eddy current losses in the warm parts, i.e. the damper and the cryostat wall, are
also minimized for a larger number of converters u and a higher number of jointly fed,

neighbouring pole pairs o.

As discussed qualitatively for the case u = 2 in Fig. 6.9, the torque ripple is also smaller

for larger periodic sectors of the stator feeding scheme at intermittent feeding, Fig. 6.15 a).
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6.1. Redundancy Operation

For u- o = 18, the relative peak-to-peak torque ripple My, / M is less than 2 %, irrespective
of the number of feeding converters u. This corresponds only to a minor increase of

0.2...0.6 percentage points with respect to the torque ripple in case of a healthy feeding

scheme.
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Figure 6.14.: As Fig. 6.13, but for a) the eddy current loss in the copper damper Py, g, damp
and b) the eddy current loss in the cryostat wall Py F, cw-

The stator iron loss Py fe s is generally decreased compared to the normal operation, as
only parts of the stator iron stack are subject to the armature field, Fig. 6.15 b). Since the
rotor field accounts for the major contribution to the stator iron loss, this decrease is only
small, i.e. < 11%. Due to the small share in the overall loss of typically 3 %, as a result
of the low fundamental frequency fs ~ 5Hz, the increase of Py pe, s towards a larger size of

the periodic sector u - o is not relevant regarding the choice of the inverter feeding pattern.

The high eddy current loss in the cold rotor iron (rotor poles and yoke) implies that only
feeding schemes with a minimum of transitions between idling and fed sectors, i.e. u-0 =
18 for the considered example, are reasonable. The calculated losses for these feeding

schemes are summarized in Tab. 6.2.
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Figure 6.15.: As Fig. 6.13, but for a) the relative peak-to-peak torque ripple and b) the
stator iron loss.

Two scenarios are considered as reaction to the nearly doubled cryogenic heat load:

1. The number of the cold heads Ncy is increased in order to maintain the original
operating temperature Tcy of the cryo-coolers. This yields a higher cost of the

cryogenic cooling system and an additional efficiency decrease.

2. The same cryogenic cooling system is used, which leads to an increase of the HT'S
operating temperature Tyyrs. This is only possible, if the critical current I in the

superconducting winding remains sufficiently high.
Following main findings are derived from the comparison:

* The additional cryogenic heat load of Achyo ~ 480W is nearly independent from
the feeding scheme. The number of cold heads for scenario 1) is nearly doubled
compared to the original design, while the additional compressor power is in the
order of 44 kW. The least impact on the overall efficiency occurs for u = 6, 0 = 3,

i.e. —0.8 %, as a result of the highest generator output power among the schemes.
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Table 6.2.: Comparison of numerically calculated losses
for different feeding schemes (left) with common size of
the fundamental feeding scheme with o - u = 18 pole pairs.
Two scenarios are considered as reaction to the increased
eddy current loss in the cryogenic section: 1) the number
of cold heads Ncy is increased to maintain the original
operating temperature of the cryo-coolers Ty, 2) the same
cooling system is used, which leads to an increase of the
operating temperature Tyrs.

u=2 wu=3 u=6 full
0=9 o0=6 o0=3 feeding

Py Fe, pr 435.5W 44377W 446.0W 17.3W
Py Fi,yr 69.1W 643W 454W 3.6mW
Py Ft, damp 22.1kW 22.6kW 23.1kW 18.4kW
Py Fr.ew 45kW 45kW 47kW 4.6kW
PiFe.s 13.1kW 13.3kW 13.6kW 14.0kW
1) increased number of cold heads Ncy
CAQcryo  A873W 4907W 4741W -
Ocryo,t 896.1 W 899.5W 882.9W 408.8W
Tuts — Tcu 83K 84K 82K 38K
Trs 345K 346K 344K 300K
ANcy 6 6 6 -
Ncu 13 13 13 7
Peompr 81.3kW 81.6kW 80.1kW 37.1kW
APeompr 44.2kW 445kW 43.0kW -
Spomps 13% 09% 07% -
2) same cooling system
COPF 216% 217% 213% 1.1%
TcH 594K 59.8K 58K 26.2K
Tirs 677K 682K 662K 30K
1.(T},
bl 0.8 017 021 1

* Based on a cost per cold head of 25kEuro, the additional cost for enabling the
redundancy operation is in the order of 150 kEuro for scenario 1). This value must
be compared with the opportunity cost of longer downtimes without redundancy
operation in order to evaluate the economic viability.

* Without additional cold heads in scenario 2), the temperature rise is in the order of
ATyts ~ 37K with respect to the original operating temperature of Tyts = 30K.
The temperature gradient between the cold stage of the cold head and the HTS
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winding is generally increased due to the higher heat load chyo. The COP at the
elevated temperature is approximately doubled compared to the normal operation
with Tyts = 30K. However, the critical current /; in the superconductor is only
about ~ 1/5 of the original value at Tyrs = 30K. Even by fully exploiting the
original current margin of Iz/I. = 1/1.7, only about one third of the rated field
current /r can be achieved. A reduction of the excitation MMF implies a further
decrease in output power. Scenario 2) is therefore not possible without additional

loss mitigation measures.

Since the more expensive cooling system in scenario 1) leads to an increase of C; in the

order of 10 % for Pareto efficient all-iron designs (topology @), Fig. 5.2, a reduction of

losses in the cryogenic section is required in order to achieve economical competitiveness.

Two possible loss mitigation measures are:

1. The use of non-magnetic, non-conductive pole cores eliminates the main contribu-

tion to the high eddy current loss in the cold rotor iron. For Pareto efficient designs,
Fig. 5.2, the change from ferromagnetic to non-magnetic pole cores (topology B
instead of @) is accompanied by a cost increase of AC; = 300...400kEuro due to
the higher excitation requirements. In terms of CAPEX (neglect of differences in
efficiency), the up-scaling of the cryogenic cooling system represents therefore the
cheaper solution owing to the current cost structure. If the HTS price decreases
however, the use of non-magnetic pole cores is an economically viable measure to

enable the redundancy operation.

. The ferromagnetic pole cores can be equipped with a grooved surface in order to

reduce the eddy current loss from Py orig t0 Py Fi,gr- The penetration depth of
the relevant sub-harmonics is in the order of dg ~ 10mm, Fig. 6.6 d). Appropri-
ately dimensioned grooves can be used to elongate the preferred eddy current paths,
leading to the reduced losses Fy pt,gr- An analytical estimate for the loss reduction
factor ¥ = Py Ft,gr / Pd, Ft,orig Was derived by Kesavamurthy and Basu [113] and is
discussed in App. A.4.3. As an example, the estimate for the loss reduction factor is
in the order of y ~ 0.3...0.5 for 20 grooves, which feature a depth of 10...15mm
and are evenly spaced in axial direction. The large penetration depth and the large
wave length of the sub-harmonics generally reduce the effectiveness of the groov-
ing. However, a loss reduction by at least 50 % could enable a redundancy operation

with the original cooling system at a reduced current margin of /¢/I =~ 1.
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6.2. Sudden Short Circuit Faults

6.2. Sudden Short Circuit Faults

The transient behaviour of HTS excited direct drive generators after sudden short circuits
is analysed by means of 2D FEM time stepping simulations, implemented in the soft-
ware JMAG. The short circuits are preceded by a generator no-load operation. The eddy
current reaction in all conductive parts is directly incorporated by the numerical model.
Voltage fed FEM models are used with coupling to circuit simulations of the excitation
circuit and the stator circuit. The non-linear E(J)-relation of the HTS winding is not
explicitly modelled in order to prevent an excessive computational effort in combination
with the voltage feeding. Instead, the calculated short circuit currents are impressed in a
subsequent current-fed FEM simulation using the H-A-formulation (software: COMSOL
Multiphysics) in order to quantify the AC loss. Generally, the computational effort of the
short circuit simulations is high due to the multi-time scale nature of the problem: Several
time constants, e.g. of the damper and of the field winding, which differ by orders of

magnitude, govern the dynamic processes.

The simulations are carried out for an exemplary generator with characteristics in Tab. 6.3.
Mostly per-unit values are used for the analysis, with reference quantities listed in Tab. 6.4.
In a preceding analysis, the thickness of the warm, inner damper screen dg,mp Was varied
with only minor impact on the general dynamic characteristics, such that the discussion is

restricted to a single value of dg,mp = S mm here.

Due to the very high combined rotational inertia Jio of the drive train and the turbine, all
calculations are carried out for constant speed. To get meaningful results for the transient
response, an accurate estimate for the intrinsically 3D end-winding stray reactances X gy,
is required. It is calculated with the 3D non-linear FEM models after parametrization

according to Sec. 2.4.

Three different sudden short circuit faults of the star-connected stator winding after gen-

erator no-load operation are considered:

1. symmetric three-phase short circuit at the stator terminals (3ph SC)
2. two-phase short circuit between phase U and V (2ph SC)
3. single-phase short circuit between phase U and the neutral point (1ph SC)

The symmetric three-phase short circuit represents the most common case, which essen-

tially determines the maximum loads under real conditions. The other two cases are con-
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6.2. Sudden Short Circuit Faults

sidered, since the single phase short circuit typically yields the highest peak values of the
stator short circuit current fi max, wWhile the two-phase short circuit causes the maximum

short circuit torque My max-

Table 6.3.: Characteristics of the exemplary Table 6.4.: Reference quantities for the
direct drive HTS generator with topology @& conversion to per-unit values for the con-
and with warm, inner damper screen, for sidered exemplary HTS excited generator
which sudden short circuit faults are anal- with star-connected stator winding.

ysed.

S
Pan/ SN 6038MW [ 747SMVA VBT oy 8.572MNm
cospa /N 0.928/93.1% Is=v2IN 8719.3 A
fx/nn/2p  5.41Hz/833rpm/78 U =V2-Upn,N 5717V
do /1 6.50m/12m Ts = oy’ 29.4ms
dew /ddamp 10mm /5 mm N = l\]}h,N /Is,N 65.6mQ
Mac 1 G 4711/ 1.54 MEuro g = Y2 168V s
topology all-iron @
Turs / In 30K /4169A
HTS tape THEVA TPL2100
miql(W/ty) 3/271(5/6)
Nelal N 22/39/88

A constant DC excitation voltage Ur is considered. For the resistance of the normal con-
ducting part of the current leads, an estimate of R ~ 20mQ is used from [137]. The
current-dependent resistance of the brush and slip-ring system is included based on data
in [43]. The inter-pole connections at cryogenic temperature feature voltage drops in the
range of nanovolts [227] and their resistance is therefore neglected. Before the simulation
of the sudden short circuits, equilibration runs are carried out for no-load conditions, so
that the excitation current attains its rated value for the voltage feeding. Short circuits
at the zero-crossing of the phase voltage in phase U are considered in order to cover the

highest short-circuit current amplitude in that phase.

Irrespective of the considered short circuit type, screening currents flow mainly in the
copper damper screen with very high absolute current densities of up to |J;| =~ 45A / mm?,
Fig. 6.16. Due to the large magnetically effective air gap width of dmag £ 30mm and the
high magnetic reluctance faced by the damper stray field, the sub-transient short circuit

current 1/ is mainly limited by the stator stray reactance Xss. Due to the large slot height
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6.2. Sudden Short Circuit Faults

hq, the slot stray reactance X;sq is of major importance, as reflected by the field lines in
Fig. 6.16.

Over a short time period of 7 < 3p.u. after the sudden two-phase short circuit, maximum
instantaneous loss powers of up to Py Fr,damp ~ 3-5 MW occur in the damper screen and up
t0 Py Fr,cw = 150kW in the cryostat wall, Fig. 6.17. The instantaneous eddy current loss
powers for the single-phase and three-phase short circuits are lower, but feature the same
order of magnitude, App. A.8.2. Very high instantaneous losses are also generated in the
cryogenic rotor iron, Fig. 6.18. For an analysis of a potential overheating and a potential
temperature-induced quench of the HTS field winding, an adiabatic temperature rise AT
is considered, (6.5), e.g. Fig. 6.17.

Qdi _ Qa

cn-m Gy

i

||
(A/mm?) T
45+

Figure 6.16.: Single-phase sudden short circuit to the neutral point: Numerically calcu-
lated magnetic field lines and color encoded absolute eddy current density |J;| in the
warm, inner copper damper screen and in the cryostat wall. Results are shown for the
time instant with maximum eddy current loss in the damper screen. (software: JMAG)

Od=cu-m-AT < AT = (6.5)

In spite of the very high instantaneous loss power, the dissipated energy Qg is sufficiently
small due to the short period of time in the sub-transient regimes (7 = 20p.u.<£0.595).

Therefore, the temperature rise in both warm and cold components is small, Tab. 6.5. The
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6.2. Sudden Short Circuit Faults

still high eddy current loss due to the steady state 1ph and 2ph short circuit conditions
requires however a rapid interruption of operation. In case of the cold rotor parts, the
advantageously larger heat capacities for topology @ limit the increase in average tem-
perature to AT 5 0.3...0.4K, Tab. 6.5.
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Figure 6.17.: Calculated, instantaneous loss power and temperature rise for adiabatic heat-
ing after a sudden two-phase short circuit (all-iron topology @®): a) warm, inner copper
damper screen, b) stainless steel cryostat wall.
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Figure 6.18.: As Fig. 6.17, but for parts in the cryogenic section (all-iron topology @®):
a) rotor poles, b) rotor yoke.
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6.2. Sudden Short Circuit Faults

Table 6.5.: Calculated maximum loss power during the three different sudden short cir-
cuit (S.C.) faults. The approximate calculated temperature rise AT of the rotor parts is
estimated by assuming an adiabatic heating during a short time period of T = 20p.u. after
the short circuit. After 7 = 20p.u., the sub-transient damper current has approximately
decayed, e.g. Fig. 6.17.

single-phase S.C. two-phase S.C. three-phase S.C.
Pdﬁmax, Iph ATlph Pdﬁmax,th AT2ph Pdﬁmax,Sph AT})ph
warm, inner damper 1908kW  0.84K 3633kW 133K 1394kW  0.35K

Ga=d66%
cryostat wall 88.4kW  0.03K 155.5kW 0.05K 61.8kW  0.01K
Ga=608%
rotor poles 779kW  0.17K 160.5kW  0.33K 68.4kW  0.11K
Cw=Oly
rotor yoke 2019W 2.7mK 5329W 5.0mK 1849W 1.8mK
Cn =125
oy OB —0O5 2610
—®,B, —@, B,
15 2600
an
£ £ 2590
R= L B g
= @- B = f 2580 1
z 1 os . g e
u: <— sudden single-phase fo i2570.
T 0 short circuit —
g~ B, | 8 2560
=S Aot 2o
g ~—-0.5 ,B =
M3 .5 = 25501
e — e
SR = 2540
@ By
-1.5 ‘ 2530 y
0 50 100 0 50 100
time 7/pu.  — time 7/pu. —

Figure 6.19.: a) Calculated, tangential and radial components B;, B of the magnetic flux
densities in points () and Q) in Fig. 4.32 for generator topology @& and a warm, inner
damper. Results are shown for a single-phase sudden short circuit to the neutral point.
b) Flux linkage of the field winding y after the three different sudden short circuit faults.
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6.2. Sudden Short Circuit Faults

The flux density experienced by the SC field winding is only little increased during the
single-phase short circuit, even in the most exposed points, Fig. 6.19 a). A slightly stronger
increase of the magnetic field is found for the two- and three-phase sudden short circuits,
which is caused by larger transient variations of the field current /¢(7), Fig. 6.20. The sym-
metric, sudden three-phase short circuit current yields the highest decrease Ay;(7) in the
field winding’s flux linkage y¢ due to the stator short circuit current system, Fig. 6.19 b).
Generally, the decrease in the flux linkage is caused by the negative d-current, which flows
in the stator winding. Ay is small due to the additional field current Al;, which flows as

to maintain the original flux linkage.

The dynamic increase Al; of the superconducting field current /; features a maximum of
about Aly/Ipy ~ 37 % for the sudden three-phase short circuit. Since the dynamic resis-
tance of the HTS field winding coils Ryts, ac is not directly included in the calculation,
this value is just a rough estimate, as discussed in the end of this section in connection
with Fig. 6.27.

175 175
a) b)
150 1 1501
1251 125 -
= 2
£ f 1001 2 I 100
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~ o T~
3 T 75 3T 5]
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g o | 1ph S.C. g 95 | p
£ — 2ph S.C.|| £ — 2ph S.C.
0- — 3ph S.C. 0 — 3ph S.C.
0 20 40 107! 10! 10
time T/pu. — time T/pu. —

Figure 6.20.: Numerically calculated deviation of the field current from the rated value
Als = (If — L) after a sudden short circuit at the stator terminals. a) Initial dynamic
increase of the field current Al;. b) Dynamics of the field current, including its decay for
7 Z 100p.u..

Due to the comparably large current margin of Iy/I; = 1/1.7, the dynamic field current
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6.2. Sudden Short Circuit Faults

peak is well below the critical current, even in case of small /.-reductions of the SC wind-
ing due to a) the increase of the flux density in the field winding, Fig. 6.19, and b) the
small temperature rise. Due to the large inductance L and the low resistance Ry in the
excitation circuit, the field current decays very slowly, corresponding to a large transient
time constant 7] ~ 300s, Tab. 6.10 in the end of this section and Fig. 6.20 b).

The maximum, dynamic short circuit torque of mg max ~ 2.5p.u., Fig. 6.21 a), is below
the designed limit of three times rated torque, which is assumed for the dimensioning
of the cold-warm support, App. A.9.3. For sudden single-phase and two-phase short cir-
cuits, the generator experiences a considerable torque oscillation with double fundamental

frequency 2 fs, with an amplitude in the order of the rated torque, Fig. 6.21 b).

2 2
a) b)
11 1_
TN r\wm MM
% 1 0 % T 0- ’ '\ ‘Mmu ““‘“‘HHIIHI |HHH
= ; 2 3
‘i £2 ,w I
ERCR! 2 3-1-’{ Hﬁu}mm\mm
c e c s
2 Ll — I1ph SC.|| 2 ] — 1ph S.C.
— 2ph S.C. ) — 2ph S.C.
— 3ph S.C. — 3ph S.C.
20 10 20 30 =0 50 100
time T/pu. — time 7/pu. —

Figure 6.21.: 7MW, 8.33 rpm HTS excited generator with topology @: Numerically cal-
culated short circuit torque after a sudden short circuit at T = 0 (zero-crossing of phase
voltage U). Results are shown for the three considered kinds of short circuits (S.C.). a) Ini-
tial course of the dynamic short circuit torque. b) Dynamic transition to the steady state
short circuit torque.

This cyclic load change can generally lead to an accelerated fatigue in the GFRP structure.
However, for the design value of the admissible stress max = 20MPa, a negligible fatigue
degradation of mechanical strength has been reported for both compressive and tensile

loads in literature [20]. The value of Gpmax is moreover well below the reported values of
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6.2. Sudden Short Circuit Faults

tensile stress, for which G11 coupons were tested for more than 10° cycles without failure
[186]. Since the short circuit failures are rather rare events, and a rapid shut-off after the
sudden short circuit is assumed, the analysed generator designs are considered to fulfil

mechanical requirements.

The maximum peak value of the stator short circuit current in phase U occurs for a single-
phase short circuit, i.e. iy max =~ 4.27p.u., after about half an electrical period, Fig. 6.22
a). The current envelopes, Fig. 6.22 b), reveal an initial decay of the DC component of
the short circuit current at the subtransient time scale of 7~ 5...10p.u.. The station-
ary short circuit currents feature amplitudes of about i ~ 1.8...2.4p.u. due to the small
synchronous inductances with highest values for the single-phase short circuit. Tab. 6.6
summarizes the peak values for the dynamic stator short circuit currents ik max and the dy-
namic short circuit torque mg max as well as the maximum dynamic slope of the transient

SC field current increase.
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Figure 6.22.: 7MW, 8.33 rpm HTS excited generator with topology @: a) Numerically
calculated stator short circuit currents after a sudden short circuit at 7 = 0 (zero-crossing
of phase voltage U). Results are shown for the three considered kinds of short circuits
(S.C.). b) Envelopes of the dynamic short circuit stator currents with transition to the
steady state short circuit operation.
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6.2. Sudden Short Circuit Faults

Table 6.6.: Comparison of numerically calculated, maximum dynamic short circuit torque
and maximum dynamic stator short circuit current for the three different kinds of sudden
short circuits. The maximum dynamic increase in field current and the maximum slope of
the field current (|d; It|max ) are listed. The latter determine the maximum HTS AC loss.

|ik,max‘ /p-u. ‘mk,max| /p-u. (Nf)max (Ids If|)max
1ph short circuit 4.27 2.14 66.7A (+16 %) 728 A/s
2ph short circuit 2.81 2.52 84.7A (420 %) 908A/s
3ph short circuit 342 2.00 155.4A (+37%)  991A/s

In order to extract sub-transient and transient parameters from the numerically calculated
results, the dynamic sudden short circuit stator current for the three-phase short circuit is

analysed, based on following assumptions [22]:

* The stator winding resistance per phase is small, rs < 1, particularly compared to
the sub-transient and transient per-unit inductances. This is true for the analyzed
generators (topology @), if the saturated synchronous inductances for stationary
operation are considered, e.g. exemplary design (D in Sec. 5.4. It holds also for the
sub-transient inductances that are obtained during the analysis, Tab. 6.7, so that the
calculation is self-consistent in this regard.

* The generator behaves magnetically symmetric in the sub-transient regime regard-
ing d- and g-axes. This implies x| ~ xa’ . Asymmetries in the sub-transient regime
between the d- and g-axes can generally be caused by asymmetries of the damper
and the additional damping effect of the field winding in the d-axis. As the con-
sidered generators with topology @ feature a completely symmetric, warm, copper
damper screen, which is located at a magnetically large distance from the ferro-
magnetic poles, no asymmetry regarding the damper properties occurs. The super-
conducting field winding has a limited damping capability due to its very long time
constant as a result of the small resistance. Finally, the extracted sub-transient time
constants in Tab. 6.7 point to xﬁ’ ~ xg, implying consistency with the underlying

assumption.

Based on these assumptions, the analytical expression (6.6) for the dynamic per-unit short
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6.2. Sudden Short Circuit Faults

circuit current in phase U can be derived in the Laplace domain [22].

'(1:)—+@ i—&-i cos Y - ex *
=T Xy ooxg To-exp Ta

=iy1(7)

o [ (Y e LV o)
up X Xé X exXp T(/j cos Y

=iy2(7)

LI =z cos(T+ 1)
uO xg x/d p Té/ h 7/0

ugp 1 1 T
+7- <ngf]'> -cos(2r+y())~exp{fr—a}

The standardized procedure described in IEC 60034-4 [51] for the experimental deter-

(6.6)

mination of dynamic parameters is not applicable, since the sub-transient and transient
regimes are difficult to separate. Therefore, a more robust, custom multi-step fitting pro-
cedure is applied. The custom fitting routine is implemented in Python and uses the curve
fitting functionalities of the scipy package. The fundamental of the no-load phase volt-
age is determined by a Fourier analysis, Fig. 6.23 a). In a first step, a fit of the form (6.7)

is used for the minima and maxima of the phase current, Fig. 6.23 b).
fi(t)=a;-exp{—b;-t}+¢;, = min, max 6.7)

The average of the fitted functions is associated with the DC part iy () of the phase
current, (6.8), i.e. the blue line in Fig. 6.23 b).

iU, 1 (T) =05 (fmin(f) +fmax(f)) (6.8)
A fit of the form (6.9) is applied to iy, 1 (7).
Joc(t) = apc -exp{—bpc - 7} (6.9)

Since the short circuit at zero-crossing of the phase voltage U is considered (Uy, o = 0), the

expression can be simplified with cos Jy = 1. The fit parameters directly yield the per-unit
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6.2. Sudden Short Circuit Faults

armature time constant T,, (6.10), and the expression (6.11).

T, = bol (6.10)
1 1 2-apc
= — 6.11
P xq o xq uo @10
5 .
1.0 1 4y
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Figure 6.23.: a) Numerically calculated no-load voltage of the exemplary generator (topol-
ogy @), inner copper damper screen) together with its Fourier fundamental. b) Dynamic
short circuit current in stator phase U after a three-phase sudden short circuit together with
separate fits to maxima and minima (dashed lines). The blue line represents the average of
both fitted envelopes and corresponds to the decaying DC part of the short circuit current.

The DC part, (6.8), is subtracted from the phase current in order to obtain the AC part
of the phase current alone: iy, ac(7) = iu(7) — fpc (7). In the limit T > 1,, 7, only the
contribution iy () in (6.6) remains for the AC part, since in this limit exp{—7/7,} =
exp{—7/7} ~ 0 holds.

The extrema of iy aoc(7) for T > 50p.u. are considered, with negative minima reflected
across the t-axis, Fig. 6.24 a). These points are fitted with an envelope of the functional
form (6.12), where 79 = 50p.u..

fl(t)=d -exp{-b-(t+79)} + (6.12)
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Figure 6.24.: 7MW, 8.33rpm generator with topology @& and a warm, inner copper
damper screen: a) Numerically calculated decay of the AC part of the dynamic short
circuit current in phase U after a three-phase short circuit for T Z 50p.u.. The black line
represents a fitted envelope. b) d- and g-currents after a sudden three-phase short circuit
at7=0.

The fit parameters directly yield an estimate for the per-unit transient time constant of the
d-axis Té, (6.13). Moreover, an estimate of a partially saturated synchronous inductance
is obtained, (6.14). This inductance is effective in the steady state short circuit opera-
tion, when the short circuit current is largely a negative d-current, that reduces the iron

saturation in the main flux path.

1
T = 5 (6.13)
171
xq= ﬁ (6.14)
11 /
a::—,———mexp{r—?} (6.15)
Xy X ugp T4

From (6.13) and (6.15), the per-unit transient inductance of the d-axis is calculated, (6.16).

~ (6.16)
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The remaining analysis is carried out after transformation to the d-g-frame with the Park
transform (6.17) [22], Fig. 6.25 b).

(id(f)) - g ' ( cosT  cos(T—2m/3)  cos(T—4x/3) ) . iy(T

iq(7) “sint  —sin(t—2m/3) —sin(t—47/3) ;VVV((TT

(6.17)

~——

The d- and g-components of the analytically derived short circuit current after a sudden
three-phase short circuit from no-load are (6.18) and (6.19) [22].

, 1 o1 T
ld(T):—M()' g—.— a_,?d - €Xp —?é
1 1

(6.18)
1 T 1
+{ 55— ) -exps——; ¢ — 55 -expy —— ¢ -cos(T)
a M g *q a
iq(r)_—zgexp{—;}-sinr 6.19)
The envelope of the g-current is fitted with relation (6.20), Fig. 6.25 a).
fq(t) =aq-exp{—by- T} (6.20)

The fit parameters yield the per-unit sub-transient inductance of the g-axis x!/, (6.21).

o= 6.21)
lag]
The per-unit sub-transient inductance of the d-axis xfj’ is calculated by combining (6.21)
and (6.11) to (6.22).

1
W= (6.22)

B _ 1

q
The per-unit sub-transient time constant 1,'(’1’ is the last quantity to be determined. Since
the transient time constant is much larger than the sub-transient one, i.e. ‘Eé > Tc’l’, T,, the
decay of exp {—T/ré} until the end of the sub-transient regime, e.g. 7~ 20...30p.u., is
small. This implies the approximation (6.23).

Aid(T) = id(‘L') — id(T = 30p.u.)

_ 1 1 T 1 T . (6.23)
~ ug xg x{j exXp ’L'é’ xg exXp ) COS
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Figure 6.25.: 7MW, 8.33 rpm HTS excited generator with topology @ and a warm, inner
copper damper screen: a) Numerically calculated g-current after a sudden three-phase
short circuit at T = 0 (zero-crossing of phase voltage U). The envelope is shown to-
gether with an exponential fit. b) Decaying part of the dynamic short circuit d-current
Aiq = ig(T) —ig(T — o). The minima and maxima are highlighted. The black line is an
exponential fit to the average of the envelopes.

The quantity Aiq(7) is composed of a DC and an AC part, Fig. 6.25 b). Therefore, a similar

fitting procedure as for the initial separation of the DC part in iyy(7) can be applied.

The extrema are again fitted with expressions of the functional form (6.7). The average
of the envelopes is calculated as in (6.8) and associated with the DC part of Aig(7). A
subsequent fit of the form (6.9) yields directly an estimate for the per-unit sub-transient
time constant of the d-axis 7 = bp .

The set of extracted parameters is summarized in Tab. 6.7 - 6.10. A comparison of the
numerically calculated short circuit current in phase U and the analytical expression (6.6)

is visualized in Fig. 6.26 and reveals a good agreement.
Following general findings are derived from the extracted parameters:

* Generally, the per-unit inductances differ from the typical ranges [22], due to the

very large magnetically effective air gap Smag, Tab. 6.7. The per-unit inductances of
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the d- and g-axes, that are determined by the procedure in Sec. 4.2.3, are small. The
g-axis inductance is larger than x4. The salient-pole geometry has little influence,
since the rotor pole cores are highly saturated and the combined reluctance of the
rotor and the air gap in d- and g-axes differs only little. In contrast, the high rotor
field in the d-axis leads to a strong saturation in the stator iron teeth and the flux
path sections in the stator yoke. This affects both the main flux and the slot stray
flux and therefore yields x4 < xq. The calculated inductances in d- and g-axes were
confirmed by means of small test coils, that were modelled in 2D FEM models. The
partially saturated per-unit inductance of the d-axis, which is obtained during the
short circuit analysis, is slightly larger than x4 and by about 65 % larger compared
to the saturated value of x4 at rated operation.

The per-unit transient inductance of the d-axis x/ is larger than typical due to the
limited screening capability of the excitation winding and the comparably loose
magnetic coupling of stator and rotor as a consequence of the large magnetically
effective air gap. Due to the large value of g, and the large slot height hq, the slot
stray reactance X5 accounts for a major part of the synchronous reactance. Since
the stray reactance is not affected by the magnetic coupling with the field winding,
the difference between xq (partially saturated) and x); is small. The same holds
for the sub-transient inductances x/j, x(’]’ , as the copper damper screen is located at
a comparably large distance from the stator and faces a high reluctance for any
screening fields.

Due to the very large inductance L¢, in combination with the low resistance Ry
in the excitation circuit, the transient time constant 1,'(" is by about three orders of
magnitude longer than the sub-transient and the armature time constants T}, T,.
After the sub-transient response, the field current settles to its original value on
a time scale of several minutes, Tab. 6.10. This result differs considerably from
normal conducting generators, where the transient regime persists on a time scale of
few seconds [22]. The accuracy of the estimate for 7 is limited due to the neglect of
the dynamic resistance Rygrs, ac of the HTS field winding. However, the analysis at
the end of this section reveals, that the contribution of the dynamic resistance is only
significant until about 37, ~ 21p.u., Fig. 6.27 b). Since the transient time constant
is still by about 2.5 orders of magnitude longer, the dynamic HTS resistance has

little influence on 7).
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Figure 6.26.: 7MW, 8.33 rpm HTS excited generator with topology @ and a warm, inner
copper damper screen: Numerically calculated, dynamic short circuit current in stator
phase U after a sudden three-phase short circuit at voltage zero-crossing in phase U. The
numerical result is compared with the analytical relation (6.6). The transient parameters
are obtained by the step-wise fitting procedure, as described in the text, and listed in
Tab. 6.7 - 6.10.

* The sub-transient and armature time constants T, T, are in the same order of mag-
nitude. The decay of the eddy current loss in the damper screen, Fig. A.26 in App.
A.8.2, allows for an exponential fit, which yields a characteristic time constant for
comparison purpose. This estimate is very close to the sub-transient time constant
that is obtained by the fitting procedure described above, Tab. 6.8, 6.10.

The sudden increase of the dynamic field current after the three-phase sudden short cir-
cuit causes AC losses in the HTS field winding. These losses are calculated by means
of a 2D FEM model in the H-A-formulation, where the previously calculated stator and
field currents are impressed. The instantaneous AC loss features a maximum value of
Py, aC,max ~ 95KW during the sub-transient regime, Fig. 6.27 a). The calculated super-
conducting current distribution in the homogenized coil model is shown in Fig. 6.28 for
the time instant with maximum AC loss. The total dissipated energy is however small due
to the fast sub-transient decay on a time scale of 3‘5(’1’ ~ 14.5p.u., when the field current

has approximately already attained its maximum value.
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Table 6.7.: Calculated per-unit induc-
tances and resistance of the exem-
plary HTS excited direct drive generator,
Fig. 6.26. The transient and sub-transient
parameters are obtained by fits to the nu-
merically calculated sudden three-phase
short circuit current.

x4 (partially saturated) 0.659 p.u.

saturated (rated op., Sec. 4.2.3)

X4 0.398 p.u.
% oebpu

X 0.547 p.u

X 0.479p.u

xq 0.504 p.u

Ts 0.071 p.u

Table 6.9.: Calculated inductances and re-
sistance of the exemplary generator, based
on Tab. 6.7, Fig. 6.26. Transient and sub-
transient parameters are extracted from
fits to numerical simulation data.

Lq (partially saturated) 1.27mH
L) 1.06 mH
L] 0.92mH
La’ 0.97mH
Ry 4.6mQ

Rf" cl 20.0mQ

Table 6.8.: As Tab. 6.7, but per-unit time
constants and short circuit currents of the
exemplary HTS excited direct drive gen-
erator.

T 10 525p.u.
7 4.834p.u.
7 from Py gt damp 4.630p.u.
T 7.153 p.u.
ug 1.052 p.u.
ix 1.596 p.u.
i 1.923 p.u.
iy 2.196p.u.

Table 6.10.: As Tab. 6.8, but calculated
time constants and short circuit current
amplitudes. Transient and sub-transient
parameters are extracted from fits to nu-
merical simulation data.

T, 309.4s
) 0.142s
T, 0.210s
Uo 601V

I 13.92kA
4 16.77kA
L 19.15kA

An estimate for the heat capacitance of the field winding alone is Cy, ~ 13.8kJ /K (mass

of the entire HTS winding ~ 706kg; averaged, volumetric heat capacity of the insulated
HTS tapes at Tyts ~ 30K: ¢ ~ 19.57/ (kg - K)), while the dissipated energy during 37,
after the short circuit is Qg ac (37a) ~ 15.9kJ. For adiabatic heating, this yields an average

temperature rise of ATyts ~ 1.2K, which is not critical regarding a temperature-induced

quench of the SC. A more detailed analysis would however be required to determine the

local temperature distribution in the field winding coils, in order to ensure also a sufficient

limitation of the local temperature increase.
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6.2. Sudden Short Circuit Faults
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Figure 6.27.: 7MW, 8.33 rpm HTS excited generator with topology @ and a warm, inner
copper damper screen: a) Numerically calculated AC loss in the HTS field winding after
a sudden three-phase short circuit at the stator terminals. A homogenized coil model
in the coupled H-A-formulation in COMSOL Multiphysics is used for the calculation.
The dynamic field current over time is extracted from the transient simulation in JMAG.
b) Equivalent HTS resistance during the variation of the field current after the three-phase
short circuit. Ry ( is the resistance of the current leads.

An equivalent HTS tape resistance is calculated as Ryts, ac = Pa, ac/] 2 Fig. 6.27b). This
dynamic HTS resistance is the governing resistance in the field circuit during the sub-
transient regime, but gets smaller than the normal conducting part of the current leads at
=2 37,. The higher overall resistance of the field winding circuit in the sub-transient regime
has a current-limiting effect, which is generally small due to the rapid decay of Py ac. The
calculated AC loss as well as the dynamic field current increase Alf are therefore regarded

as upper limits for the actual values.

214



6.2

. Sudden Short Circuit Faults

trailing

15 '
T o021
Lg o2
>
05 019
0
0.06
0.5
0.05
4 1
0.04
g
15 Zo0.03
0.02

leading
3 3.02 3.0
z/m —
trailing
3 3.02 3.04
z/m —

Figure 6.28.: 7MW, 8.33 rpm HTS excited generator with topology @ and a warm, inner
copper damper screen: Numerically calculated (software: COMSOL Multiphysics) super-
conducting field current distribution in the rotor field coils after a sudden three-phase short
circuit at the stator terminals. The results are shown for the time instant with maximum
instantaneous loss power in the field winding. The current density J; is normalized by the
field-dependent local critical current density J. (B).
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7. Alternative Superconducting Wind
Generator Concepts

Most of the current research projects focus on direct drive generators for offshore wind
power, Ch. 1, since the absence of the gear constitutes a paramount advantage for mainte-
nance and fire safety without requirement for gear oil. The proof of the long-time reliabil-
ity of gears without failure-prone high-speed stage is vital for medium speed generators,
in order to exploit the advantages of increased generator efficiency and a greatly reduced

material consumption. Still, the increased maintenance requirements remain.

Besides the approach of direct drive HTS excited generators, two alternative generator
concepts with superconducting windings are of particular interest for future work:
1. Medium speed wind generators with a more reliable two-stage gear and with a diode

rectifier feeding of the stator winding, instead of a full converter.
2. HTS excited, fully SC gearless generators with HT'S or MgB, AC stator windings.

In the following, the major challenges and design questions, together with some basic

results, are summarized.
7.1. HTS Medium Speed Generators with Rectifier Feeding

The rectifier feeding requires a power factor unity | cos @sn| = 1 at constant DC link volt-

age in the entire operating speed range of n = (0.4...0.7)...1-nN. A first theoretical

investigation is partly published [O10] or is intended to be published soon [O16, O18].

For | cos gsn| = 1, very high magnetic flux densities at lowest speeds are required, which

lead to following major difficulties:

a. A very high torque ripple, i.e. > 100% of the average torque M, occurs in case of
a three-phase stator winding in slots, even at sinusoidal current feeding. This torque
ripple occurs also at no-load and is caused by high reluctance forces, which act on the

stator iron teeth, as a result of the high rotor field.
b. Large harmonics of the induced voltage occur at low speeds and high flux densities

with a maximum amplitude in the order of ~ 10 % of the fundamental.
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7.1. HTS Medium Speed Generators with Rectifier Feeding

c. A large amount of costly HTS tape is required due to the high magnetic loading and

the high required excitation MMF at the lowest speed nyi, ~ 0.4 - ny.
d. The cheap rectifier feeding, e.g. in Fig. 7.1 for a B12 rectifier and a six-phase stator

winding (phases A ... F), yields significant stator current harmonics, which vary be-
tween different operating points and speeds. The quantification of the stator current
harmonics relies on accurate estimates for the non-linear stator inductances L, i.e. by
means of 3D FEM models, Fig. 7.3, in order to cover the strong iron saturation. These
stator current harmonics lead to following unfavourable parasitic effects:

i. The load-dependent torque ripple increases.
ii. Additional eddy current losses in the outer damper, in the cryostat wall and in the

electrically conductive, cold pole cores and the rotor yoke are produced.
iii. The DC HTS field winding experiences an additional AC loss due to increased air

gap stator magnetic field harmonics.
e. The adjustment to power factor unity cos ¢ = —1 at different loads /s and speeds n

requires sufficient dynamics of the superconducting field current variation d; /y. Since
the HTS medium speed generators are axially short, 3D models are required to accu-
rately incorporate the end- winding contribution to the field winding inductance Ly,
Fig. 7.4.
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Figure 7.1.: Schematic of the coupled model for the analysis of a B12 rectifier feeding
of six-phase HTS excited medium speed synchronous generators. The stator end-winding
leakage inductance is calculated by means of a non-linear 3D FEM model, Fig. 7.3. U(I)-
characteristics of the diodes are directly modelled. The non-linear 2D FEM model and the
circuit simulation are coupled in the software JMAG.
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Therefore, the scope of possible future work must cover following aspects:

a.

total loss, rectifier op.

C.

Effective torque ripple mitigation measures are vital for this generator concept with
|cossn| = 1. Possible options include asymmetric rotor pole arrangements, i.e.
shifted or inclined poles, the use of magnetic stator slot wedges and a stator wind-
ing design with a higher number of turns per phase N to smooth the current ripple.

The latter option also reduces the required flux densities for the same DC link voltage.

. The impact of a higher number of turns per phase N5 on following aspects is of interest:

i. The reduction of the required total tape length /; of the HTS tape in the field wind-
ing.

ii. The limitation of the total generator loss Py ¢ and its influence on the generator effi-
ciency MN: A higher N implies a higher number of turns per stator coil N, which
yields a higher current density Jc, in the stator winding for the same slot dimen-
sions. The accordingly higher ohmic loss Py cy s is only partially compensated by

the lower stator iron loss Py e due to the reduced magnetic flux density.

a) |[—— stator air gap winding
b) [—e— stator winding in slots

160 160 Figure 7.2.: Comparison
] by | = of the total generator loss

T 140 2) 140 g for 1) sinusoidal current
1207 \‘ 120 1 3 and 2) six-phase rectifier
= 1001 5 100 f «; feeding. Pen = —5MW,
= 80 80 ~ 4 U~ =690V, 2p = 24,
2 60 6 & a = 500rpm,
< 404 T L 40 f—g n = 0.%1...1.2 o onN
90 ] ol I o0 = A sFator air gap w11?d1ng
ot J a) is compared with a

0 ! ! ! ! ! ! ( R
200 250 300 350 400 450 500 550 600 stator winding in slots b).

speed n/rpm —

The quantification of parasitic effects due to the rectifier feeding requires coupled sim-
ulations of non-linear FEM models and circuits, which incorporate the non-linear diode
characteristics U(I), e.g. Fig. 7.1. Preliminary analyses by means of such models re-
veal that the torque ripple and the additional rotor losses are too large in case of a three-
phase stator winding in combination with a B6 rectifier. Due to the simple change from
the three-phase winding to a six-phase stator winding, a B12 rectifier is a promising

alternative. First investigations show that only a small increase in the total loss Py ; oc-
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7.1. HTS Medium Speed Generators with Rectifier Feeding

curs for a suitably designed six-phase generator, Fig. 7.2, and that the load-dependent
torque ripple is sufficiently low in the entire speed range. Future work must therefore

focus on a detailed loss analysis and an optimized six-phase generator design.

d. Preliminary analyses by means of parametric 3D models of all-iron generators, Fig. 7.3,
reveal a strong saturation effect for the inductances in the stator winding L and the field
winding Ly at full load. A good agreement with an analytical calculation is found for
rated field current /py and rated stator current N, Fig. 7.4. Based on these models,
first investigations confirm that the required field current ramps of |d; It| ~ 30 A/s can
be achieved with a manageable field voltage requirement of Uy S 250V. This enables
maximum power ramps of |d; P| & 10kW /s, which are compatible with grid codes
[111]. Future work must cover a systematic analysis of different field current variation
scenarios by incorporating also the AC loss in the HTS DC field winding [137]. More-
over, the extension to a topology with stator air gap winding, like in Fig. 7.2 a), is of

interest due to the considerably stator inductances.

Iy =1200A

Figure 7.3.: 3D model, comprising one axial half of one pole of a medium speed generator
(software: JMAG), like in Fig. 7.2 b) with slotted stator. The colour-encoded magnetic flux
density is shown for different field currents, where It = 1200 A is required for cos ;N =
—1 operation at ny,j, = 0.4-ny = 200rpm.
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7.2. Fully Superconducting All-HTS Direct Drive Generators
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Figure 7.4.: Medium speed HTS generator, Fig. 7.3: a) Numerically and analytically cal-
culated end-winding leakage inductance of the superconducting field winding with race-
track geometry. The numerical value is calculated as difference between the inductance
in a non-linear 3D FEM model and a corresponding 2D FEM model for different field
currents and I = 0. b) Same as a) but for the end-winding leakage inductance of the dis-
tributed stator winding in slots with m =3, g =2, W /7, =5/6 (I; =0...5kA, Iy = 0).

7.2. Fully Superconducting All-HTS Direct Drive Generators

Fully superconducting rotating electrical machines feature both a superconducting DC
field winding and a superconducting AC armature winding. Compared to partially su-
perconducting machines, the superconducting poly-phase AC winding is commonly dis-
cussed in the context of following potentials:

a. most compact and lightweight machines [130] with high electromagnetic utilization

~ As - Bs | due to an increased stator current loading As > 150kA /m,
b. increased generator efficiency 1y in absence of stator ohmic losses Py cy,s, that would

otherwise be produced in conventional AC poly-phase copper windings.
The main challenges of fully superconducting generator concepts are:
a. AClosses Py ac are produced in superconducting poly-phase windings due to the stator

AC transport current: This loss can be significant and occurs in the cryogenic section.
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7.2. Fully Superconducting All-HTS Direct Drive Generators

Due to the generally low efficiency of cryogenic cooling systems, the required com-

pressor input power Peompr can strongly decrease the overall efficiency 1.
b. system complexity: A second, stationary cryogenic cooling system is required to cool

the superconducting stator poly-phase winding, e.g. with warm stator iron, which in-

creases the component cost C; and the maintenance effort.
AC HTS stator windings are discussed in literature for weight critical applications, such
as wind generators and aerospace applications [151]. Most studies focus on electrically
excited synchronous machines, which feature also a superconducting DC field winding
[133]. In some cases, also fully superconducting DC machines are considered [130],
while the slip ring system and the brushes are problematic, particularly in case of inten-
tionally very high armature currents / > 1kA. Combinations of a PM excitation with
superconducting stator windings are also discussed in literature for radial flux machines
as wind generators [216] and for axial flux machines for electric aircraft propulsion (both

theoretically and experimentally, [222]).

Direct drive wind turbine generators as fully superconducting synchronous generators are
promising, since they feature very low stator fundamental frequencies f; < 10Hz, which
are generally beneficial regarding low AC losses Py ac. The ohmic loss Py cy,s in nor-
mal conducting stator windings is the dominant loss component in direct drive generators,
e.g. Ch. 3, so that even a partially decrease of the overall stator loss results in significant
efficiency improvements compared to normal conducting generators. In case of medium
speed generators, these aspects do not apply: The generators feature higher rated stator
frequencies in the order of foy ~ 100...120Hz, which would result in higher AC losses
Py, ac in a poly-phase superconducting stator winding. Moreover, the share of the ohmic
loss in the stator winding Py cy,s in the total loss Py is smaller than for direct drive gen-
erators due to the higher iron loss Py fe. The already compact medium speed generators

are finally subject to a weaker demand for further mass reductions.

As the cooling system’s efficiency increases significantly with its cooling capacity Q
[175], it is reasonable to consider a single large cooling system for the stator of fully
superconducting generators. In order to identify the admissible order of magnitude for the
AC loss in a first step, a comparison to a direct drive PM generator with typical ohmic loss
Py, cu,s in the order of 7% of the rated electrical output power Py v is considered. This rep-
resents an upper limit for the admissible compressor input power Peompr, that is used for the

cooling of the stator winding. By adopting the empirical scaling law for the dependence

221



7.2. Fully Superconducting All-HTS Direct Drive Generators

on the cooling capacity Q from [175], the maximum admissible AC loss Py, AC, max can
be estimated. Maximum values for 7MW generators are Py oc,max = 6kW at a cold head
temperature of Tcy = 20K, Py ac, max ~ 18kW at Tcy = 40K and Py Ac, max = 36kW at
Tcy = 60K. Based on this considerations, numerical AC loss models are required for ac-
curate loss estimates. As an example, the calculated AC loss in an HTS stator winding for
the H-A-formulation and the 7-A-formulation is shown in Fig. 7.5 with parametrization
according to Sec. 2.2.4.

Figure 7.5.. Pyn =
—TMW, nyn = 8.33rpm,

i 2p = 30: Calculated AC
loss  (H-A-formulation)
T in the HTS AC stator
i winding for several ho-
. x T-A-formulation . .
Z mogenized coil models,
= v H-A-formulation Sec. 2.2.4. ngec: number
¢ 20 Pee/ Dec = 1 .
= (;“058°6875 of modelled regions per
& % 01 layer, hgc: height of
210 v 025 1 the modelled regions.
5 A 05 The AC loss calculated
< ot by means of the T-A-
=~ 0 . . ; ; \ . . K . .
g 20 40 60 80 100 120 140 formulation is plotted in
~  number of modelled regions nge —> red as reference.

The comparison in Fig. 7.5 reveals that the AC loss in the HT'S AC stator windings of direct
drive generators can be accurately calculated with a comparably low number of modelled
regions ngec in the H-A-formulation, if Agec/Asec = 1 is chosen. This computationally
efficient model can be used in future work for a systematic, parametric AC loss study for
a large set of all-HTS fully superconducting direct drive generator designs. First results of
such analyses are intended to be published in the near future [O17]. Besides the influence
of the operating temperature, Fig. 7.6, the impact of following design options is of interest:
a. The iron topology, i.e. stator iron ,,teeth* and/ or ferromagnetic rotor pole cores.
b. The current margin /I of the superconducting stator current amplitude / with respect
to the critical current 1.
c. The width of the HTS tape wy in the stator winding and the stator coil geometry [217].
d. The generator active volume Vg and correspondingly the electromagnetic utilization,
e.g. measured by Ce.
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Figure 7.6.: 7MW, 8.33 rpm all-HTS, fully superconducting direct drive generator: Nu-
merically calculated (H-A-formulation, COMSOL Multiphysics) HTS AC loss in the stator
winding at different temperatures of the stator winding Tyts,s and for a generator active
volume Vg = 40 m3. a) A master curve for the AC loss versus the stator current loading
Ags is found for Tyts,s < 40K. b) Above this range, the minimum AC loss increases with
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Figure 7.7.: 7MW, 8.33 rpm, all-HTS, fully superconducting direct drive generator: Total
tape length [; (stator and rotor winding) of a reference tape with the same current carrying
capacity per unit width and w; = 12mm, based on 2D non-linear FEM results.  is plotted
versus the number of turns per layer of the stator racetrack coils. Lines represent cubic
fits.
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7.3. Fully Superconducting Direct Drive Generators with HTS Excitation and MgB, AC
Stator Winding

Preliminary analyses moreover show that a temperature-dependent, minimum total HTS
tape requirement can be achieved as a result of the trade-off between a high rotor excitation
MMF and a high stator current loading Ag, Fig. 7.7. This finding can also constitute the
basis for future investigations of optimum designs of all-HTS fully superconducting direct

drive wind generators.

7.3. Fully Superconducting Direct Drive Generators with HTS
Excitation and MgB, AC Stator Winding

MgB, AC wires are discussed in literature, e.g. [105, 204, 134], as low AC loss su-
perconductors, that are appropriate for AC stator windings in direct drive synchronous
generators. However, several analyses of MgB, AC stator windings do not include an AC
loss estimation at all [2, 133]. The studies, that provide AC loss estimates, focus mostly
on aerospace or wind energy applications [105, 197]. Irrespective of the intended applica-
tion, the critical temperature of Tyigg,,c = 39K at B = 0T requires operating temperatures
TvgB, < 20K, in order to achieve useful critical currents I in external fields in the order
of B~ 1.5...2T. The to date worse in-field performance of MgB,, compared to ReBCO
coated conductors, which hampers the use of MgB, field windings (B~ 3...5T), e.g.
Sec. 4.3.1, is less severe for the stator winding, where typically B < 2T. As a trade-off
between high critical current /; and not too low efficiency of the cryogenic cooling sys-
tem, a fixed operating temperature of Tz, = 20K also for the AC MgB, windings is
reasonable. It enables critical current densities in the order of J. ~ 2- 103 A/mm? and

engineering current densities of J. ~ 100A/ mm? at B~ 2T [207].

Preliminary analyses reveal that standard MgB, conductors without twisting of filaments,
with a fraction of ferromagnetic nickel and with a high volume fraction of pure copper
are not suitable for the AC application in the stator winding of synchronous generators,
even at lowest stator fundamental frequencies of f; ~ 2Hz. Therefore, minimum AC loss
wires, as manufactured e.g. by HyperTech Research, must be considered. Here, a twisting
of filaments is much easier compared to ReBCO coated conductors. The calculation of
the AC loss in MgB; wires by means of numerical models is generally more challenging

than for HTS tapes, since a higher degree of detail is required, Fig. 7.9.
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Figure 7.8.: Calculated field lines at
rated power for an exemplary de-
sign of a fully superconducting 7 MW,
8.33 rpm, 2p = 30 direct drive gener-
ator with HTS field winding and with
| MgB, AC stator winding. (software:
| COMSOL Multiphysics)

The basic findings of a first analysis of fully superconducting direct drive generators with

MgB, stator winding, as shown in Fig. 7.8, are:

a. With minimum loss MgB, wire architectures, suitably low AC losses Py ac can be
achieved. Efficiency improvements compared to PM excited direct drive generators,
HTS excited partially superconducting direct drive generators and all-HTS fully super-
conducting generators are possible.

b. Lightweight 7MW generators with a significant mass reduction of about 25% com-
pared to PM excited direct drive generators are possible. These compact generators
with dgo < 5m can be designed with a rather short total HTS tape length /; for the field
winding.

c. Suitably high critical currents I. of the MgB, wires can be achieved, if they are used
in the stator AC winding instead of the field winding due to the lower magnetic flux
density.

d. Very high values of the electromagnetic specific thrust oy £ 100...150kN/ m? can be
achieved at rated operation, leading to active mass related torque densities of M’ =
Mn /Mg > 200Nm/kg.
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105 current density in the cross sec-
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8. Summary of Main Findings and Conclusions

The scope of this last chapter consists in a summary of the main findings in Ch. 3 -7. For
this purpose, Sec. 8.1 answers the main research questions from Sec. 1.4. The conclusion

follows in Sec. 8.2.
8.1. Conclusions on HTS Excited Direct Drive Generators

The largely separate analyses of the different direct drive generator concepts are brought

together by addressing the main research questions, which were formulated in Sec. 1.4:
Q1: Competitiveness of Partially SC Direct Drive Wind Generators

For comparison, the key characteristics are listed in Tab. 8.1, which summarizes the exem-
plary designs from Ch. 3 and 5. Exemplary designs of fully superconducting generators
from preliminary analyses, Ch. 7, are included, which are not discussed in detail in the

previous chapters but will be published in detail in the near future [O17].

The component cost per power rating of installed capacity C{ covers the generator mate-
rial, the cryogenic cooling system and the full converter. In order to incorporate also the
efficiency differences in a single economical performance indicator, a similar approach as
in Sec. 4.3.1 is applied. Here, a cost equivalent of AC; ~ 700kEuro was derived for an effi-
ciency decrease of Ann = —1 % for a7 MW generator. The missed energy production due
to a lower efficiency by Ann = —1 % can therefore be priced with p;1 = 100kEuro / MW
in order to reflect the impact on the net present value (NPV) of the investment. The
generator variant with highest efficiency serves as reference, so that the cost Cl/,n 8.1)

incorporates both the efficiency related cost and the component cost C}.
Cin =C— (Ann-py) 8.1)

The gravimetric torque density M’ = My /mac is increased for all superconducting gen-

erator variants, compared to direct drive PM generators, Fig. 8.1. Highest torque densi-
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8.1. Conclusions on HTS Excited Direct Drive Generators

ties M’ = My /mac; are found for HTS excited partially superconducting generators with
normal conducting stator air gap copper winding. Even with all-iron partially supercon-
ducting HTS generators (topology @ in Fig. 4.4), an increase in M’ by ~ 33% can be
achieved. The torque density M’ in fully superconducting generators with HTS armature
winding is limited to prevent excessive AC losses. The impact of the active mass reduc-
tion on the overall CAPEX, including the tower and foundation, is not reflected by C{ and
Cly-

Table 8.1.: Comparison of key characteristics for different direct drive generator concepts.
The quantity Ct’ﬂ7 combines the CAPEX and the efficiency-dependent opportunity costs
of missed energy production.

rotor excitation PM HTS HTS HTS HTS
stator winding Cu,inslots Cu,inslots Cu, airgap HTS MgB,>
nn/ % 92.22 92.80 93.00 94.87 97.50
AN/ % -5.28 -4.70 -4.50 -2.63 ref.
COS PN -0.771 -0.972 -0.989 -0.954 -0.849
ot/ (kN /m?) 84.4 137.2 188.7 89.3 165.5
C./(kVA -min/m3) 16.3 21.8 29.6 15.4 31.6
Mact / t 532 39.5 34.8 47.5 39.2
M’ /(Nm/kg) 163 216 247 168 207
C{ / (kEuro / MW) 120 276 601 860 495
Cl/,n / (kEuro/MW) 648 746 1051 1123 495

Based on current prices of superconductors, partially SC direct drive generators are not
competitive to PM excited generators regarding the CAPEX, which is at least doubled
for the HTS excitation and the lowest-cost, all-iron topology (@ in Fig. 4.4), Fig. 8.1.
The CAPEX is still slightly higher than for a PM excitation, even if the HTS price is
reduced to & 1/3 of its current value. To achieve a similar value, a price reduction by
~ —85 % would be required. Alternatively, a cost-neutral increase of the critical current
I at relevant operating conditions by a factor of ~ 6...7 is required. The cost share of the
cryogenic cooling system Cyyo in the total component cost Cy is in the range of 10...15 %,
which yields only a limited potential for an overall cost reduction. In turn, the price of

NdFeB magnets could increase by up to nearly 300 %, until a similar CAPEX as for the
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8.1. Conclusions on HTS Excited Direct Drive Generators

HTS excitation is reached. Since both scenarios are unlikely, it is hardly realistic that HTS

excited, partially superconducting direct drive generators can reach as low component

costs C{ as direct drive PM generators in the near future. Fully superconducting generators
with either MgB, or HTS AC stator winding feature a CAPEX, which is by a factor
of ~ 5...7 higher than for PM generators. Also partially superconducting direct drive

generators with HTS excitation and a stator air gap winding are not competitive regarding

the initial component cost C;.
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Figure 8.1.: Comparison of di-
rect drive generator concepts in
a plot of the gravimetric torque
density M’ versus the CAPEX
per power rating of installed ca-
pacity C{ (see Tab. 8.1). ®: ro-
tor, (S): stator. The arrows in-
dicate the change in component
cost C{ per rated power for a
HTS price reduction to 1/3 of
the present value.

The situation is different, if the impact of the increased rated efficiency 1N on the NPV,

enabled by the HTS excitation, is included, Fig. 8.2:

* For a HTS price reduction to 1/3 of the current value, the partially superconducting

direct drive generator with all-iron topology (@ in Fig. 4.4) is superior to the PM

generator.

The most lightweight HTS excited generator with normal conducting copper stator

air gap winding features still higher costs per power rating C{’n than the PM gen-

erator, also for a HTS price reduction to 1/3 of the current value. Therefore, the

competitiveness of this generator concept is determined by the trade-off between

the generator costs, e.g. measured by C{m, on one hand and by the cost savings for

the tower and foundation due to a reduced tower head mass on the other hand.
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 Fully superconducting generators with larger efficiency advantages get competitive:
The combination of an HTS field winding and a MgB, armature winding is compet-
itive to the PM generator, already for the present HTS price. The all-HTS generator
gets competitive for a reduced HTS cost of (1/3) - plyps and further potential is
expected for optimized, minimum loss HTS conductors and coils.

Generally, the direct drive generators with HTS excitation, which are in the focus
of this thesis, suffer from the still too high HT'S material prices, since a large total
HTS tape length is required. In contrast, HTS excited medium speed wind genera-
tors generally allow to achieve major technological improvements, compared to the
PM excitation, with only little HTS tape. For present HTS prices, the CAPEX of
HTS medium speed generators is by only +11 % higher compared to the PM alter-
native. If a cost equivalent of the difference in rated efficiency Any is included, the
HTS medium speed generator is already today superior to the PM medium speed

generator, i.e. yielding a reduction of C{ n by —21%.

300
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250 | — ]
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3 100+ efficiency (opportunity costs of
RS y (opportunity costs o
'5 ~ the missed energy production),
5  90r according to Tab. 8.1.
0 L L
0 500 1000 1500

Ct,/ (kEuro/MW) —
cost per installed capacity

Q2: MgB; Field Windings in Direct Drive Synchronous Wind Generators

MgB, wires suffer mainly from the low in-field critical current /. and the necessarily re-
duced operating temperature Ty, < 20K. For partially superconducting generators, this

limits the achievable efficiency improvements A7y and leads to more expensive cooling
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systems. Regarding the use in DC field windings, today’s MgB; conductors are techni-

cally and economically inferior to HTS windings, in spite of the lower conductor cost.

If used in AC armature windings, these restrictions are partially relieved, as the armature
winding experiences lower flux densities B < 2T. Moreover, the ease of filamentariza-
tion, and the accordingly low AC loss, make MgB, wires the preferred choice for the AC
armature winding. If the high efficiency increase for MgB, AC stator windings in com-
bination with a HTS DC excitation can be validated experimentally, this generator variant
is already today superior to the PM technology. In the long-term, the successful establish-
ment of the MgB, technology for wind generators depends mainly on advances regarding
the cryo-cooling technology, i.e. a higher COP at Tcy < 20K, and the progress of the
competing low-AC-loss ReBCO conductors.

Q3: Optimum Topology and Characteristics of HTS Direct Drive Generators

Since the total generator component cost C; (generator active parts, converter, cryogenic
cooling system) is largely dominated by the HTS material costs Cyrs, the lowest compo-
nent costs C; can be achieved with the all-iron topology (@), Fig. 4.4), featuring a normal
conducting copper stator winding in slots, ferromagnetic pole cores and a ferromagnetic
rotor yoke. With this topology, the maximum reduction of active mass m, is in the order
of —30% compared to optimum PM generators. The most lightweight generators feature
a stator air gap copper winding, a rotor with ferromagnetic rotor pole cores and a ferro-
magnetic rotor yoke. Here, the maximum reduction of active mass m,¢ is in the order
of —50%, which requires however a very high amount of costly HTS material. The nu-
merically optimized generators with all-iron topology (@), Fig. 4.4) or with a stator air
gap winding (D), Fig. 4.4) dominate generators with a stator winding in slots and partially
non-magnetic rotor (B and ©), Fig. 4.4) regarding low component costs C; and low active
generator mass myc. The highest power factor cos ¢gn and the highest generator rated

efficiency ny are achieved with generator designs featuring a stator air gap winding.
Q4: Redundancy Operation and Short Circuit Faults of HTS Direct Drive Generators

The redundancy operation is an important requirement for off-shore wind generators and
is analysed for an exemplary 7 MW, 8.33 rpm HTS excited direct drive generator with the
cheapest all-iron topology (@), Fig. 4.4). The analyses reveal that the stator iron loss,
which is smaller than for rated operation, and the torque ripple, i.e. < 2...3% of the

average torque, are not critical in case of partial feeding of the stator winding. Similarly,
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the AC loss in the HTS DC field winding due to air gap magnetic field harmonics is
low. The additional eddy current loss in warm, electrically conductive rotor parts, i.e. the
damper and the cryostat wall, is sufficiently low, if a high number o of neighbouring pole
pairs is jointly fed by one converter. Such feeding schemes also limit the eddy current
loss in cold, electrically conductive rotor parts, i.e. the pole cores and the yoke (all-iron
topology @), Fig. 4.4). Still, the additional eddy current loss power in the cold rotor section
is in the order of the original cryogenic heat load at rated operation. Therefore, in order to
enable the redundancy operation with the all-iron topology @), a higher cryogenic cooling
capacity, provided by a more expensive cooling system, is required. Alternatively, the use
of non-magnetic rotor poles (®), Fig. 4.4) or grooved pole surfaces are suitable measures
to limit the additional eddy current loss. If one of these loss mitigation measures is applied,
the redundancy operation of HTS excited direct drive generators, intended for off-shore

wind, is possible.

The analysis of different sudden short circuit faults reveals that the maximum dynamic
peak torque My max is in the order of ~ 2.5 times rated generator torque for a two-phase
sudden short circuit after no load operation. The heat flow through the cold-warm support
structure, which can withstand this peak torque My ax, constitutes the major contribution
to the cryogenic heat load. It can however be removed with an economically viable cooling
system, i.e. featuring a cost fraction of < 15% in the total component cost C;. The
maximum stator short circuit current after no load is in the order of ik y.x ~ 4.3p.u. fora
single-phase short circuit. The maximum dynamic increase of the superconducting field
current occurs for a three-phase sudden short circuit and amounts to = 37 % of the rated
field current. As the field winding is designed with a current margin of /I, = 1/1.7,
the dynamic current increase does not lead to a quench in the HTS field winding. The
instantaneous loss powers in the sub-transient regime in all rotor parts, i.e. the warm
damper screen and the cryostat wall as well as the cold rotor poles and the cold rotor yoke,
are very high. The very short time span of the sub-transient regime yields however only a
small dissipated loss energy Qq4, which limits the temperature rise AT in the sub-transient
regime to less than 1...2K. The numerically calculated sub-transient and armature time
constants for a generator with Fe oue, N = —7MW, ny = 8.33rpm, Uy = 690V and all-
iron topology (@), Fig. 4.4) are in the order of =~ 0.15...0.2s. In contrast, the very low
resistance in the HTS field coils leads to a transient time constant Td’ of several minutes,

which is about three-times longer compared to the sub-transient time constant 7.
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8.2. Summary and Outlook

Based on an overview of the current status of wind power generators and the use of su-
perconducting windings, key research questions are developed in the first section. Several
modelling approaches for superconductors, covering analytical and numerical models, are
derived for the calculation of electromagnetic properties. Exemplary optimum designs are

identified for the considered generator concepts and compared in Sec. 8.1.

As prerequisite for reliable comparisons, PM excited direct drive (ny = 8.33rpm) gener-
ators are designed by parametric design studies. The main restriction for this generator
concept consists in the enormous requirement of NdFeB magnets, i.e. ~ 0.5t/ MW. This
limits the achievable rated efficiency to about NN ~ 92...92.5% and the minimum gen-
erator active mass to myer ~ 53t. The limited excitation capabilities of the permanent
magnets manifest in generally low power factors of |cos @sN| < 0.8 for direct drive PM

generators.

Based on a numerical optimization study on HTS excited partially superconducting direct
drive generators, all-iron topologies and variants with stator air gap winding are identified
as technologically and economically favourable. The combined component cost C; of the
generator material, the cryogenic cooling system and the full converter is reduced for a
MTPA operating strategy. MgB, field windings are found to be inferior to field wind-
ings with ReBCO coated conductors. Design guidelines for the dimensioning of damper
screens and for the choice of the stator winding in direct drive generators with SC ex-
citation are developed. The AC loss Py ac due to air gap field harmonics is generally
negligible for direct drive HTS generators with damper screen, even in presence of signif-
icant stator current harmonics. Basic considerations on redundancy operation show, that
the additional loss in the cold parts is critical. Eddy current loss mitigation measures must
be applied in order to prevent a more expensive cooling system. Analyses on different
sudden short circuit faults complete the investigation of HTS excited direct drive wind

generators and validate the derived generator designs regarding dynamic characteristics.

As most general finding, the use of HTS field windings in direct drive generators suf-
fers from the large generator dimensions and the high pole counts, which require a large
amount of costly HTS material. Fully superconducting generators require even larger
quantities of HT'S material, but may outweigh this drawback by very high efficiency im-
provements of Ann = 2.5...5%. If the increased system complexity can be managed, the
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very high efficiency could establish economical competitiveness with respect to the exist-
ing PM generators. Systematic, parametric design studies on fully superconducting direct
drive wind generators with HTS DC field winding and HTS or MgB, AC stator windings

are therefore an important field of research for future work.

Preliminary investigations moreover imply that medium speed generators could be more
promising for the use of HTS field windings. Here, the HTS technology is even today
economically viable and superior to the PM excitation, according to fundamental investi-
gations. Moreover, the basic calculation studies reveal no technological difficulties, which
could manifest as deal-breaker. Based on this finding, additional research questions, which
must be answered in future work on HTS medium speed generators, are formulated in
Ch. 7. If technological and economical advantages were evident also after this further
theoretical investigations, the main challenge for the future consists in an experimental

validation of the advantages under real-life conditions. Proposed milestones are:

1. Systematic, parametric design studies on HTS medium speed generators, covering
different topologies, HTS tape materials, operating conditions and rated speeds.

2. Theoretical analysis of HTS medium speed generator characteristics at rectifier
feeding of the stator winding with quantification of the additional loss and the torque
ripple due to stator current harmonics.

3. Construction and testing of a full-scale medium speed HTS excited generator (P >
5MW) and experimental analysis in combination with a passive rectifier feeding.

4. Long-term test operation of a HTS medium speed generator in combination with an
accelerated life testing, e.g. comprising a high number of cool-downs/warm ups,
short circuit faults, downtimes of the cooling system and power ramps.

5. On-site installation of a HTS medium speed generator in the nacelle of on-/ off-
shore wind turbines, long-term operation in order to collect data on actual operating

issues under real-life conditions.

A long-term experimental proof of the reliability and of the superior operating charac-
teristics of either HTS direct drive generators or HTS medium speed generators has the
potential to boost the establishment of the superconductor technology in the wind power

sector.
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A. Appendix

A.1. Grid Connection Topologies for Wind Turbine Systems
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Figure A.1.: Schematic of the grid connection of off-shore wind turbines near to the coast.
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Figure A.2.: As Fig. A.1, but for on-shore wind turbines.
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A.2. Overview of Superconducting Machine Projects

A.2. Overview of Superconducting Machine Projects

Table A.1.: Summary of early projects on LTSC generators with built demonstrators.
Other projects focused on LTSC machines for military applications [70, 147] with dif-
fering rotational speeds. An additional overview can be found in [127].

year power speed conductor cooling  developer references
1971  80kVA 3600rpm NbTi LHe MIT [228, 206]
1972 3MVA  3600rpm NbTi ~ LHe  MIT — [117,118,
192]
1972 5MVA  3600rpm NbTi ~ LHe  Westinghouse  [36]
1978  20MVA  3600rpm NbTi ~ LHe  GE  [112,62,
129]
1985  30MVA  3600rpm NbTi ~ LHe  Mirsubishi, — [157]
Fuji Electric
1987  50MVA  3600rpm NbTi ~ LHe  Hitachi ~ [145]
1985  300MVA  3000rpm NbTi ~ LHe  Electrosila  [64]
Leningrad
(rotor tested)
1985  300MVA  3600rpm NbTi ~ LHe  Westinghouse/ [224]
EPRI
(rotor tested)
1985  400MVA/ 3000rpm NbTi ~ LHe  Siemens  [126,93,
800MVA 128]
(rotor tested)
1996 83MVA  3600rpm NbTi  LHe  Hitachi,  [232,231]
SuperGM
1966- several homopolar DC machine projects England, US, summarized

1972 with LTSC field coils and power up to 3MW  France, Japan in [191]
1965- other synchronous machine projects with i.e. Germ., US, summarized

1985  LTSC field winding, powers up to 20 MVA Japan, USSR in
[191, 190]
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A.2. Overview of Superconducting Machine Projects

Table A.2.: Overview of built/ tested superconducting machines employing 1G HTS wind-
ings. Extensive overviews are given in [69], [80] and [103].

year power speed conductor cooling developer ref.
(1995 3.7kW_1800rpm_ Bi-2223 81K /liquid N _ Reliance EL. _~_[99]
(1997 95kW _1800rpm_ Bi-2223 ~ 27K/Ne _  Reliance El. _ [220]
2002 380kW_1500rpm_ Bi-2223 ~ 25...30K/Ne  Siemens _ _[159]
2004 100kVA 3000rpm Bi-2223 65K /liquid N University of  [6, 5]
,,,,,,,,,,,,,,,,,,,,,,,,,,,,, Southampton
2004 1.5MVA 3600rpm Bi-2223 30...40K/He GE [213,
el _______Ta_ .
2007 4MVA 3600rpm Bi-2223 25...30K/ Siemens [67,
Ne- 160]
,,,,,,,,,,,,,,,,,,,, thermosiphon
2005 S5MW  230rpm  Bi-2223 <32K/Hegas AMSC/ [193,
e Alsom 34
2006 8MVA 1800rpm Bi-2223 35...40K AMSC [101,
(SuperVAR) 106,
R | N
2008 36.5MW120rpm  Bi-2223 ~30K/Hegas Northrop [71,
Grumman / 100,
el ____AMSC 37
2012 4MW  120rpm  Bi-2223 < 30K, Ne Siemens [158,
R .13 B
2010 1MW  190rpm  Bi-2223 30K/ He gas Kawasaki [211,
I Heavy Ind._ 1211
2010 1. 7MW 214rpm  Bi-2223 30K / He gas GE/ [61]
,,,,,,,,,,,,,,,,,,,,,,,,,,,,, Comverteam
2013 3MW  160rpm  Bi-2223 30K / He gas Kawasaki [233]
e MHeaydnd
2014 2.5kW 300rpm  Bi-2223 82K/ Tsinghua [174]
conduction University
cooling
(HTS armature winding, PM excitation)
2009 1.3MW 10500rpm Bi-2223 30K /Ne GE [189]

(homopolar topology with stationary field winding)
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A.2. Overview of Superconducting Machine Projects

Table A.3.: Overview of projects on superconducting machines with 2G HTS windings.
Complete demonstrators and tests of critical components are listed. An overview on recent
fields of application can be found in [80].

year power speed conductor  cooling developer ref.
2009 7.5kW 360rpm  GdBCO 40K / He gas Fuji Electric/  [95]
Fujikura
12013 50kW 300rpm  YBCO  77K/liquidN  Moscow  [48]
Aviation Inst.
12015 10kW 600rpm  YBCO  30K/liquidNe Changwon — [114]
Nat. Univ. /
SuNaM
12015 IMVA 15rpm  YBCO  77K/liquidN  Moscow  [123,
Aviation Inst. 122]
12016 S5MW 213rpm  YBCO  27K/liquidNe Changwon — [152,
Nat. Univ. 153]
12017 200kW 1500rpm YBCO 77K /liquidN — Moscow  [49]

Aviation Inst

2018 3.6MW 15rpm GdBCO < 30K/ EcoSwing [196,

conduction consortium 20]

2021 1kW  500rpm  EuBCO 65K /liquid N Kyushu Univ.  [181]
(fully superconducting)

2011 10MW - YBCO 30K, AMSC [194]

conduction

(testing of single rotor pole)

2016 10MW - MgB, 20K, SUPRAPOWER [179,

conduction consortium 201]
77777 (testing of single rotorpoley
2021 10MW - GdBCO 35K Changwon [115]
Nat. Univ.
(testing of single rotor pole)

2016 - 30 rpm YBCO 30K, Dongfang EI.  [234]

conduction Corp.

(no-load tested only)

2021 10kW - GdBCO 77K/ liquid N KIT [182]
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A.3. Material Data

A.3. Material Data

A.3.1. Material Data of Ferromagnetic Materials

The B(H)-relation of ferromagnetic materials is fitted with (A.1). This relation is also

used for the extrapolation beyond available material data.

B(H) = B (1_exp{_ (gl)ﬁ}) . <1—exp{— (Z)ﬁD VHo-H (A

A.3.1.1. Iron-Nickel Alloy FeNi9

2
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Figure A.3.: Magnetization characteristic of FeNi9 at T = 30K: a) initial B(H)-relation,
b) double logarithmic plot of B(H ) and extrapolation to higher flux densities with a double
stretched exponential fit function, c) relative permeability, d) reluctivity [196].
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A.3. Material Data

A.3.1.2. Lamination Steel
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Figure A.4.: Magnetization characteristic of M470-65A electrical steel at room tempera-
ture (T = 300K): a) initial B(H )-relation, b) double logarithmic plot of B(H) and extrap-
olation to higher flux densities with a double stretched exponential fit function, c) relative

permeability, d) reluctivity [221].
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A.3. Material Data

A.3.1.3. Nickel
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Figure A.5.: Magnetization characteristic of nickel at 7 = 300K: a) initial B(H )-relation,
b) double logarithmic plot of B(H) and extrapolation to higher flux densities with a dou-
ble stretched exponential fit function, c) relative permeability, d) reluctivity [218], weak
temperature dependence reported.
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A.3. Material Data

A.3.1.4. Magnetic Slot Wedges
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Figure A.6.: a) B(H )-relation of the considered material of the magnetic slot wedges [47],
b) Numerically calculated magnetic field lines and relative permeability in the slot opening
region (software: JMAG).

A.3.2. Material Properties of Permanent Magnets
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Figure A.7.: Magnet polariza-
tion versus demagnetization
field for NdFeB permanent
magnets of grade G44EH
(Arnold Magnetic Technolo-
gies) [8].
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A.3. Material Data

A.3.3. Thermal Material Properties

A.3.3.1. Thermal Conductivity of Copper
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Figure A.8.: Thermal conductivity versus temperature for different values of the RRR:
a) double logarithmic and b) linear plot [188].

A.3.3.2. Thermal Conductivity of G-10CR
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Figure A.9.: a) Thermal conductivity and b) integral of the thermal conductivity of
G-10CR (warp) versus temperature [56].
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A.3. Material Data
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Figure A.10.: Thermal conductivity of a) stainless steel, i.e. AISI 304, 316, and b) Kapton
versus temperature [56].

A.3.4. Electrical Material Properties

A.3.4.1. Copper
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Figure A.11.: a) Electrical conductivity and b) electrical resistivity of copper versus tem-
perature for different values of the RRR [188].
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A.3. Material Data
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Figure A.12.: a) Electrical conductivity and b) electrical resistivity of indium versus tem-
perature [202].
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A.3. Material Data

A.3.4.3. Iron Nickel Alloys
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A.3.5. Alternative Parametrization of the Lift Factor of ReBCO

Coated Conductors

The modelling equation for /; as a function of 7', B and the field orientation 6 is deter-
mined by a three-step fitting procedure. The first step consists in an approximation of
the T-dependence according to (A.2), independently for several flux densities B that are

oriented parallel to the c-axis.

logg (e (T)) =logq (Lo) - exp {— (a+71; N ) 7’} (A2)
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The parameters I, a and b are subsequently fitted as functions of the absolute value of
the flux density B by the stretched exponentials (A.3) to (A.5).

g0 o 8)) = o o) exp{ (1)} (A3
a(B)za(BzO)Aexp{f(BE;yxz} (A4)
b(B):b(B:O)-exp{—(I%>a3} (A.5)

A good agreement with the considered data is achieved with a field-independent exponent
vin (A.2).

The dependence of . on the orientation 6 of the external field with respect to the normal of
the tape’s wide side is suitably described by the lift factor (A.6) with 0* = 6y + 7/2. The
critical current for a given orientation 6 is then expressed as I (T, B, 0) = I. (T, B, 8y) -
L(T, 0)/L(T, 6y) with the orientation angle 6 of the c-axis.

1

L(O)=ar- 1+ay-|sin(6 — 6%)

s (A6)

The fit parameters in (A.6) are considered to be temperature dependent, (A.7).

aj(T)=c1+d;-T a(T)=cy+dy-T®
(A7)
a3(T)=c3+d3-T ay(T)=c4+ds-T

A.4. Analytical Models

A.4.1. Derivation of Current Loading Spectra
Current Loading of the Field Winding

The rectangle-shaped coil cross sections are approximated by a set of current loadings at a
set of radii covering the coil side’s radial height. In circumferential direction (coordinate

@), the current loading is described by rectangular functions, Fig. A.14.
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Figure A.14.: Schematic of the rotor current loading, representing the field winding for
one pole pair. The d-axis is located at ¢ = 0.

The complex coefficients of the one dimensional Fourier series are calculated from (A.8)

with relative space orders V',

l TE !
= LeiVe
A, 3 /wAf((p) e do (A.8)

For simplicity, only one coil side with extension from ¢, to @ + A@, is considered first,
(A9).

1 1 Q1 +AQys e
A= [ Adg) e 0d0 (A.9)
1
T T iX .
_ Ar € J:/ ¢ - Lf, |:e*jV,‘<(P]+A(ow) _,_e*jv"ﬁvl} (A.10)
2 v 2m-v
(%
=0
. A(ow
Ag 7JV'-<(P1+7 1 iy Alwt iyl Alut
_ A 2 .f_.[ew-%_eﬂv-%} (A.11)
v 2j
—an(Lap)
A vi-A 5
- A ~sin< Z‘ow) e (A12)

Here, @, is the middle position of the considered coil side and the sin-factor accounts for
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the finite width. Similar expressions are obtained for the other three coil sides per basic

winding scheme. The Fourier coefficients are obtained by summing up, (A.13).

5 ’. c oy a— Py Py — Py
A(f/) _ At .sin V- Ay . [C*JV P pe VP _omlVPs _ oIV (A.13)
vVioomev! 2

With the MMF per coil side O, = Ng;, - I, the peak value of the i current loading at

radius r; is calculated from (A.14) in the planar approximation.

@f,p ~ @f,p

Al =
wg o Fi AQys

(A.14)

Current Loading of the Stator Winding

The general calculation scheme is the same as for the rotor field winding, where the con-
tributions of coil sides are characterized by a width factor and its middle position ¢. The

major difference consists in the variation of Ag in time, due to the AC current.

A.4.2. Derivation of the Transformation Relation for Time Orders

The complex 2D Fourier transform with respect to the circumferential coordinate ¢ (polar
angle in mechanical degrees) and time 7 of any periodic quantity f(¢@, ), as seen in the

reference frame of a layer 7, is (A.15).

=) o

flo.n=Y Y f, eeron) (A.15)

k=—oc0 V=—00

The angular speed of the spectral component with orders {v, k(ﬁ)} is determined by re-

quiring a constant phase in (A.15), (A.16).

() L A _ o
di (vo+k"ast) =0 = Q) =¢p=— - s (A.16)
In a layer n, featuring a relative movement with respect to the reference layer 7, the ef-
fective time order k) is obtained by the Galilean transformation for non-relativistic ve-
.. . . U (n)
locities. The angular speed of the moving layer n with respect to 7 is .Q]ayer.

speed, as seen from the moving layer n, can the be expressed as (A.17). In the non-

The angular
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relativistic case, the wave length A, of the considered harmonic is not affected by the

transformation.
oy — oy _ oM — ,%.ws (A.17)

layer —

Inserting (A.16) in (A.17) and using Q( "o =21 -n yields the transformed time order

layer

k‘(, ") , as seen from the moving frame, (A.18).

@) m ) e ) (n)
v (0N fs
(A18)

A.4.3. Loss Reduction Factor for Eddy Current Losses due to Grooves

The expression from [113] is valid for infinitely deep grooves, which requires in practice

a depth that is large compared to the penetration depth.

7 is the pole pitch of the field harmonic. For sub-harmonics, where A /2 > wy, it is rea-
sonable to use T~ wp. dg is the penetration depth in the pole core material. Here, the
frequency in the rotor frame of reference, i.e. rotor time order k"), must be considered,
which is generally low for sub-harmonics. £ is the axial width of the teeth between ad-
jacent grooves. For the considered generators, the width of the pole core is in the order
of wp = 120...150mm. The axial length of the partially superconducting generators is
mostly in the order of L=1...1.5m, so that a reasonable distance between e.g. 20 grooves
is in the order of AL = 45...70mm. This yields a ratio of #/7 = 0.3...0.6. The ratio be-
tween the axial spacing of the grooves and the penetration depth of about 10mm is in the
order of 4...7. The loss reduction factors, (A.19) - (A.21), are visualized in Fig. A.15.
The relevant range of h/dg and h/7 yields a loss reduction factor of y =~ 0.3...0.5.

- Pd,Ft,gr o \6'752 .COS(p

_ R (A.19)
Py, Ft, orig 8 |M|
n (h\7' 1+4j I4+j 1 h
M=—-|- -——-tanh| —=---— | —L A.20
-4 (T> V2 V2 2 dg) T (A4-20)
ht 1 T h/z' (n~7'£>2
= S + (A21)
I \/ (e )+ (v
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relevant range for pole surface
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A.5. AC Loss in the Field Winding in Presence of Stator
Current Harmonics

Besides the analysed sinusoidal current feeding, the actual stator current features stator
current harmonics due to the converter feeding. A complete AC loss study therefore re-
quires a quantification of these harmonics, which depend generally on the applied switch-
ing scheme, i.e. a PWM with switching frequency in the range 1...5kHz for wind con-
verters [1]. However, for a general understanding of the criticality of the stator current
harmonics regarding the AC loss, a six step operation is considered, where the stator volt-
age harmonics can approximately be calculated analytically. This switching scheme is
regarded as a worst case scenario, such that the calculated AC loss in the field winding
represents an upper limit of the actual additional AC loss in case of a PWM switching. The
phase voltage harmonics (time order k) of star connected generators from line to neutral
point are calculated as (A.22) [119].
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k=1+6-g, g=0,%1,42, ... (A.22)

If in a first approximation, the inductance is considered to be independent from frequency
in the considered range, i.e. if inductance limiting screening currents are neglected, the

amplitude of the stator current harmonics scales according to (A.23).

o Us k 1
I |~ —~— A.23
Ls,k| ‘k| k2 ( )

The pulsating AC fields have frequency fi = || fs, while the main contribution of the AC
loss in the field winding is hysteretic in nature. Therefore, the loss scales approximately
linearly with frequency and correspondingly with the time order of the current harmonic.
The scaling with the applied AC field l§~7 « 1s also approximately linear. For small su-
perimposed current harmonics, the corresponding AC field has little influence on the iron
saturation, so that in a linear approximation the scaling I§‘N_’k ~ ‘Zs,k| is reasonable. The
loss contribution for time order k scales therefore according to (A.24). Largest contribu-

tions occur for lowest time orders |k| =35, 7.

A 1
Py, ac,k ~ k|- Lg k| ~ Tl (A.24)

Therefore, the AC loss is numerically calculated for fundamental current feeding and su-
perimposed current harmonics of orders k = —5, +7 by means of the 2D FEM model,
Fig. A.17 b). The ratio of the current amplitudes are fs,k:,5/ls7| =1/5%2=1/25 and
I k=+7/I,1 = 1/7* = 1/49. In presence of these current harmonics, the AC loss in the
field winding is still very low, Tab. 4.15. The instantaneous loss power and the layer- and
region-resolved average loss are shown in Fig. A.16. In order to elaborate on the critical
order of magnitude of current harmonics regarding substantial additional AC loss, a hypo-
thetical scaling of the current harmonics’ amplitudes by a factor s > 1 is considered. The
numerically calculated AC loss for s = 1...10 is summarized in Tab. 4.15 and visualized
in Fig. A.17 a). Even for five times the current harmonics in six-step mode, low loss val-
ues Py ac,f < 10W are found. As main finding, the stationary AC loss in the field winding

is also negligibly small in case of converter feeding.
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Figure A.16.: a) Instantaneous loss power in the HTS field winding of a 7MW, 8.33 rpm
generator for a stator current feeding with superimposed current harmonics of orders k =
—5, +7 (scaling s = 1). Results are shown for LL © in Fig. 4.32. Stator winding: ¢ = 2,
W /1, =5/6. b) Time averaged, layer- and region-resolved AC loss power for the same
operating conditions.
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Figure A.17.: a) Total, time averaged AC loss in the HTS field winding for artificially
up-scaled current harmonics of time orders k = —5, +7 versus the scaling factor s. Stator
winding: ¢ =2, W/1, = 5/6. b) Stator phase current in presence of current harmonics
with kK = —5, +7 in six-step mode (scaling s = 1).
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A.6. Slot Plans and Spectra of Stator Windings

q=2, W/t =5/6

upper layer  |[+U |+U|-W ["Wd4V|+V|-U | -U [+W[+W|-V | -V
lower layer  |+U [-W|-W [+V |+V|-U | -U +W|+W|-V |-V |+U

upper layer |+U|+U|+U|-W Wﬂ%ﬂ +V[+V|-U|-U|-U [+W|+W[+W|-V |-V |-V
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q=3/2,W /1, =8/9
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Figure A.18.: Slot plans for the considered three-phase stator windings. The spectra and
properties are discussed in Sec. 4.3.3.
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Figure A.19.: Normalized spectra of the current loading and normalized spectra of
|A,//V'| ~ |B,/| for different integer-slot stator windings.
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Figure A.20.: Normalized spectra of the current loading and normalized spectra of
|A,//V'| ~ |B,/| for different fractional-slot stator windings.
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Figure A.21.: Numerically calculated, normalized spectra of the electromagnetic air gap
torque, normalized by the average torque for the stator windings in Tab. 4.10. The average
torque (k = 0) is not shown for better visibility.
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Figure A.22.: Numerically calculated no-load voltages for different stator windings in
Tab. 4.10. a) No-load voltage versus time, b) normalized Fourier spectrum for the same
windings.
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A.7. Parameter Identification

In order to determine the lead angle 7, the angle of the U-axis @y (electrical degrees) of
the stator winding is calculated, (A.25). Z4 denote the incidence matrices of coil sides
with positive (+) or negative (—) winding sense. @ is the vector containing all slot angles

in one basic winding scheme.

. (OCU_’Jr + OCny) , o+ = [Zi . &Q]l (A.25)

The phase angle of the impressed, sinusoidal stator currents is defined in (A.26).

iy(t) =1 -cos(mst + @), (A.26)
iv(t) =1I-cos (a)st +o— %”) , (A.27)
iw(t) =1-cos <a)st+(ps - 4%) (A.28)

From this, the phase angle of the armature field s at ¢ = 0 is calculated as (A.29).
Bs=0ay+oi+m (A29)

As the initial angle of the g-axis and, thus, of the back-EMF in the FEM model is always
chosen as 7 (el.), the lead angle from the back-EMF to the stator current [ is calculated
as (A.30). y = 0 corresponds to pure positive g-current (motor operation), while y = 7

denotes pure negative g-current in generator mode.
Y=B—m=0au+es (A.30)

With the RMS value of the stator current Iy = [ / V/2, the (real valued) d- and g-currents
are calculated from (A.31).

Iy = —I-sin () (A31)
Iy = +Is-cos(y) (A.32)

From the 2D FEM simulation, the phase angle @; y of the induced voltage in phase U is
known. The phase angle of the phasor U; »p M. i-¢. the induced voltage per phase in the
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2D model, is therefore calculated as (A.33).
Bi :aU+7T+(Pi7U (A33)

The load angle of the 2D model ¥p from the 2D induced voltage to the back-EMF (g-axis
with phase angle ) is (A.34).

Op=n-fi=n—(@+r+eu)=-(Q+eu) (A34)
The calculation of the inductance of the g-axis in the 2D model is based on the known
phasor U; op rgym and the assumption that the end-winding stray reactance Xsqp is the
same for the d- and g-axes. The latter assumption is reasonable, since the analysis in
Sec. 4.2.2.3 implies a negligible effect of the rotor structure on the stator end-winding
stray field due to the large magnetic air gap. This holds also in case of ferromagnetic pole
cores. The local saturation at the axial end of the stator iron core differs between d- and
g-axis, Fig. 4.10, which affects the stray field paths however only for a small fraction of

the entire end-winding length /.

The induced voltage per phase, as a result of 2D rotor and stator fields, is rewritten as
(A.35).

in g-axis
Ui op,rem = Up +j (Xa — Xsob) -La +j (Xg — Xsob) I (A35)
Xd,2p Xq.20

The projection to the d-axis can be used to calculated the g-reactance of the 2D model
Xq,2D5 (A.36), and the corresponding inductance (A.37).
) Ui op.FEM| .
Ui 2p.rem| - sin (%2p) = Xq o - [Iy| < Xgqop = AR -sin(%p)  (A.36)
4(_1
Xg,2D

Lyop = (A.37)

The d-axis reactance of the 2D model Xy »p is calculated from the electromagnetic torque
M, >p, which is extracted from the non-linear FEM simulation. For this purpose, the

electromagnetic torque is expressed as (A.38).

Me op = g -mg-Re {U; »p pen - 12} (A.38)

S
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=Ly Re { [iX 20 Ly +iXa a0 Lo+ Uy | - [Li+15] | (A.39)
S
P
=™ Up-Iq+ (Xa,20 — Xq,20) -l - Iy (A.40)
S —_— —/—
=AXop

The further calculations are only valid under the assumption, that the d-current is small
and particularly has no significant influence on the saturation state of the iron in the main
flux path. In this case, the reluctance is little changed, if the d-current is set to Iy = 0 and
the remaining g-current alone is fed to the stator winding. Then, the value of the back-
EMF is not affected by the change in /3. A second simulation with pure g-current and
the same rotor excitation is carried out (dashed quantities: If = I, I = I3, ¥ = 7). This

operating mode yields a pure synchronous torque, (A.41).
€

M. op = %~mS-UI',~I; (A41)

The reluctance part of the electromagnetic torque in the 2D model is then determined as
difference between the simulations with Iy = 0 and I # 0, (A.42), (A.43).

AMe 5p = Me 5p — M op (A.42)

- i g [(Up = Up) - Iq + AXop g - ] (A43)

With U{, = Up, the difference of the reactances Xy op and Xy op in the 2D model is ob-
tained, (A.44), (A.45).

1 o
AXop = —— - "— - AM, op — (Up —Uyp) Iy (A.44)
la-Ig |[ms-p ———
~0
. AM,
~ & 2Ye (A45)
ms-p  Ig-Ig

The combination of (A.44) and (A.36) yields the reactance in the d-axis (A.46).
Xq,op = Xq,2p +AXop (A.46)

Actually, the considered generators feature typically a (small) negative d-current at rated

load. Therefore, a stronger saturation in absence of the d-current occurs. This implies
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Ulg < Up, such that (Up - UI’,) > 0. Therefore, rather a too large value for AX,p is calcu-

lated with (A.44), such that the reluctance contribution of the torque is overestimated.

The absolute value of the back-EMF is calculated as (A.47).
Up = |U; 2p rem| - €08 (920) — Xa,20 - Ia (A47)
The reluctance part of the total electromagnetic torque is (A.48).
_Pr
Me 2D, rel = P “AXop -1g-Ig (A.48)
S

After a validation against the 3D FEM model, the end-winding inductance is calculated
analytically according to Sec. 2.4. The total d- and g-reactances are then determined
from (A.49).

X4 = Xq,2D + Xsob (A.49)
Xgq = Xq.20 + Xsob (A.50)

The calculation of the stator terminal voltage, (A.51), requires moreover the analytically

calculated stator resistance R.

Uy =U, +Xa- Lo +iXq - 1g+ Ry (Lg +1,) (A51)

Since the iron loss is calculated from the 2D FEM results at a post-processing stage, the
hysteretic behaviour and the loss power are not reflected in the extracted flux linkages and
induced voltages. Pg. is incorporated in the equivalent circuit and the phasor diagram by
introducing an artificial iron loss resistance Rp.. This resistance is connected in parallel to
the stator terminal voltage and adds a current component /., which is in phase with U,
(A.52).

Rpe = P; , =Slpe=> (A.52)
The power factor is calculated from (A.53).

Re {Qs l;k}

A.53
Uil (A.53)

cos PN =

The actual load angle is calculated from the phase angles of the back-EMF and the stator
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terminal voltage, (A.54).
¥ =21U,—2U; (A.54)

A.8. Eddy Current Loss Calculation

A.8.1. Eddy Current Loss in the Damper Screen for Varied Damper

Temperature

The electrical resistivity in App. A.3.4 are used for the calculation.
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Figure A.23.: Analytically calculated eddy current loss in a partially superconducting gen-
erator at rated load /yy. Damper screen thickness: dgayp = 5mm, thickness of cryostat
wall: dcw = Smm, stator winding ¢ = 1, W = 17,,. The temperature of the damper is varied
in order to qualitatively evaluate the impact on the eddy current loss and on the screening
of AC air gap fields. a) Eddy current loss in the damper and the cryostat wall, b) eddy
current loss in the cold rotor iron and ratio between the tangential magnetic field ampli-
tudes (space orders |V/| = 5, 7) experienced by the field winding and the stator winding
(indices: f - field, s - stator).
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A.8.2. Eddy Current Loss for Sudden Single-Phase and Three-Phase
Short Circuits of Partially Superconducting Direct Drive
Generators

Single-Phase Short Circuit
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Figure A.24.: Numerically calculated (software: JMAG) eddy current loss in a) the warm
damper screen and b) the cryostat wall after a sudden single-phase short circuit. A par-
tially superconducting direct drive generator with all-iron topology and HTS excitation is
considered. The temperature rise under the assumption of adiabatic heating is shown in
red.
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Figure A.25.: As Fig. A.24, but for the cold iron parts, i.e. rotor pole cores and rotor yoke.
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A.8. Eddy Current Loss Calculation

Three-Phase Short Circuit
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Figure A.26.: As Fig. A.24, but for a sudden, symmetrical three-phase short circuit.
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Figure A.27.: As Fig. A.26, but for the cold rotor iron parts, i.e. pole cores and yoke.
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A.9. Thermal Model of Partially Superconducting Generators

A.9. Thermal Model of Partially Superconducting Generators

A.9.1. Multi Layer Insulation System

Based on [56, 97], the heat transfer through the MLI system is modelled with (A.55) -

(A.62).

number of layers per cm:

number of layers:

average temperature (approximate):

equiv. therm. cond. (cond. contrib.):

equiv. therm. cond. (rad. contrib.):

overall equiv. therm. cond.:

definition of constants:

N=3333cm™! (A.55)
Nmii = ldmLi-N] (A.56)
1
Tn=5- (Th+Te) (A.57)
— 256
e (MY Tm N
cond S 100 NM]_I 1 N
(A.58)
467 _ 7467
err I Tt
=GR h e A5
Amd T N Th — Tc ( )
AMLI = Acond + Arad (A.60)

Cs=8.95-10"% C,=5.39-10719, grg = 0.03

(A.61)
. N
heat flow density: gmrr = Ampr- (Th — 7c) - (A.62)
NMLI
A.9.2. Modelling of Thermal Resistances
Stator Yoke - Surrounding
W W
Oad =7 ﬁ (A.63) Oleony =7 m (A.65)
Ay outer =TT+ Ts0 - L (A.64) R= 1 (A.66)

(arad + aconv) 'Ay,outer
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A.9. Thermal Model of Partially Superconducting Generators

Stator Yoke - Stator Teeth

Conductive heat transfer in tooth:

4+
byo = @:er b, (A.67)
S1
h

I = 7Q (A.68)

w
A =33 —X (A.69)

by+3-b
A= % e (A.70)
It

R = ATl
Y A ( )

Stator Winding - Stator Yoke

h
lys = § (A.76)

W
s =33 (AT])

lys
s,cond = 77
s Ays - Ays

Stator Winding - Stator Teeth

R (A.78)

bq — 2 diso, mai
loy = S~ 2 Tisomain A gy
4
ACu = lFe -2 (hQ - htt,sw) (A82)

ACu = fk,Cu (RRR =80, TCu,s)
(A.83)

lcu (A.84)

RCu,cond = W
u u

Stator winding - radial cooling ducts

Conductive heat transfer in yoke:

h
Iy=-=2
Y2

w

=33 —

Ay X
I
Ry= -+

Ay - Ay

1 h
A)’S: E (Q~bz+27'l?~ (rso—%)) - Ipe

1
RCU,Y = é ' (RCu,cond +Riso,cond) +Rys,cond

liso = diso,main

W
Aiso =0.2 ﬁ
Ajso =Acu
liso
Rigo = -2
"o kiso ‘Aiso

1
Reyt = é ' (RCu,cond +Riso,c0nd)

(A72)

(A.73)

(A.74)

(A.75)

(A.79)

(A.80)

(A.85)

(A.86)
(A.87)

(A.88)

(A.89)

Based on [219], the convective heat transfer from the winding insulation into the cooling
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A.9. Thermal Model of Partially Superconducting Generators

ducts is described with (A.90) - (A.117).

m A
Vav,5 = 50— (A.90) Vav,channel = Vay,§ * 2 (A.98)
s ' Achannel,):
H - — ocr.
Properties of air at % = 50°C: leony = hg (A.99)
2
_e¢ M 1
Vair = 18.4-10 6? (A91) Uv =2 (lv"l‘i(bz +b20)> (AIOO)
w Acha
Agir = 0.027 —— (A.92) dyy = 4 ~channel (A.101)
m-K Uy
J Cp,ai
Cp.air = 1005 (=" (A.93) Pr = Vair - Pair - ; (A.102)
k d
Pair = 1.2041 % (A.94) Re = Vay, channel * H (A.103)
m Vair
1 -2
Acpanne] = 5 (by+bwo)-ly  (A95) & =[1.8-logjp(Re)—1.5] (A.104)
A
Achannel,): = Achannel - Q Ity (A.96) Oy, rcc = Nu- di: (A.105)

2
As=n- (rgi ~ (hi-gn) > (A97)

é.R - P 2/3
Nu = i ~<1+ (ld“ ) > (A.106)
1+127/% (2 1) cony

ACu,rcc = (hQ — hll,sw) . lv =+ bQ . lV (A.107) liso = diso.main (A.112)
Remy = ——+ (A.108)  Aiso = (hQ—husw) Iy +bq- Iy
QCu, rcc 'ACu‘rcc (A.113)
w
b iso = 0.2 —— A.114
Io = 7‘2 (A.109) Hiso m-K A1
I
R.—=-—20 A.115
Acu = (hQ - htl,sw) y+bg-ly  (A.110) "o Aiso - Aiso ( )
Acu= fr,co(RRR=80,Teys) (A1) Reu= ' (All6)
ACu 'ACu
1
Rcu,ree = m - (Reonv +Rcu + Riso) (A.117)
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A.9. Thermal Model of Partially Superconducting Generators

Stator Teeth - Radial Cooling Ducts

1 A\
At.channel = E . (bz +bZO) . hQ (Al 18) A{t = 03 ﬁ (A122)
R —% (A.119) R —lit (A.123)
beony Oft, channel 'Al,channel ' t,cond 2ft - Aq '
- 1
Iy = 15;3 (A.120) Rirec= m : (Rpconv +Rt,cond) (A.124)
Ar= At,channel (A.121)
Stator Teeth: Middle - Surface
hQ hn SW I
== - —" . R = — A.128
lt D) 2 (A 125) t,cond lt A ( )
K 1
A =33 =K (A.126) Rim—o = 0 “R¢ cond (A.129)
3:-b,+b
Ac = Ipe - % (A.127)

Stator Yoke - Radial Cooling Ducts

Based on [219], the convective heat transfer from the winding insulation into the cooling
ducts is described with (A.130) - (A.117).

Vay,§ = 50? (A.130) leonv = hYS (A.134)
h dy =2 lseg (A.135)

ys
Achannel, yoke = 270 ("so — | lseg P Cp,air A 136

= Vi D s — .
(A. 1 3 1 ) r air pdlr Aair ( )
2
a2 (r J
A5 T (”51 (Vs]—ﬁgeom) ) (A132) Re = Vay. channel * H4H (A137)
' Vair
As

& =[1.8-logjp(Re)— 1572  (A.138)

Vav,channel = Vav, § * Achanmel vom
Channel, yoke

(A.133)

E.R P 2/3
Nu= B ~<1+(ldH ) ) (A.139)
l+12l7-\/§-(Pr2/3_]) conv
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A.9. Thermal Model of Partially Superconducting Generators

Aai I
Oty channel = Nu- di: (A.140) ly= % (A.144)
2 Ay =A A.145
A}’,channel =T [rgo - (rso - hys) ] Ny Y y-channel ( )
W
) (A.141) 2y =03 (A.146)
Ry conv = (A.142) m-
) Oy, channel * Ay, channel ly
Ry = A (A.147)
1 y "y
Ryree =57 - (Ry,conv + Ry, cond) (A.143)
Stator Winding - Slot Wedge
1 Ajso = Ipe - A.154
lea= 7 (hq — hu,sw) (A.148) iso = lre-bq (A.154)
Riso,cond = 71150 (A.155)
Acu = fo,cu (RRR =80, Tey ) (A.149) : Tiso - Arso
Acy = lpe bQ (A.150) lsw = htt,sw (A.156)
W
le =03 —— A.157
Rcu,cond = MTUACU (A.151) w — ( )
liso = diso,main (A.152) Asw =Ire- bQ (A.158)
l
W R, =% A.159
A‘iso :O'Zm,K (A.153) sw,cond Ao - Asw ( )
1
RCu.sw = é : (RCu‘,cond +Riso.cond +st,cond) (A.160)
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A.9. Thermal Model of Partially Superconducting Generators

Stator Teeth - Slot Wedge

hQ htt SW lt. perp
lh=———— A.161 Ry pery = —PP
[ 2 2 ( ) bperp /lt 'At,perp
w b
A =33 K (A.162) low = 7Q
3-b,+b
At = lFe : % (A163) Agw = At,perp
A\
L Asw = 0.3 ——
R = — A.164 ‘K
t,cond A« 'At ( ) lm
b Ry = —2
It perp = ?Z (A.165) W dew - Asw
Agperp = hut,sw * Ipe (A.166)
1
Ryw,t = é : (Rt+Rt,perp +st)
Stator Teeth - Air Gap
A5 =DbsIpe (A.173) A — 3-b,4+ by I
t— ? *Fe
1
Rt cov = ——— (A.174)
t,conv a[,é'At,é A =33 w
h m-K
I = 7‘2 (A.175) I

Rt,cond = rAt
‘-

1

Rt,5 == (Rt,conv +Rt,cond)

0

Slot Wedge - Air Gap
Asw =bg - L A.180 1
e AI0 - Rs= 5 Roveont  (A182)

1

R =— A.181

sw,cond asw,é Agw ( )

(A.167)

(A.168)

(A.169)

(A.170)

(A.171)

(A.172)

(A.176)

(A177)

(A.178)

(A.179)
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A.9. Thermal Model of Partially Superconducting Generators

Slot Wedge - Cryostat Wall Surface

w — o (e — .
o=56710°% VN (A1g3) Aew =27 (ri—Ogeom) L (A187)
m- - K
O - Ew - Ecw - Asw
_ k= A.188
&w=0.9 (A.184) Eow (1 — Eow) + £ow ( )
=0. ) Tow — T
Eew = 0.07 (A.185) Ry ou = — 2~ Tewa (A.189)
k- (qu - Tcw,o)
Asw=bq-L-Q (A.186)
Stator Teeth Surface - Cryostat Wall Surface
& =0.75 (A.190) Acw =27+ (rsi — 8geom ) - L (A.193)
Eew = 0.07 (A.191) po O & Ew A (A.194)
& (1 —&w) + €ew
Ai=b, L-Q (A.192) o Tio—Tu 195,
Lew = T A oa ~ .
k- (le‘o - Tcztv.,o)
Air Gap - Cryostat Wall Surface
= lpe (A.196) 0.75-a %17 4+ (0.9-0.15-a%)
F= (A.201)
l+a
dy =2+ Sgeom (A.197)
d Re —Re. LF@) M@+(-a) 0
Re=v, 5-—  (A.198) (1—a)*-In(a)
' Vair
-2
Cpair & = (1.8-logo (Re’) — 1.5) (A.203)
Pr = Vair - Pair - o (A.199) 900 )
o ki =107+ ———063-——— (A.204)
Re 1+10-Pr
a= 272 0eom 5y
2.1

¢ Re.P 2/3
Nu— g et .<1+(dIH> )F (A.205)
k1+12.7-\/§(1>r2/3—1>

303



A.9. Thermal Model of Partially Superconducting Generators

Aai 1
Qe s = Nu- =2 A.206 Ryws=—"—"—"1— (A208)
oW, dy ( ) oW 5 Oew, delta * Acw

Acw =27+ (rs — 8geom) - L (A207)
Cryostat Wall Surface - Middle of Cryostat Wall

d 3
lcryo = % (A.209) Acryo =L-2x;- (rcryo,ouler - Z “dew
(A.212)
w
Asistew =15 —— (A210) -
R= 72 (A213)
Teryo,outer = T'si — 5geom (A.211) Acw cryo
Middle of Cryostat Wall - Damper Screen
low = ch (A.214) A'Cu,damper = f)L,Cu (RRR =80, Tdamper)
2 (A.220)
W Fdamper, outer = 7si — Ogeom — dew
A =15— A215 per £
StSt,cw m-K ( ) (A.221)
_ d
Tew,outer = 'si — 6geom (A.216) Adamper =L-27- (rdamper,outer — daz‘lper
3
Aew=L-21- (rcw,outer 1 “dew l (A222)
Ramper = __ ‘damper
I (A217) )Cu,damper 'Adamper
Rew = ﬁ (AZlS) (A'223)
StSt,ow " few Rcw‘damp = Rew +Rdamper (A.224)
d
laamper = =57 (A219)
Damper - Pole Core
dMLI = 10mm (A.225) lML[_eff = dMLI (A.228)
At = fa it (Th = Taamper> Te = Tpole, ML) Ap=2p-L-wp (A.229)
(A.226) /
Rdamp,pole = % (A.230)
Tdamper,i = T'si — 6geom —dew — dCu,damper p " /*MLI
(A.227)
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A.9. Thermal Model of Partially Superconducting Generators

Damper - Pressure Plate

dyvr = 10mm (A.231) by = % (A.235)
Amt = fo mut (Taamper> Tpps dMLI)
(A.232) App =2p- (2 Wp side
IMLI eff +2- w44 - Wepacer,side) - L
Ry = m (A.233) (A.236)
App = 1.4 % (A.234) Rpp, cond = %pl‘fi‘pp (A.237)

Rdamp,pp = RwmL1 + Rpp,cond (A.238)

Damper - Rotor Yoke
dyviy = 10mm (A.239) AMLI = f?L,MLI (Tdampen Tyr, dMLI) (A.240)

Agy =27 rro-L—2p- (Wp +2-wp side +2-wg+4-we - Wspacer,side) L (A.241)

. W
RMLI = ﬁ (A.242) 2fFeNi9 =2.15 ﬁ (A'245)
Yy
I
By R — ety (A246
left,yr == (A.243) MY Aenio - Ady.yr (A-240)

h R =RmL1 +R A.247
Ady,yr —or. (Vri + %) L (A244) damp, yoke MLI cond,yr ( )
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A.9. Thermal Model of Partially Superconducting Generators

Rotor Yoke - Pole Core

hyr hp
ly= > (A.248) I = > (A.252)
w w
Ay =2.15—— A.249 =2.15—— A.253
y —— e ( ) Ap —— e ( )
1 h Ap=2p-wp-L A.254
Ayzi-(2p~wp~L+2ﬂ:v(rri+§)-L) PP (A.259)
1
(A.250) Ry=+—7" (A.255)
ly 7‘1) “Ap
Ry = 7 (A.251)
y 'AY Ryoke,pole = Ry +Rp (A.256)
Pole Core - Cooling Plates
wr h
=1 A2 1 _ "lpp
lep 2 (A257) lpp = B3
hcu.c — .
Acp = Cu.cp -L-2-2-2p  (A.258) App = hyp side - L-2-2p
w
Acu,cp = f.cu (RRR =170, TCP) App = 1.4 K
(A.259) I
R Lep (A.260) Rpp = %
* Acp- lCu,cp ' App 'A’Pp
/ Wp 14
lpole =5 +Wp side (A.265) Roole = pole
P Apole . A'pule
Apole =2-2p-L-h (A.266)
poe W b chﬁpole = ch +Rpp + Rpole
Apole = 2.15 oK (A.267)

(A.261)

(A.262)

(A.263)

(A.264)

(A.268)

(A.269)
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A.9. Thermal Model of Partially Superconducting Generators

Pressure Plates - Cooling Plates

l 7@

PP — 4

w

M =140R
App=wg-L-2-2p

l

Rpp = 7
App - App

Cooling Plates - Cold Heads

dcy,conn = 0.02m

WCu,conn = 0.11m

(A.270)

(A271)

(A.272)

(A.273)

(A.279)

(A.280)

ACu,conn = dCu,conn * WCu,conn (A.281)

T
lcu,conn = WCu, conn * (1 + 5) (A.282)

A'CLLconn = fl.Cu (RRR =170, Tcp)

dCu,bus =0.05m
WCu,bus = 0.075m

ACu,bus = dCu,bus *WCu, bus

27 - Frro
2p

/
lcu,bus = ICH, pole *

(A.283)

(A.287)

(A.288)

(A.289)

(A.290)

hep

lep = =2 (A274)

Acu,cp = fr.cu (RRR =170, Tp)  (A.275)

Acp=wp-L-2-2p (A.276)
lep
Rep = (A.277)
P )’CP 'ACP
Rpp,cp = Rpp +Rep (A.278)
l 1
Rconn,l = Cn, conn (A.284)

/’lCu., conn * ACu7 comn 2P

e pote = 10 (A.285)
R = lCuA,conn . n/CH,pole

con A'Cu,conn 'ACu,conn 2p

(A.286)
Icu,b
lCu,bus,max = ué - (A.291)
RC bus A lCu,bus,max . L (A 292)
unous ACu,conn 'ACu,conn 2p

ch,CH = RCu,bus +Rconn,1 +Rc0nn,2 (A.293)
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A.9. Thermal Model of Partially Superconducting Generators

Rotor Yoke - Middle of Cold-Warm Support

2610,av = f2,610 (Trsup, Tyr)  (A.294) hawo 1y
lg1o,bar = =7~ (A.297)
hGio cos (Bsupp)
lGlO.plate =5 (A.295)
2 Rsup,y = Ryr,plate,cond + Ryr,bar, cond
Rur = IG10, plate (A.298)
yrplate, cond = ) 5 10.av -AG10, plate
(A.296)
Ngupp,ax + 1
AG10,plate = AG10,plate, single * Noupp * <("p)> 2 (A.299)
Nsupp, ax
Nsupp.ax + 1
AGlO,bar = AG]O,bar, single “Nsupp - (( P, 4% ) ) -2 (A.300)
Nsupp, ax
1G10, bar
Ry; b = (A.301)
yr,bar,cond AG10,av *AG10, bar
Rotor Yoke - Rotor Rim
The dimensioning of the support is described in Sec. A.9.3.
dyvr = 10 A.302 h d
MLI mm ( ) lous = I 10 — 1610 +dmL (A304)
cos (ﬁsuw)
it = fo i (Th = Tiim, Te = Tyr, duiii) .,
(A.303) Rimy=-—"L (A.305)
Y AMLI - AMLE
. Nsupp,ax + 1
AmL1 = 27 - (1 — hG10) - L — lyar - sin (ﬁsupp) “dpar *Nsupp - ————— (A.306)
Ngupp, ax
Middle of Rotor Support - Rotor Rim
lGlOA,aw = fl,GlO (Trim7 Trsup) (A.307) R.: _ lGlO,ba:
rim, bar,cond —
AG10,av *AG10, bar
Rir o1 = IG10, plate (A.309)
i PIate, ConE T 2610,av *AG10, plate
(A.308) Rrim.cond = Rrim,plale,cond + Rrim,bar, cond
(A.310)
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A.9. Thermal Model of Partially Superconducting Generators

Radiative contribution:

0=567-10"% 3 (A311)  &im =0.07 (A.312) &10=0.9 (A.313)
m? . K4
1/4
1 T —T3
T = | - TP (A314)
Sy |:5 Tiim — Trsup
E= rim * £G10 (A315)
&im + €G10 — &im * €G10
. n +1
Aproj = lpgr - sin (ﬁp) “dpar * Nsupp * L (A.316)
Nsupp, ax
Tiim — Tsup av
Riim, rad = - (A.317)
rim, ra 0 E-Aproj* (Trfm — Tszlllp,av)

A.9.3. Approximate Dimensioning of the Rotor Support Structure

Estimation of rotor rim radius (direct Number of supports in axial direction
drive generators): (2 bars take radial forces, 1 bar takes ax-
ial forces):

Trim = i — 0.4m (A.318)

Nsupp,ax = 3 (A.322)
Maximum torque to withstand:

. 7l = I'tim (A.323)

Mmax/Mn =3 (A.319)
=Ty (A.324)

Maximum yield strength of G10CR:
Pole pitch at inner of rotor:

Omax = 20MPa =20-10°Pa (A.320) Tri
Tp="T- ; (A.325)

Number of pole pairs per support:

Mpp.sup = 1 (A.321)
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A.10. Overview of Considered Direct Drive Generators

P 2y
E=2np qupp 2 (A.326)
2
IGio = r%+r%—2~r2-r1-cos(€)
(A.327)
Nsupp = Ngupp,ax * [%“ (A.328)
pp, supp
[ R
Bpp = arccos | G127 (A 329)
2-Ig1p-12
T
a=7 O (A.330)
My -1
Ry = ‘ Nr’”max (A331)
10
F
R= -tk (A.332)
Nsupp

il

Faupp = ———
SUPP T cos ()

Dimensions of G10 bar:

Foupp
Apar =
Omax
Abar
dygr =2 \/ p

Dimensions of G10 plate:
hGlO =0.15m

dgi1o =0.025m

Fsupp

bGlO =5 7 -
2-dG10 * Omax

Ag1o =dg10 - bcio

A.10. Overview of Considered Direct Drive Generators

(A.333)

(A.334)

(A.335)

(A.336)

(A.337)

(A.338)

(A.339)
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Table A.4.: Overview of considered direct drive generator designs: Topologies and key characteristics. All generators are designed
for a gearless drive train with a power rating of P, y = —7MW and a rated speed of ny = 8.33rpm. The topologies of HTS
generators are named with @ - © according to Fig. 4.4. All considered generators feature a three-phase winding. Inner/outer

damper refers to an attachment of the copper screen to the inner/ outer side of the cryostat wall.

thematic scope topology rotor excitation stator winding damper
Ch. 3 parametric design study of PMSG alliron =~ PM: NdFeB Cu in slots no
Sec. 4.1 comparison: MTPA vs. [cos@sn| =10p. @ GdBCO Cu in slots warm, inner
Sec. 4.2.2.2 geom. simplifications and meshing ACD) GdBCO, EuBCO (Cuinslots) warm, inner
Sec. 4.2.2.3 analysis of 3D effects A-D) GdBCO, EuBCO (Cuin slots ) warm, inner
Sec. 4.2.4 exemplary results for thermal calculation @ GdBCO Cu in slots warm, inner
Sec. 4.3.1 comparison: MgB,, HTS field windings @ ReBCO, MgB, Cu in slots warm, inner
Sec.4.3.2, copper damper screen design and choice @A,D GdBCO Cuinslots/ air ~ warm vs. cold,
Sec. 4.3.3 of AC winding gap winding inner vs. outer
Sec. 4.3.4 calculation of AC loss in the DC HTS @ GdBCO Cu in slots w/o or warm,
field winding inner
Ch. 5 numerical optimization: low component @ -0 GdBCO, EuBCO Cuinslots/ air ~ warm, inner
cost Ct, low active mass m,¢¢ gap winding
Ch. 6 analysis of redundancy operation and @ GdBCO Cu in slots warm, inner

sudden short circuit faults
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