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Abstract
A key technology to meet future gas turbine emission requirements has been identified in the concept of low emission, lean-burn combustion. In comparison to
conventional combustion technology, lean-burn alters the flow and temperature
field at the inlet of the high pressure turbine, with consequences for turbine aerodynamics and thermodynamics. A region of particular interest is the tip of the
turbine rotor blade, as it is critical in terms of efficiency, while at the same time
being subjected to high heat loads that limit component lifetime.
Within this work, the aerothermal impact of lean-burn inlet conditions on the rotor
tip region is experimentally investigated. Experiments are conducted at the Large
Scale Turbine Rig, which contains a 1.5-stage, up-scaled, full annular model turbine
operating at low speed, near-atmospheric conditions. At the turbine inlet, a nonreactive combustor simulator creates a lean-burn representative flow field. The rotor
tip geometry includes a recessed squealer-type cavity for leakage reduction and a
pressure side row of cylindrical film cooling holes.
A variety of different experimental techniques is applied, including steady pressure
and temperature measurements, five-hole probes, hot-wire anemometry in conjunction with split-fiber probes, time-resolved rotor casing pressure measurements, and
pressure sensitive paint. The experimental results are complemented by steady
numerical simulations. By combining these different methods, the flow field in the
turbine in general and the aerodynamic and cooling phenomena in the tip region in
particular are analyzed. Results are presented for both a clean annulus, axial inflow
baseline case, but also for two swirler-to-stator clocking positions, as well as for
different rotor tip coolant injection ratios.
It is found that lean-burn inlet conditions cause a mass flow redistribution towards
the hub and casing endwalls, an increase in turbulence, and an incidence at the
rotor tip. This affects the blade loading and leakage, which in turn impacts the
formation of secondary flows. The turbine efficiency is found to decline, losses
increase, especially so in the turbine rotor, and cooling coverage is deteriorated at
the tip trailing edge. Robustness of the rotor tip towards lean-burn turbine inlet
conditions can be improved in the future by decoupling tip leakage from tip loading
via an appropriate aerothermal design.
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Zusammenfassung
Emissionsarme Magerverbrennung stellt eine Schlüsseltechnologie zur Erfüllung
künftiger Gasturbinen Schadstoffgrenzwerte dar. Im Vergleich zu konventionellen
Brennkammern ändert sich das Strömungs- und Temperaturfeld am Einlass der
Hochdruckturbine, was Konsequenzen für die Turbinenaero- und Thermodynamik
mit sich bringt. Ein Bereich von besonderem Interesse ist die Turbinenschaufelspitze.
Diese ist kritisch hinsichtlich des Wirkungsgrads und gleichzeitig hohen Wärmebelastungen ausgesetzt, was die Lebensdauer begrenzt.
Diese Arbeit befasst sich mit dem aerothermalen Einfluss der Magerverbrennung auf
die Rotorspitze. Dazu werden Experimente am Large Scale Turbine Rig durchgeführt.
Der Prüfstand beinhaltet eine 1,5-stufige, hochskalierte, ringförmige Modellturbine,
die bei niedriger Geschwindigkeit und nahezu atmosphärischen Bedingungen betrieben wird. Am Turbineneintritt sorgt ein nicht-reaktiver Brennkammersimulator
für ein repräsentatives Strömungsfeld. Die Rotorspitzengeometrie umfasst eine
Squealer-Kavität zur Leckagereduzierung und eine Reihe von Filmkühlbohrungen
an der Druckseite.
Verschiedene experimentelle Methoden werden angewendet, einschließlich zeitgemittelter Druck- und Temperaturmessungen, Fünf-Loch-Sonden, HitzdrahtAnemometrie in Verbindung mit Split-Fiber-Sonden, zeitaufgelösten Rotorgehäusedruckmessungen und druckempfindlicher Farbe. Die experimentellen Ergebnisse
werden durch stationäre numerische Simulationen ergänzt. Mithilfe dieser Methoden werden das Strömungsfeld in der Turbine im Allgemeinen und aerodynamische und Kühlungs-Phänomene an der Spitze im Speziellen analysiert. Es werden
Ergebnisse für einen Basisfall mit axialer Zuströmung, für zwei verschiedene Relativpositionen zwischen Drallerzeuger und Stator, sowie für unterschiedliche Rotorkühlmassenströme vorgestellt.
Magerverbrennung verursacht eine Massenstromumverteilung in Richtung der
Naben- und Gehäusewände, eine Zunahme der Turbulenz und eine Inzidenz an der
Rotorspitze. Dies wirkt sich auf die Profilbelastung und Leckage aus, was wiederum
Einfluss auf die Entstehung der Sekundärströmungen hat. Der Turbinenwirkungsgrad nimmt ab, die Verluste, insbesondere im Turbinenrotor, nehmen zu und die
Kühlwirkung an der Hinterkante der Schaufelspitze verschlechtert sich. Die Robustheit der Rotorspitze gegenüber Magerverbrennung kann zukünftig verbessert
werden, wenn durch geeignete aerodynamische Auslegung die Leckage von der
Profilbelastung entkoppelt wird.
ix
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1 Introduction
1.1 Gas Turbine Basics
Within this work, current research in the field of gas turbine technology is presented.
Gas turbine applications include power generation (48 % market share1 ), aviation
propulsion (17 % market share), and industrial processes (31 % market share), with
the two former being of primary relevance within this context.
A gas turbine is a type of thermal turbomachine in which energy is transferred
between a (compressible) fluid flow (commonly air) and a spinning shaft via rotor
blades. In its simplest form, the gas turbine consists of three fundamental components that are (from inlet to outlet) the compressor, the combustor, and the turbine
(figure 1.1a). Since all gas turbines include these components, they are referred to
as the core engine or gas generator2 .
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(a) Gas turbine core engine (adapted from
Rolls-Royce [175])

pt4

4

heat addition

enthalpy (J)

1 2

Thermal efficiency
(ideal cycle)
ηth= 1 - 1�-1
Π �

real cycle

s

(b) Ideal and real Joule-Brayton-Cycle
(based on Rick [174])

Figure 1.1: Gas turbine core and thermodynamic cycle
1
2

Market shares are given for 2017 (Envision Intelligence [55]). The total market size was
estimated at $17.24 billion.
Further common components include the intake 1g→ 2gand nozzle 5g→ 9g, which are neglected
in this context for simplicity reasons.

1

The components of the gas generator act upon the flow (and vice versa), changing
the fluid properties according to a thermodynamic process named the Joule-BraytonCycle, which is commonly plotted in an enthalpy-entropy (h-s) chart (figure 1.1b).
In the compressor 2h→ 3h, energy is added to the flow by the compressor blades,
resulting in a pressure and temperature rise, while in the combustor 3h→ 4hfuel
is added and burned, resulting in a temperature rise. Further downstream of the
combustor, the turbine blades expand the fluid 4h→ 5h, extracting fluid energy and
causing a pressure and temperature reduction. As the turbine and compressor are
on the same shaft, the compressor is driven by the turbine. Consequently, all parts of
the process occur simultaneously and continuously. In addition to the rotor blades,
both compressor and turbine include non-rotating stator vanes that are necessary to
turn the flow and alter the flow velocity.
Due to the energy addition by the combustion and the fact that the isobars ( p =
const.) spread apart as the entropy increase, a net surplus energy remains in the
fluid after expansion in the turbine. A small part of this energy is the actual, usable
energy that can be employed to do effective work, for example to drive a working
turbine for power generation, spin a fan, or to create propulsive thrust in jet engines,
while a large part of the energy constitutes the thermal loss3 .
Ideally, the compression and expansion processes would be isentropic (s = const.),
making the compressor and turbine component efficiencies reach unity, while the
combustion would be isobaric (ideal cycle). In reality, losses occur in all components,
thus decreasing the component efficiencies and increasing the entropy (real cycle).
The thermal efficiency of the ideal cycle is defined as η th = 1 − 1/Π(κ−1)/κ and
can be increased by raising the compressor pressure ratio Π = p t3 /p t2 , while
the turbine entry temperature Tt4 (TET) defines the amount of work that can be
extracted by the process (Lechner and Seume [118]). In practice, an increase in
pressure ratio is always tied to an increase in TET and the other way around (Birch
[23]). Consequently, the strive to further improve efficiency has resulted in the
TET continuously being raised over the years. Today, the TET is in excess of the
melting temperatures of the components in the first turbine stages downstream of
the combustor (referred to as the high pressure turbine), making turbine cooling a
necessity.

3

In combined cycle power plants, this thermal energy can be used for steam generation to power
an additional steam turbine.
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1.2 Technological Significance
In the light of the current zeitgeist, gas turbine technology development has arrived
at a crossroads: as the technology relies on internal combustion, the emissions
caused by the dominant use of carbon-based fuels inherently add to atmospheric
carbon-dioxide (CO2 ), and thus accelerate climate warming. Furthermore, nitrogenoxides (NOx ) are an unwanted byproduct of current combustion concepts, also
adding to climate warming and deteriorating air quality where emitted, for example
around airports.
At the same time, stationary gas turbines for power generation (figure 1.2a) complement carbon-neutral, natural energy sources, such as wind turbines or solar energy.
They allow for flexible operation, can be set up in relatively low-cost, fast-reacting
Open Cycle Power Plants (OCGT), and are able to gap bottlenecks in natural energy
availability (EU Turbines [56]). In conjunction with steam turbines, they provide a
fuel-efficient means of energy production in Combined Cycle Power Plants (CCGT).
Lastly, they are also flexible in regards to fuel type, allowing for the use of alternative,
sustainable fuels such as biomethane, synthetic methane, or green hydrogen in the
future (EU Turbines [56]), which is a current topic of interest both for industry and
academic research.

(a) Stationary gas turbine Ansaldo Energia
GT36 for power generation, 369-538
MW (Ansaldo Energia [10])

(b) Rolls-Royce Trent XWB turbofan aero
engine, 330-430 kN thrust (Rolls-Royce
[177])

Figure 1.2: Gas turbines for typical applications

Looking beyond power generation, aviation as it exists today would be unthinkable
without gas turbine technology. The majority of passenger airliners are equipped
with turbofan engines (figure 1.2b) in which a small, high power core engine drives
a large fan that provides most of the propulsive thrust. For aero engines, overall
1.2 Technological Significance
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efficiency is not only a function of the thermal cycle efficiency, but also of the
propulsive efficiency. As a large part of the air in turbofan engines only bypasses
the core through the fan, it retains a low velocity relative to the ambient air, thus
reducing the associated loss and improving said propulsive efficiency.
Weight and safety are of great concern for gas turbines in aviation applications. This
severely limits the fuel flexibility, because the energy density of jet fuel needs to
be as high as possible to reduce weight, while the fuel needs to be safely storable.
Consequently, liquid hydrocarbons are currently still the most feasible option4 for
aero engines.
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Both of the aforementioned constraints delay and complicate the introduction of
fundamentally new technologies in aero engines, while at the same time they have
challenged engineers to keep optimizing the given engine architecture. Nowadays, a point has been reached where significant improvements in engine efficiency
and a further reduction in emissions require step changes in technology. This has

Figure 1.3: Development of aero-engine emissions over time in relation to ACARE Flighpath 2050 goals (images adapted from Rolls-Royce Deutschland, with friendly
permission)

been realized by industry and led to the introduction of a variety of new technology demonstrators. Looking at the Rolls-Royce aero engine family for example
(figure 1.3), current developments include a three-shaft design (Advance3) and a
geared turbo fan (UltraFan). Both of these technology development programs also
4

In personal conversations with experts in the field, predictions in the range of above 30 years
were made for the time span until fundamental alternatives to the current basic engine design
might be introduced, only then possibly making liquid hydrocarbon fuels obsolete in this field.
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feature new lean-burn, low-emission combustion technology (ALECSys - Advanced
Low Emissions Combustion System) (Rolls-Royce [176]). Such advancements are
indeed a necessity if the goals set in the European ACARE Flightpath 2050 agenda
(Kallas et al. [97]) of a reduction5 in CO2 emissions by 75 %, in NOx emissions by
90 %, and in perceived aircraft noise by 65 % are to be reached.

1.3 Low-Emission Combustion
Pollutants are by-products of the combustion process in gas turbines. For this reason,
improvements in the combustion chamber design provide a direct lever for emission
reduction. While CO2 emissions in particular are addressed by optimizing cycle
efficiency and by the development of sustainable low-carbon fuels (ACARE [2]), a
main driver in combustor development have been the NOx requirements (Lazik et al.
[117]).
A key technology to meet NOx requirements has been identified in the concept
of Lean Premixed Prevaporized (LPP) combustion (Lazik et al. [117]), or in short
lean-burn. Especially in aero engines, the implementation of LPP has proven to
be difficult. LPP negatively affects flame stability and flame relightability, but also
carries the risk of flame flashback, all of which need to be considered to ensure
reliability and safety throughout the range of operation. One common way to
counteract these issues is staging the combustion process, as it has been realized
in stationary gas turbines (Guyot et al. [71]). Implementing this kind of solution
in aero engines is further complicated by the requirements for a short length, low
weight combustor. Despite these issues, research efforts in recent years have been
successful in advancing the development of the LPP concept to a flight-ready level
(Lazik et al. [117], Stickles and Barrett [198], Rolls-Royce [176]).
However, this has raised further questions, especially concerning the impact of a
change in combustion concept and combustor architecture on the high pressure
turbine. The new LPP combustion concept impacts both the flow and temperature
field entering the turbine, for it is characterized by a large residual swirl, high
turbulence levels, and a relative increase in near-wall temperatures. This in turn
impacts the turbine performance globally, but also turbine aerodynamics and thermodynamics locally. Possible effects include a decrease in power output and an
increase in aerodynamic loss, both resulting in a decreased efficiency. But also
component lifetime may possibly be reduced if proper turbine cooling is not ensured
and metal temperatures rise.
5

The given percentages refer to a reduction relative to the emission regulation limits in the year
2000.

1.3 Low-Emission Combustion
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1.4 Placement of this Work
Previously, research at the institute has focused on the effect of lean-burn representative turbine inlet conditions on the stator row of the high pressure turbine, situated
just downstream of the combustor. Research has been conducted both experimentally and numerically, illuminating impacts on aerodynamics, heat transfer, cooling,
and efficiency (Giller and Schiffer [64], Schmid [181], Werschnik [213], Schneider
[185]).
At the same time, very little literature can be found concerning the effect of leanburn conditions on the subsequent turbine rotor. With the current state-of-the-art
shroudless rotor designs, especially the rotor tip region is of significance. The
necessary gap between the rotor blade tip and the casing is critical both in terms of
efficiency, which is impaired by the tip leakage loss, but also in terms of component
lifetime, as some of the highest heat loads of the entire blade are found near the tip
(Bunker et al. [32]).
The groundwork for rotor tip investigations at the institute has been laid by Kegalj
[100], who conducted detailed aerodynamic investigations at two different uncooled
rotor tip geometries, a simple flat tip and a squealer-type6 geometry. The latter
effectively reduces the tip leakage mass flow and the associated loss, while it comes
without the need for major alterations of the tip geometry. Thus, a squealer tip
can provide improved turbine component efficiency while constituting an easy-toimplement design. Up until now however, investigations were carried out only for
clean annulus axial inflow conditions, meaning that no combustion representative
inlet conditions were present.
Building upon this experience base, the present work focuses on investigating the
impact of lean-burn combustion on the high pressure turbine rotor, and especially
on a cooled squealer-type rotor tip. Since the impact of lean-burn combustion in
this context is studied both from an aerodynamic as well as from a thermodynamic
(cooling) point of view, this is referred to as aerothermal impact.
For this purpose, experimental data has been gathered at the Large Scale Turbine Rig,
which is a 1.5-stage (stator/rotor/stator) model turbine rig including a combustor
simulator. In the combustor simulator, no actual combustion takes place, but
the turbine inlet conditions are aerodynamically recreated using swirler modules
upstream of the turbine inlet. Therefore, lean-burn representative turbine inlet
6

A squealer geometry is characterized by a recessed cavity in the tip surface (details in section 2.2.5)
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conditions are subsequently often referred to as swirling inflow or in short simply as
swirl.
The results are interpreted from different perspectives: Initially, the first stator and
the rotor are considered globally in terms of aerodynamics, efficiency, and loss. Then,
local aerodynamic phenomena are identified, as well as the impact of lean-burn
inlet conditions upon them. Lastly, the influence of lean-burn inlet conditions on
the tip coolant coverage is assessed. In a few instances, the experimental data is
complemented by results from numerical simulations.

1.5 Thesis Structure and Objectives
This work contains two main parts, with the first part consisting of three chapters
(2 - 4) of a more fundamental nature, followed by a second part of four chapters
(5 - 8), highlighting observations and discussing results.

Fundamentals
2. State of the Art: A literature survey is conducted to detail the impact of
lean-burn combustion on the turbine inlet conditions. Past research in the
field is presented to create a principle understanding of the flow and coolant
structure in the turbine and the impact of different individual parameters upon
it, with a special focus on squealer-type rotor tips. This is done to prepare
for the subsequent investigation of the impact of swirling inflow on turbine
aerodynamics and rotor tip film cooling, which can (to a certain extent)
be considered a combination of these individual parameters. The chapter
concludes by pointing out the reverse impact of varying tip coolant injection
on tip aerodynamics as a possible means to aerodynamically desensitize the
tip.
3. Experimental Setup: The test rig setup and main components are reviewed,
with emphasis on the combustor simulator and the rotor tip. The rig control,
the operating point, and the operating point stability are presented, as they
constitute the global boundary conditions for all experimental investigations.
4. Methods of Investigation: A variety of experimental methods that complement
one another has been applied to investigate both aerodynamics and cooling.
An overview is given, emphasizing methods that have been newly implemented
at the test rig, namely hot-wire anemometry using split-fiber probes, an array
of time-resolving pressure sensors, and pressure sensitive paint. Details about
data acquisition, reduction, interpretation, and the associated uncertainties
are included. Lastly, the numerical setup accompanying the experimental
investigations is described.
1.5 Thesis Structure and Objectives
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Results
5. Stage Characterization: The stator and rotor are first considered at a global
level, discussing the thermodynamic process, efficiency and loss. The stage
is further characterized based on classical turbine parameters, a key aspect
being the work extraction in the rotor tip region and the influence of swirl
thereupon.
6. Rotor Tip Flow Structure: For a baseline case without swirling inflow and
without tip cooling, flow phenomena and secondary flows in the tip gap region
are detailed, including the tip leakage flow behavior. The interaction of the tip
flow phenomena with the passage secondary flows and the corresponding flow
field at the rotor exit is described. While knowledge about the tip gap flow
phenomena is required to interpret the rotor tip coolant behavior, the passage
secondary flows are connected to the rotor aerodynamic performance. Both of
the above are the prerequisite for the discussion on the impact of swirl on the
aerothermal rotor tip behavior in the following chapters.
7. Impact of Swirl on Rotor Tip Aerodynamics: First, the impact of turbine inlet
swirl on the rotor inlet flow field is explained. It is shown how swirl influences
the tip loading and tip leakage behavior for the uncooled tip, as well as the
flow structure in the tip gap and in the passage region. The changes in local
flow structure are then put into perspective by discussing the associated loss.
8. Impact of Swirl on Rotor Tip Film Cooling: The tip film cooling distribution is
depicted for coolant injection from a pressure side row of cylindrical holes,
both for a case without and with swirling inflow conditions. Differences are
identified and explained using the previously gathered aerodynamic information. Then, the film cooling injection is varied to assess potential benefits for
the tip coolant coverage. Different trends for non-swirling and swirling inflow
are found and discussed. To conclude, the impact of coolant injection on local
aerodynamics is detailed, assessing its additional value to influence secondary
flows in the tip region and reduce the associated losses.
Further details in regards to fundamentals, methods, and results are given in three
respective appendices (A, B, C).

1.6 Research Framework
This thesis is embedded into a series of experimental and numerical investigations at the Rolls-Royce University Technology Center “Combustor and Turbine
Aerothermal Interaction” at TU Darmstadt. The presented content results to a large
part from work that was funded within the framework of the “AG Turbo” (project
8
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COOREFLEX-turbo 3.1.1 “Brennkammer-Turbine-Interaktion: Kühleffektivität und
Aerodynamik im Blattspitzenbereich”) by the Federal Republic of Germany, Ministry
for Economic Affairs and Energy, according to a decision of the German Bundestag
(FKZ: 03ET7021K), as well as by Rolls-Royce Deutschland GmbH and Ansaldo
Energia Switzerland AG. Their technical and financial support is greatly appreciated.

1.6 Research Framework
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2 State of the Art
2.1 Combustion and Emission
An underlying goal in gas turbine operations is the reduction of CO2 emissions. From
an engine technology point-of-view, this is addressed by optimizing cycle efficiency
1
and furthermore, by the development of sustainable low-carbon fuels (ACARE
[2]). Another main driver, in particular for combustor development, has been the
ever stricter NOx requirements (Lazik et al. [117]). NOx is a pollutant that results
in climate warming by an increase of ozone (Faber et al. [57]) and deteriorating air
quality around airports (ACARE [2]). Current technological developments aim to
meet the goals set in the Flightpath 2050 agenda (Kallas et al. [97]), that demands
a significant reduction in emissions by 2050. In detail, CO2 emissions are to be
reduced by 75 %, NOx emissions by 90 %, and aircraft noise by 65 %, relative to the
emission regulations in the year 2000.

2.1.1 Combustor Design
In the combustor, fuel is injected into the main flow and burned, thereby converting
the fuel’s chemical energy into thermal energy in the flow to ensure a steady hot gas
stream for expansion in the downstream turbine (Rick [174]). The combustor has
to fulfill a variety of design requirements (Lazik et al. [117], Rick [174], McGuirk
[135]) that dictate the principal combustor architecture:
• Combustion Efficiency: A homogeneous burning process with a high degree of
burnout (>99 %) ensures that as much of the chemical energy as possible is
converted into heat.
• Cycle Efficiency: By reducing the pressure loss in the combustor and keeping combustor peak temperatures high, the thermal cycle efficiency can be
maximized.
• Reliability and Stability: A stable, easily ignitable and re-lightable flame needs
to be ensured throughout all operating conditions.
• Thermal and Mechanical Integrity: The combustor needs to be short and
lightweight, must withstand the high combustion temperatures (via cooling),
must have favorable thermo-acoustic properties (minimize acoustic pressure
waves), and ensure long lifetimes of its components.
1

A commonly used parameter for aero engines in this context is the thrust-specific fuel consumption (SFC).
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• Emission and Noise: Combustors need to fulfill regulations on emissions (CO,
unburnt hydrocarbons/UHC, NOx , smoke) and noise.
• Exit Conditions: The downstream high-pressure turbine must be able to cope
with the combustor exit flow and temperature profiles in terms of aerodynamic
performance and cooling.

2.1.2 NOx Reduction with RQL-Combustion
The majority of the NOx in aircraft combustors is thermal NOx (as opposed to fuel
or prompt NOx ), that is formed at high temperatures and long (local) residence
times in the combustor. With highest temperatures occurring near stoichiometric
conditions (the reactants completely react with one another), NOx can be reduced
by minimizing the time the combustion gases spend near such conditions (McGuirk
[135]). This has been recognized for a long time and was tackled in the 1980s by
developing the RQL (Rich-burn – Quick-quench – Lean-burn) combustion concept
(Mosier and Pierce [144]) that the majority of today’s aero engine combustors are
based on (figure 2.1a). The terms rich-burn and lean-burn used in this context refer
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(a) Fully annular RQL combustor with air flow
scheme (adapted from Schneider [185])
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Figure 2.1: RQL combustor concept
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to the equivalence ratio φ (equation 2.1), with φ > 1 denoting a fuel rich and φ < 1
a lean mixture, while φ = 1 indicates stoichiometric conditions.

φ=

ṁ f /ṁo x
(ṁ f /ṁo x )st oic

(2.1)

For RQL combustors (figure 2.1a), about 15 % of the total air enters the combustion
chamber via swirlers that provide rapid mixing with the injected fuel and flame
stabilization. A recirculation zone is created that is characterized by velocities
opposing the main flow direction, in which the unburnt mixture is fed back towards
the flame (Lechner and Seume [118]). This primary zone is kept fuel-rich, to ensure
a stable combustion throughout the operating range. Most of the air does not directly
take part in the combustion process, but bypasses the flametube, contributing to the
wall cooling. A large part of the bypass air is used for the quenching process and
injected into the combustor via dilution holes. Within a short distance and time, the
mixture is rapidly brought from fuel-rich to lean in order to minimize the time spent
near stoichiometric conditions (figure 2.1b), thus minimizing NOx production. In
the subsequent secondary zone or dilution zone, the remainder of the bypass air is
added, mixes with the combustion gases to complete the combustion process, and
provides further conditioning of the combustor outlet profile towards the turbine,
for example to reduce hot spots.

2.1.3 Low Emission Lean-Burn Combustion
In recent years, it has become obvious that the potential of RQL combustors for further NOx reduction is limited (Lazik et al. [117], McGuirk [135]) and the ambitious
Flightpath 2050 goal of a NOx reduction by 90 % not reachable with this concept.
Instead, a leap in technology is needed, with lean-burn combustion having been
identified as a key technology to reach the emission goals. As the name suggests,
lean-burn tries to move the air-to-fuel ratio closer towards the lean extinction limit
(Rick [174]) (figure 2.1b), thus avoiding fuel-rich, high temperature zones where
NOx formation would occur. This results in a number of technical challenges that
need to be overcome (Rick [174], McGuirk [135]):
• To ensure a lean mixture, most of the air (70 %) is supplied directly at the
fuel injector and swirler. This reduces the amount of air available for cooling
purposes and downstream quenching/dilution. Consequently, the possibilities
of combustor exit profile conditioning become more limited, posing new
challenges towards the turbine design (section 2.1.4).
2.1 Combustion and Emission
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• Shorter residence times are required to limit NOx formation. This effects
combustion efficiency negatively, as it becomes more difficult to ensure all the
fuel is burned.
• Due to the proximity to the lean extinction limit, the flame has a weak extinction stability and is harder to relight, especially at low power operating
points.
• Low velocities (below the flame blowout speed) and thus a larger flame tube
volume are required to stabilize the flame and keep the pressure drop at a
similar level as for RQL combustors, despite of the now higher air flow at the
combustor inlet. Low velocities in turn contrast the desired shorter residence
times for NOx reduction.
A way to address these challenges is the concept of lean premixed prevaporized (LPP)
combustion, a concept that is already in use for stationary gas turbines for power
generation (Lechner and Seume [118]). For LPP, the fuel is mixed with the air
and completely vaporized before entering the combustor, as such the lean-burn
fuel injector fulfills the functions of injector, primary zone, quenching and mixing
(McGuirk [135]), making the injector design of primary importance (Lazik et al.
[117]). Furthermore, the injector needs to ensure minimal droplet size for a quick
burning process, but also a homogenous mixture to achieve an even distribution
of φ and avoid fuel-rich regions. A possible danger of the LPP fuel-air-mixture is
auto-ignition and flame flashback into the injector (Rick [174]).
With the Single Annular Combustor (SAC) (figure 2.2a), Lazik et al. [117] have
presented a feasible technical solution for LPP. Their design includes a radial staging
of the fuel injection. A main flame develops at the outer ring, where most of the
air is injected with high swirl to ensure mixing and flame stabilization, as well as
lean conditions. In the central part of the injector, a pilot flame burns fuel-rich to
ensure a stable and reliable combustion even at low power operating points. Again,
the injector design is quite demanding, as pre-mixing of fuel and air needs to be
achieved within a short distance inside the combustor head.

2.1.4 Combustor Exit/Turbine Inlet Traverse
The combustor exit flow and temperature fields constitute the inlet conditions
to the high pressure turbine. The intersection between the two components is
known as the combustor-turbine interface, while the impact of the combustor outlet
conditions on the downstream turbine (and vice-versa) are transcribed as combustorturbine interaction (CTI). As pointed out by Schneider [185], the combustor-turbine
interface is important in terms of design, as it is serves as the hinge between
the combustion and turbine design teams, but at the same time, conditions at
14
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(a) Single annular combustor (SAC) for
lean-burn (Lazik et al. [117])

(b) Requirements towards combustor outlet temperature profile (adapted from
Joos [91]) and lean-burn profile (estimated based on Lazik et al. [117])

Figure 2.2: Combustor outlet temperature profile and lean-burn combustor

the interface are especially difficult to predict: Only scarce experimental data is
available, usually flawed by large uncertainties, while unsteadiness, high turbulence,
and chemical reactions within the combustor challenge numerical methods.
To add to the complexity, different simulation approaches and numerical tools are
applied for combustor and turbine respectively. It is the current industrial standard
that these are uncoupled, thus a time-averaged traverse at the combustor-turbine
interface is passed on from the combustor simulation as input to the turbine design.
The traverse is stripped of any information about unsteadiness and sector-to-sector
inhomogeneities, adding further uncertainty (details in Schneider [185]).
Commonly, the combustor-turbine interface is characterized by the discrete burner
positions (with the resulting temperature non-uniformities) and the combustor swirl.
The temperature distribution and homogeneity at the combustor exit is described
by two temperature distribution/distortion factors: the overall (OTDF) and radial
(RTDF) temperature distribution factor (Povey and Qureshi [164]). Both of these
can either be defined globally using the maximum (ma x ) temperature Tt40 max or
locally (L) using the temperature distribution Tt40 at the combustor outlet (equations 2.2 and 2.3). The average temperatures at the combustor inlet and outlet are
ci r c
denoted T̄t3 and T̄t40 respectively, with T̄t40
being the circumferentially averaged
temperature at the combustor outlet.
2.1 Combustion and Emission
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(L) OTDF =

Tt40 (ma x) − T̄t40
T̄t40 − T̄t3

(2.2)

(L) RTDF =

cir c
T̄t40
− T̄t40
(max)

T̄t40 − T̄t3

(2.3)

The OTDF describes the non-uniformity of the temperature field across the circumference which is experienced by the different nozzle guide vanes (NGVs),
while the RTDF describes the average radial temperature non-uniformity which is
perceived by the rotor (Joos [91]).
Typically, the highest temperatures coincide with the burner positions and are found
towards the channel center (figure 2.2b, combustor, rich-burn). This is not ideal
from a turbine perspective, for there are different (and partially competing) design
requirements towards the combustor exit profile:
• Cooling: High peak temperatures at the combustor outlet should be avoided,
as the NGV and rotor coolant schemes need to be designed to withstand the
hottest temperatures in the traverse (Povey and Qureshi [164]).
• Aerodynamics: To achieve an equally distributed stage loading, the radial
temperature distribution should ideally be uniform (figure 2.2b, rotor aerodynamics) (Joos [91]).
• Mechanical strength: Lower temperatures towards the hub (and for shrouded
turbines also the casing) relieve the mechanically highly loaded blade platform.
The temperature maximum should be in the mechanically less critical outer
third of the blade (figure 2.2b, rotor mechanical strength) (Joos [91]).
For conventional RQL combustors, the conditioning of the combustor exit traverse
towards the turbine is achieved by the quenching/dilution air. The dilution air
has been shown to disrupt the combustor exit swirl, reduce the exit turbulence2 ,
and flatten the temperature profiles (Goebel et al. [65]). Furthermore, it has been
observed that in principle, high swirl conditions can lead to an increase in radial
temperature non-uniformity (Povey and Qureshi [164], originally from Goebel et al.
[65]).
Based on these observations, it would be expected that lean-burn combustor geometries with their high swirl and lack of dilution air would have a higher radial
temperature non-uniformity at the combustor outlet. However, the opposite seems
to be the case3 , which is most likely caused to the altered combustor geometry and
2

3
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It has been found that the opposite can occur in non-reacting investigations (e.g. Cha et al.
[37]). Here, the jet-in-crossflow effect of the dilution air will in fact increase turbulence at the
combustor exit.
This claim is made based on conversations with experts from Ansaldo Energia and Rolls-Royce
Deutschland based on current observations in their development.
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flame staging in modern lean-burn combustors. In the case of radial combustor
staging with the main flame being held in the outer ring (figure 2.2b, combustor,
lean-burn), the near-wall temperatures are increased, which is aided by the lack
of dilution air to cool the endwalls, thus especially increasing the heat load near
the vane and blade platform and tip. Consequently, this leads to an overall flatter
temperature profile.
From an aerodynamic point of view, the increased swirl at the turbine inlet causes
greater whirl and radial angles, an altered mass flow distribution, and a higher
turbulence. On a local level, this will among other things impact turbine secondary
flows, boundary layers, coolant coverage, and heat transfer, while globally this
affects turbine performance and efficiency (Schmid [181]).

2.1 Combustion and Emission
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2.2 Turbine Secondary Flows
The task of turbine vanes and blades is to turn the incoming flow and alter its
velocity, resulting in the primary flow that ideally follows the stream path given
by the turbine geometry. All flows that are diverted from this primary flow due to
viscous effects at the endwalls are denoted secondary flows (Langston [116]). As
such, they are inherently undesired, since they reduce the profile lift, thus reducing
the turbine work, and among others, are one source of aerodynamic loss decreasing
the turbine efficiency. Furthermore, secondary flows impact the heat transfer from
the hot main flow to the solid walls, as such they need to be accounted for to avoid
thermal damage to the turbine hardware.
Usually, secondary flows manifest as vortices, which Langston [116] defines “as
a flow feature in the turbine gas path, composed of a collection of throughflow
streamlines spiraling around a center of low static pressure to produce simple closed
curve isobars (of static pressure) in successive planes normal to the throughflow”.
Historically, turbine flow and heat transfer have been studied in linear cascade
rigs that mimic a full annular turbine stage by using an array of prismatic vane
or blade profiles with parallel casing and hub endwalls. Based on these studies,
standard models explaining the secondary flow structure have been developed which
are presented in the following paragraphs as a basis for understanding and later
discussion.

2.2.1 Secondary Flows originating at the Endwalls
The classic secondary flow model as introduced by Hawthorne [81] and visualized
by Sieverding [194] is based on the assumptions of an inviscid, incompressible flow
with a boundary layer4 (inlet vorticity) that is deflected through a curved channel,
for example a cascade (figure 2.3a).
According to Sieverding [194], all fluid particles passing the airfoils are subject to
the pressure gradient d p/d y , which stays approximately constant normal to the
endwall. This pressure gradient balances the centrifugal force caused by the channel
curvature so that d p/d y = ρ · u2 /R. The velocity deficit of the boundary layer flow
particles is balanced by a decrease in the radius of streamline curvature (figure 2.3a,
blue color). This leads to a deflection ∆ y of the near wall particles, introducing
4
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Even though the boundary layer forms due to the friction of the wall and is therefore a viscous
effect, the resulting phenomenon is an inviscid one.
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a velocity component tangential to the core flow velocity that leads to large scale
secondary circulations5 (figure 2.3a, red color).
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Figure 2.3: Secondary flows originating near the endwalls

In addition to the secondary circulation, several other vortices can be identified in
viscous cascade flow that interact with the former (figure 2.3b).
At the leading edge (LE), the incoming flow experiences an adverse pressure gradient,
which causes the boundary layer to separate from the endwall at a saddle point and
roll up into the horseshoe vortex (Sieverding [194]). The horseshoe vortex extends
both to the pressure side (PS) and suction side (SS) and consists of a multi-vortex
structure that was first described by Wang et al. [208] and further detailed by
Praisner and Smith [165, 166], who could identify a primary, secondary, and even
tertiary vortex. The PS leg of the horseshoe vortex is carried towards the SS by
the pressure gradient in the passage, causing the passage flow to separate from the
endwall, and is then merged into the passage vortex, which is attenuated by the
5

In addition, Hawthorne [81] explains the formation of the trailing vortex sheet, which has two
causes: (1) The change in circulation about the airfoil produces a trailing shed circulation. (2)
The difference in velocities between PS and SS stretches the vortex filaments passing through
the cascade and leads to trailing filament circulation, which in turns adds to the vorticity created
by (1).
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secondary circulation. The counter-rotating SS leg of the horseshoe vortex stays
close to the profile, lifts off further along the SS, and then interacts with and orbits
the passage vortex. Near the merging point of the PS legs of the horse vortex, a
wall vortex develops that is pushed up the SS by the passage vortex and rotates in
opposition to it.
If a tip gap is present, the classical depiction of the development of the passage
vortex (figure 2.3b) is altered. Now, the passage vortex is formed solely by the SS
leg of the horseshoe vortex, as the PS leg of the horseshoe vortex is suppressed
by the tip gap leakage flow. According to Sjolander and Amrud [195], this can be
explained by the weakening of the aforementioned adverse pressure gradient on
the endwall upstream of the LE due to the presence of the gap. A large part of the
incoming boundary layer fluid enters the tip gap and feeds the tip leakage vortex
towards the SS (see section 2.2.2), instead of rolling up into the horseshoe vortex
on the PS. This generally results in the (upper) passage vortex near the tip being
weaker than the (lower) hub-side passage vortex.
Finally, multiple corner vortices at the leading edge and along the PS and SS develop,
which may not be present if the edge fillet radius is chosen accordingly (Wang et al.
[208]).

2.2.2 Secondary Flows originating near the Tip Gap
Another point of origin for secondary flows is the gap between the rotor blade tip
and the casing, with common gap heights of h/s = 1 % and smaller - h being the gap
height and s the blade span. The standard model describing the flow in the tip gap
region again is based on cascade research - see for example publications by Sjolander
and Amrud [195], Bindon [22], and Yamamoto [226] - and was visualized by Lee
and Kim [120] for a cascade with a stationary casing wall (figure 2.4a).
The fluid moves up the PS (aided by the secondary circulation), partly turning
towards the passage and partly entering the gap. At the casing, it is divided by a
stagnation line. The leakage flow entering the tip gap cannot follow the sharp turn
posed by the edge of the blade, causing it to separate on the PS edge of the tip
surface, resulting in a separation bubble. This induces the formation of a so-called
vena contracta: the separation decreases the throughflow cross section, accelerating
the fluid in the throat area. The resulting favorable pressure gradient and the
turbulent mixing in the gap causes the flow to reattach on the tip surface along a
re-attachment line - that is, if the blade is wide enough, otherwise the flow might be
fully separated throughout the tip gap.
20
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Figure 2.4: Secondary flows in the tip gap region

When the leakage flow exits the gap along the SS, a jet-in-crossflow situation
occurs, and the leakage displaces and mixes with the passage flow. The resulting
deceleration causes the leakage flow to separate from the casing along the leakage
flow separation line. The fluid exiting the gap rolls up into a tip leakage vortex, which
in turn interacts with the passage vortex.
The passage flow near the casing moving towards the SS separates from the casing
wall along the passage flow separation line upon being faced with the tip leakage
vortex. It is then deflected radially inward towards the channel center.
Accordingly, Lee and Kim [120] proposed a categorization of the near wall flow
into three regimes: the passage flow zone, the leakage flow zone, and the buffer zone
(figure 2.4a, top).
For the case of rotating blades, as opposed to a stationary cascade, Kegalj [100]
could visualize an additional vortex (see also section 2.3.5). This scraping vortex
develops when the boundary layer in the passage flow zone separates and is rolled
up, supported by the relative blade movement (figure 2.4b). In this case, the buffer
zone is reduced to a separation line (Yamamoto and Outa [227]). This will also
be shown within this work (section 6.1). The sense of rotation of the scraping
vortex is in opposition to that of the tip leakage vortex, but in accordance to that of
the passage vortex. The kinetic vortex energy (K r el ) and the area occupied by the
scraping vortex have been found to be small with the vortex diminishing after about
75 % of the SS (Kegalj et al. [101]).
2.2 Turbine Secondary Flows
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2.2.3 Loss in Turbomachines
The term loss, as it is commonly understood, describes any process that reduces a
machine’s efficiency, like for example the aforementioned secondary flows or the tip
leakage. A comprehensive overview of loss mechanisms in turbomachines has been
given by Denton [49], out of which the most relevant aspects are summarized in
the following section. For adiabatic machines, loss is equivalent to entropy creation
in an irreversible process. The entropy s can be calculated relative to a reference
condition ( r e f ), either using all static or total ( t ) quantities (equation 2.4).




T(t)
p(t)
s − s r e f = c p ln
− R ln
(2.4)
Tr e f
pr e f
For loss quantification, loss coefficients are used, the two most common of which
are the entropy loss coefficient ζ and the pressure loss coefficient Y (equation 2.5
and 2.6), with (1) denoting the blade or vane row inlet plane and (2) the respective
exit plane.

ζ=

T2 ∆s
h t2 − h2

(2.5)

Y=

p t1 − p t2
p t2 − p2

(2.6)

The two definitions are interchangeable for adiabatic flow through a stationary blade
row, as the total temperature Tt stays constant. For rotating blade rows, the total
pressure in the relative frame might change due to radial fluid particle movement,
affecting the value of Y , even though no actual loss (or gain) might be occurring.
Thus, ζ should be used preferentially.
There are three fluid dynamic processes that cause entropy creation:
• Viscous friction in boundary layers/free shear layers (e.g. the mixing process
in a leakage jet)
• Heat transfer across finite temperature differences (e.g. between coolant and
mainstream)
• Nonequilibrium processes (e.g. rapid expansions and shock waves)
Out of these, the first process is considered dominant within the present work, as
the investigations are carried out at isothermal conditions between mainstream and
coolant flows as well as at low Mach-numbers, so that no shock waves or expansion
phenomena are present.
Traditionally, turbomachine loss is categorized into profile loss, endwall or secondary
loss, and tip leakage loss, each of which accounts for about one third of the total loss
in the high pressure turbine.
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• Profile Loss: Profile loss is generated in the blade profile boundary layers, away
from the endwalls.
• Endwall/Secondary Loss: Endwall loss is generated by secondary flows that
originate at the endwall boundary layers.
• Tip Leakage Loss: Tip leakage loss is associated with the flow through the tip
gap of a blade.
This categorization is incomplete and not mutually exclusive, as the origins of loss
may be a combination of different factors that cannot be clearly distinguished. The
mechanisms of and impacts on loss generation are an ongoing topic of research. As
Denton [49] points out, “[a] good physical understanding of the [origins of loss]
may be more valuable than a quantitative prediction”.

2.2.4 Reduction of Tip Leakage Loss
Naturally, engineers have been striving to attenuate or avoid loss as much as possible
by means of optimizing turbomachine geometries. Most of the levers to specifically
reduce the loss in the tip region, in particular the tip leakage loss, have been
summarized by Kegalj [100], largely based on the review given by Harvey [78], and
are briefly recapitulated and complemented in this context.
• Shrouded Blades: A shroud acts as a cover band across all rotor tips, thus
avoiding the tip leakage flow through the gap from PS to SS. Generally,
shrouded blades experience less leakage loss than unshrouded blades, unless
the clearance falls below a certain, rather small “break-even clearance”, for
which the loss in the shroud cavities becomes dominant (Yoon et al. [230]).
However, unshrouded turbines reduce the stage weight, and especially the
stress in the blade and disk, so that they can run faster with an increased
power output and (relatively speaking) lower loading (Yoon et al. [230]). As
unshrouded turbines have been in the focus of development in recent years,
they are in the focus of the present work.
• Gap Height: Decreasing the tip gap height reduces the flow through the gap and
the associated loss, while at the same time increasing the turbine power output.
For the squealer-type tip geometry considered in this work, Eitenmüller et al.
[53] could show that a decrease in tip clearance by 1 pp causes an increase in
efficiency by 2.68 pp. The potential of gap height reduction is limited however
by the demand for safe operations (rub-in might be tolerable if abrasive casing
liners or tips are used) and the unavoidable change in tip clearance at different
operating points (centrifugal forces on the rotor, thermal expansion with
different time constants of disks, blades, and casing).
2.2 Turbine Secondary Flows
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• Blade Loading: By reducing the blade loading at the tip, for example by decreasing the turning of the flow, increasing the number of blades, or adding
compound lean (Harrison [76], Rosic and Xu [178]), the pressure difference
between PS and SS side driving the tip leakage flow can be reduced. The
resulting reduction in tip leakage loss comes at the expense of the achievable power output (at least for the former two possibilities), and is thus not
necessarily productive.
• Casing Geometry: Circumferential grooves in the casing have been shown
to reduce overall loss by altering the near-tip vortex system (passage and
tip leakage vortex), with specifics dependent on groove depth, number, and
shape (Kavurmacioglu et al. [98]). Contouring the casing can decrease the tip
leakage flow by altering the tip loading and increasing the separation bubble
along the PS, thus increasing the blockage in the vena contracta (Wei et al.
[211]).
• Coolant Injection: Rotor tip coolant injection can pose a blockage towards
the leakage flow, thus potentially decreasing leakage loss (further details
in section 2.6). However, work is conducted in the compressor to supply
the coolant to the rotor, while the coolant does not contribute to the work
extraction process in the turbine. A possible net benefit in terms of overall
efficiency is therefore dependent on the specifics.
• Choking: Due to the high Mach-numbers at the tip in real engine applications, the flow can choke in the tip gap. This can possibly be utilized to
limit the leakage mass flow and thus the tip leakage loss (further details in
section 2.3.6).
• Tip Geometry and Pressure: The tip geometry can be altered in several ways to
influence both the pressure gradient between PS and SS as well as the pressure
loss occurring within the gap. Winglet tip geometries decrease the pressure
ratio across the tip gap by extending the tip geometry to move the gap inlet and
outlet further outwards into the passage. Squealer tip geometries introduce
rims protruding from the tip surface (Schabowski and Hodson [179]) that
enclose a cavity and obstruct the reattachment of the tip leakage flow on the
tip surface. Inside the cavity, the local increase in tip gap height leads to a
reduction in velocity, a higher static pressure, a region of increased mixing,
and a higher pressure loss. This poses an additional resistance towards the
leakage flow similar to a non-contact seal (labyrinth seal) and reduces the
leakage jet at the gap outlet. Derived from these two basic concepts, more
complex geometries are currently under investigation (e.g. Zhong and Zhou
[237], Pátý et al. [157], Andreoli et al. [9]).
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2.2.5 Secondary Flows for Squealer Tip Geometries
Squealer tip geometries provide a readily realizable way to reduce the tip leakage
mass flow and the associated loss. They are therefore of great practical relevance
in gas turbines, making them the subject of investigation in the present work. In
comparison to flat tips however, they introduce a whole new set of secondary flows.
This is promoted by the greater distance between blade surface and casing wall
within the cavity, leading to flow phenomena in the gap region that are highly
three-dimensional even for tight nominal gaps.
A detailed analysis of the secondary flow structures for a squealer tip has been
presented by Mischo et al. [142] (figure 2.5a). They found that the leakage fluid
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Figure 2.5: Secondary flows inside a squealer tip

entering around the LE on the PS rolls up into a cavity corner vortex (C, cyan) upon
hitting the SS wall of the squealer cavity. At the same time, the rim boundary layer
fluid entering into the cavity along the whole of the PS and on the first part of
the SS near the LE edge rolls up into a rim boundary layer rollup vortex (A, blue).
Above the central part of the cavity near the casing, tip leakage fluid (TL, black)
interacts with casing boundary layer fluid (green). The leakage fluid is deflected
towards the cavity floor, while the casing boundary layer fluid rolls up into a casing
vortex (B, green). Vortex A and C can be separated by a dividing streamline (DS1,
red). Another dividing streamline (DS2, red) separates the fluid that enters the PS
cavity and feeds the secondary flow structure from the leakage fluid. All of these
secondary flows add to the pressure loss in the tip gap region that helps to reduce
the tip leakage mass flow.
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Although the specifics of the secondary flow features depend on the exact geometric
parameters and aerodynamic conditions, the general flow structure has also been
identified by others. For example, Kegalj [100] (figure 2.5b) investigated a turbine
geometry very similar to the one in the present study. The flow separation along
the PS rim that had been observed in the case of the flat tip earlier, is also present
for the squealer tip. However, no full reattachment occurs due to the presence of
the cavity. At the squealer SS rim, the separation process is repeated, creating yet a
second vena contracta that poses an additional obstacle to the tip leakage flow, thus
effectively reducing the tip leakage jet and the associated loss.
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2.3 Impacts on Blade Tip Aerothermal Behavior
The research of the last decades could single out factors that influence the classical
flow structure, and identify their individual impact on the rotor tip flow field and
aerothermal behavior. A simplified way of looking at the lean-burn turbine inlet
conditions would be to consider them as a combination of multiple impact factors
that have ideally already been studied individually in the past. For example, leanburn leads to both incidence and elevated turbulence at the turbine inlet as a result
of larger whirl angles and increased shear and mixing due to the higher swirl. The
following section aims at creating an understanding of each factor’s individual
impact, so that it then becomes possible to analyze the aerothermal situation at the
tip when multiple factors are present simultaneously, as it is the case for lean-burn
inlet conditions6 .

2.3.1 A word on the Interdependence of Parameters
In many cascade investigations in the past, the (dimensional) parameters tip clearance, boundary layer thickness, angle of attack (incidence), and relative speed
between blade and casing wall7 (whether or not rotation is present) have been
varied individually. This is mirrored in the structure of the following sections.
However, these parameters are not necessarily independent, which is reflected by
the recent suggestion by De Maesschalck et al. [48] to instead use two parameter
groups to characterize the fundamental tip flow behavior: (1) h/δ2 and (2) wϕ /u.
Group (1) relates the tip gap height h and the boundary layer momentum thickness
δ2 and is a measure of how deep the tip gap is engulfed inside the boundary layer
(figure 2.6a), while group (2) relates the tangential velocity component wϕ and the
rotor peripheral speed u and is a measure of the tangential flow momentum in the
rotating frame of reference (figure 2.6b). It will be shown that these two groups are
important when characterizing the mechanism of gap fluid entry near the blade LE
for the LSTR squealer tip (section 7.1.3).

6

7

Effects that are not discussed in the following sections because they are deemed to be of minor
importance in this context include the effect of casing curvature, casing recess, and blade tip
edge radius.
In cascade experiments, rotation was conventionally simulated by installing a moving belt in the
cascade casing above the rotor tip. Hence, effects of relative casing motion are accounted for,
but not additional effects due to centrifugal force acting upon fluid particles that occur in real
rotating machines.
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Figure 2.6: Parameters and velocity triangles at the rotor tip

2.3.2 Casing Boundary Layer
The flow in the tip gap region is subject to the casing boundary layer at the rotor
inlet. Usually, the tip is “completely immersed in the three-dimensional casing wall
boundary layer. This is typical of what most real turbines encounter in practice”
(Xiao et al. [225]). If rotation is present, the velocity deficit in the boundary layer
in the absolute frame, expressed by the velocity vector c , causes an additional
incidence in the rotor frame of reference caused by a turning of the rotor relative
velocity vector w (figure 2.6c).
In an early low-speed cascade study, Chan et al. [38] found that increasing boundary
layer thickness did lead to a minor unloading near the tip gap. In terms of secondary
flows, almost no change in loss could be measured, and the amount of boundary
layer fluid contained in the tip leakage flow did not alter the tip leakage loss.
In contrast, a more recent numerical study for a transonic cascade by Zhang et al.
[236] found the presence of the boundary layer had a strong impact on the secondary
flows around the tip gap. This was explained by the principle effect of the boundary
layer: The deficit in near wall fluid inertia makes the fluid less likely to follow
the mainstream, and instead causes the fluid to be more easily driven away by
the cross-passage pressure gradient. This leads to an increase in in cross-passage
secondary flow and a stronger passage vortex, which pushes the tip leakage vortex
to be more attached to the SS, increasing the heat transfer in that area.
Meanwhile, the boundary layer thickness was found to have only little impact on the
tip leakage flow and correspondingly on the tip heat transfer in the transonic case
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(Zhang et al. [236]). Only at the LE, some of the boundary layer fluid was found to
enter the tip gap. Most possibly the reason for the largely unchanged tip leakage
flow was choking at the tip gap (Zhang and He [233]), which kept the mass flow
and thus heat transfer constant, even when the boundary layer thickness changed
(see section 2.3.6).

2.3.3 Tip Clearance
Generally, larger clearances lead to larger tip leakage (Tallman and Lakshminarayana
[201], O’Dowd et al. [151]), which causes a reduction in lift and an increase in
loss that decreases the turbine efficiency. By decreasing the tip clearance, the tip
leakage flow has to overcome a higher resistance posed by the smaller gap between
the casing and the boundary layer, which develops on the PS and rises towards the
SS. This reduces the tip leakage and shifts the leakage flow towards the shorter path
upstream towards the LE (Azad et al. [11]). When the tip clearance is increased,
more flow exits the tip gap downstream of the mid chord, while the flow boundaries
(figure 2.4a), such as the stagnation line and leakage flow separation line, move
further away from the tip (Lee and Kim [120]), increasing the leakage flow zone.
The mechanism responsible of the tip leakage vortex formation differs depending on
the tip clearance (Tallman and Lakshminarayana [201]). For small gaps, the vorticity
of the fluid exiting the gap causes the vortex to roll up, while for larger clearances
the jet/passage flow shearing is dominant. For increasing clearances, the tip leakage
vortex moves towards the blade rear (Sjolander and Amrud [195]), grows in size,
and the vortex center shifts away from the SS towards the passage center (Yamamoto
[226], Tallman and Lakshminarayana [201], O’Dowd et al. [151]).
The shift of the vortex away from the SS for higher clearances causes loading to
decrease at blade mid span and to increase further towards the tip. Only in very
close vicinity to the tip, loading was found to decrease again (Sjolander and Amrud
[195]). The general increase in loading near the tip does not constitute an overall
increase in power however, but is counteracted by the additional loss caused by the
stronger tip leakage vortex. For squealer-type tips, where the tip leakage vortex
is weaker than for flat tips, the flow and loss are less sensitive to a change in tip
clearance (Lee and Choi [119]). Still, when the tip clearance is increased, the
secondary flow features in the squealer cavity become more dominant (Lee and Kim
[120]).
A change in tip clearance has a severe impact on the secondary flow structure around
the rotor tip. For larger clearances (1), the flow in the gap is three-dimensional (Lee
et al. [121]), impacted by the inertia forces of the endwall flow, while for smaller,
2.3 Impacts on Blade Tip Aerothermal Behavior
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more engine-realistic clearances (2), the flow is mostly two-dimensional (Yamamoto
[226], Lee et al. [121]). For even smaller clearances (3), fluid even starts entering
the tip gap from the suction side (De Maesschalck et al. [48]). Since very large
clearances are usually not of interest to the turbine designer, only cases (2) and (3)
are presented in more detail below.
For case (2), which is the most common technical case and the base of the “classical”
tip gap flow model, tip gaps are in the range of h/s = 0.69 . . . 1.38%8 , as for example
investigated by Lee et al. [121] (figure 2.7a). The fluid is mainly influenced by and
follows the pressure gradient in the gap (Sjolander and Amrud [195], Yamamoto
[226]), rather than being dominated by shear effects (Yaras and Sjolander [228]).
The flow enters at the pressure side, passes the gap approximately perpendicular to
the blade camber line, and exits on the suction side, which is in opposition to the
direction of blade rotation.
large clearances

A
B

tight clearances

high

PS to SS
SS to SS
SS to PS
Qtip
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near-wall flow direction
(h/s = 0.69%)
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(adapted from De Maesschalck et al. [48])

Figure 2.7: Tip leakage flow and heat transfer for different tip clearances

De Maesschalck et al. [48] numerically investigated the flow through ever smaller
tip gaps when blade rotation is present, covering both cases (2) (figure 2.7b, left)
and (3) (figure 2.7b, middle and right). They could reproduce the aforementioned
classical tip gap flow model for a gap of h/s = 0.91% (wϕ /u > 1, h/δ2 > 1), but
found that for gaps in the range of h/s = 0.4% (wϕ /u = 1, h/δ2 = 1) boundary
layer fluid starts entering the gap from the SS, while leaving towards the SS again
further downstream. For even smaller gaps in the range of h/s = 0.1% (wϕ /u < 1,
h/δ2 < 1), the tip gap flow direction is completely reversed along the leading edge
8
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These values have been converted from h/c = 1 . . . 2% with c being the blade chord that are
originally used by Lee et al. [121]
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region of the blade tip. This severely affects the formation of the secondary flows in
the tip gap region to a point that for very tight clearances, the tip leakage vortex is
suppressed altogether.
Commonly, larger clearances lead to higher overall heat transfer coefficients at the
tip due to the increase in tip leakage flow (Azad et al. [11]). When increasing the
clearance by about one third, heat transfer is increased by up to 10 % (Bunker et al.
[32]). Furthermore, the tip clearance has also a significant impact on the local heat
transfer coefficient distribution. High heat transfer can be linked to the location of
the tip gap vortices and the separation bubble along the PS edge (Lee et al. [121])
(figure 2.7a, region B), which increases in width with clearance gap (Bindon [22]).
Further towards the SS, a region of low heat transfer can be found (figure 2.7a,
region A). Overall, heat transfer in the tip gap is high in areas where PS fluid enters
and passes the gap. In areas where mainly SS fluid is present, as in the case of very
small gaps, the heat transfer is reduced (De Maesschalck et al. [48]) (figure 2.7b).

2.3.4 Incidence
An angular deviation of the mean flow vector from the airfoil angle of attack in
the design point is referred to as incidence, with positive incidence being a shift
of the flow vector towards the PS and negative incidence being a shift towards
the SS (figure 2.8a). Generally, a positive incidence increases the difference in
pressure between PS and SS, and as such the blade loading, while a negative
incidence decreases loading (Perdichizzi and Dossena [158]). Incidence also causes
a (relative) shift in loading distribution along the airfoil: positive incidence angles
make the airfoil more front loaded (Huang et al. [85]), while negative incidence
angles make it more back loaded (figure 2.8b).
As the incidence decreases, flow starts to enter and exit the tip gap from the
SS (Yamamoto [226], Gao et al. [61]), similar to the behavior experienced by
De Maesschalck et al. [48] for small tip gaps: “[...] when the tangential flow
momentum at the rotor tip gap inlet and the blade tip peripheral speed are of
comparable magnitude [...], parts of the overtip gap flow cannot travel across the
entire airfoil thickness”.
Within the tip gap, the flow vectors depend both on the incidence and on the tip
clearance, especially towards LE where the inlet boundary layer fluid is part of the
tip leakage flow (Yamamoto [226]). As a result, the leakage towards the LE is more
sensitive to an incidence variation (Gao et al. [61]).
2.3 Impacts on Blade Tip Aerothermal Behavior
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Since the tip leakage vortex formation occurs further downstream, it is not as
sensitive to a change in incidence as the passage vortex, which decreases in size
with decreasing incidence (Yamamoto [226]). In summary, the tip leakage flow at
the front is dominated by inertia forces, while the rear of the tip is dominated by
the pressure difference across the tip (Gao et al. [61]).
Huang et al. [85] could show that making a blade more front loaded (i.e. positive
incidence) increases the tip leakage mass flow, which would normally be expected
to also increase the tip leakage loss. Counterintuitively, despite the increase in tip
leakage, the loss was reduced in their case. This behavior was linked to the pressure
level on the SS, which in their case was large enough to stagnate the tip leakage
vortex core, causing a vortex breakdown and high mixing loss. By front loading
the blade, the adverse pressure gradient at the rear of the SS could be reduced.
Thus, the tip leakage vortex did experience less of a pressure rise, which reduced
the vortex deceleration, vortex breakdown, and loss.
In analogy to the case of higher tip clearances, the increase in tip leakage mass
flow for positive incidence angles also increases the heat transfer on the blade
tip. Furthermore, the region of high heat transfer becomes more uniform and is
shifted upstream, while the low heat transfer region becomes smaller (Rhee and
Cho [173]).
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2.3.5 Rotation
When rotation is present, a reduction in leakage flow occurs in comparison to the
case without rotation (Morphis and Bindon [143], Yaras and Sjolander [228], Xiao
et al. [225], Tallman and Lakshminarayana [202], Coull and Atkins [45]). Intuitively,
this makes sense, since both the casing wall boundary layer and the relative motion
oppose the tip clearance flow (Xiao et al. [225]).
In detail, two effects are possible explanations for this reduction: (1) The induced
shear could drag back mass over the tip, or (2) the rotation could reduce the pressure
difference across the gap (Yaras and Sjolander [228]).
Kingcombe et al. [105] related the amount of leakage to the velocity profiles inside
the gap. Their shape depends on the rotational speed and the turbine pressure
ratio (figure 2.9a). Assuming a shear-driven flow (1), it can be seen from their
analogy that an increase in rotational speed shifts the zero velocity line towards the
tip, while a decrease in turbine pressure ratio lessens the maximum leakage speed
(vmax ), both of which reduce the leakage flow.
However, they also acknowledged that the decrease in leakage for higher blade
speeds could be explained from a pressure difference point of view (2) as well, since
higher rotational speeds lead to a decrease in loading and to a reduced leakage. Both
explanations were visualized by Yaras and Sjolander [228] (figure 2.9b), showing
how each effect leads to a leakage reduction.
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Figure 2.9: Qualitative effects of rotation on the tip gap velocity profiles
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More recently, it was shown that the variation in leakage flow is dominated by
mechanism (2): The changes in over-tip driving pressure ratio reduce the leakage
mass flow, while the pressure changes themselves are driven by the casing shear
forces in the passage (Coull and Atkins [45]).
In general, the flow characteristics at the tip when rotation is present are similar to
those for the case without rotation (Xiao et al. [225]), examples being the shapes of
the pressure distributions (Morphis and Bindon [143]). However, there are various
differences in leakage flow behavior and in secondary flow structure.
The “scraping”-effect of the blade along the casing is recognized to be one of the
main effects in this context (Coull and Atkins [45]). The shear layer of the moving
casing obstructs leakage, especially in first half of the tip, so that most leakage
exits the gap towards the back half (Tallman and Lakshminarayana [202]). The PS
separation bubble is reduced in height as a result of rotation, and higher velocities
can be found in the tip gap (Palafox et al. [156]). An additional scraping vortex
appears where the passage boundary layer separates from the casing (Xiao et al.
[225], Palafox et al. [155], Kegalj [100]) (figure 2.4b). The buffer zone that is found
in this region for cascade experiments (Lee and Kim [120], figure 2.4a) narrows
into a separation line (Yamamoto and Outa [227]).
The increase in inlet vorticity with added rotation significantly affects the secondary
flows (Walsh and Gregory-Smith [207]), especially towards the LE (Tallman and
Lakshminarayana [202]). The passage vortex, which due to the scraping is fed
by more leakage flow, shifts towards the SS, is increased in size, and so is the
associated loss region (Walsh and Gregory-Smith [207], Yaras et al. [229], Palafox
et al. [155], Coull and Atkins [45]). This influences the tip leakage vortex, which
becomes smaller and is only about one third of the size of the non-rotating case
(Morphis and Bindon [143], Yaras et al. [229], Tallman and Lakshminarayana
[202]). Furthermore, the tip leakage vortex is displaced by the passage vortex, shifts
(circumferentially) towards the SS and (radially) away from the casing (Xiao et al.
[225]), blocks the leakage flow, and reduces the driving gap pressure difference and
gap velocity (Yaras et al. [229], Tallman and Lakshminarayana [201], O’Dowd et al.
[151]). As a result, the length of the separation bubble on the SS blade surface, just
radially inward from the tip, increases (Palafox et al. [155]).
Local peak loss coefficients are highest in the tip leakage vortex region, even though
the passage vortex loss region is bigger (Xiao et al. [225]). The overall amount of loss
caused by the tip leakage vortex and other secondary flows are of similar magnitude
(Tallman and Lakshminarayana [202]). In terms of performance, rotation causes an
overall efficiency increase of about 0.2 % (Coull and Atkins [45]).
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An important aspect in the scope of the present study is the sensitivity of the tip
flow towards changing rotor inlet conditions. Research by Coull and Atkins [45]
shows that for cases without rotation the flow in the tip gap is fairly robust towards
a change in inlet conditions. With rotation present, the tip gap flow becomes more
sensitive. For their most realistic inlet conditions, some fluid from the SS even starts
entering the tip gap.
Rotation increases the heat flux on the tip by around 15-20 % (Coull and Atkins
[45]). The local heat-transfer distribution changes and especially towards the LE
a reduction of heat transfer occurs (Rhee and Cho [173], Zhang and He [233]).
Overall, a reduction of heat transfer can be linked to the lower leakage, but it has to
be kept in mind that this trend only holds true for pressure driven, subsonic tip gap
flow (Zhang and He [233]).

2.3.6 Transonic Conditions
As Zhang et al. [235] state for their investigations at a flat tip, “at engine-scale conditions, the majority of the tip flow (apart from the leading-edge region) experiences a
transonic flow with peak Mach numbers of 1.8”. While at the LE region the leakage
flow remains subsonic, the high pressure ratio and streamline curvature when the
flow enters the tip gap along the PS cause the flow to become supersonic towards
the rear; added rotation reduces the extent of this supersonic flow regime (Coull
and Atkins [45]). It is only in recent years, using advanced experimental facilities
and numerical methods, that the significant differences in loss mechanisms and tip
heat transfer between low speed and transonic cases have been fully recognized
(Zhang et al. [236]).
Wheeler et al. [217] were the first to visualize and explain the different flow
structure at a flat tip for transonic conditions (figure 2.10a). They found that the
typical PS separation bubble is still present for high-speed investigations, however
its role is now that of a converging-diverging nozzle (de Laval nozzle): the vena
contracta forms a throat where the flow reaches M a = 1. The following increase in
cross sectional area due to the reattachment causes the supersonic flow to accelerate
further, aiding the reattachment process. In contrast to the low-speed case, where
reattachment is driven by turbulent diffusion (Coull and Atkins [45]), this results in
a much shorter separation bubble. Along the curved separation bubble, an oblique
shock wave forms that reflects on casing and tip, interacts with the boundary layer,
and is terminated by a normal shock at the tip gap exit.
As Zhang and He [233] note, the tip becomes locally choked (even before the passage
becomes choked) in the mid and aft region, while the LE regions stays subsonic.
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Figure 2.10: Effects of transonic conditions at a flat tip on velocity distribution, heat flux,
and tip gap flow structure

In the choked regions, the conventional, pressure driven leakage flow mechanism
explained earlier is no longer valid: Now, only the PS flow properties determine the
leakage, not the pressure difference between PS and SS, thus decoupling leakage
from blade loading. To exploit the limit on leakage mass flow posed thereby, Zhang
and He [233] investigated innovative highly loaded tip designs with low leakage.
To quantify the effects on heat transfer in comparison to low speed investigations,
Wheeler et al. [217] scaled their original transonic blade to low speed conditions
matching the chord-to-gap ratio, the blade loading, the Reynolds number, and the
trailing-edge thickness-to-chord ratio. They showed that the resulting relative Mach
number distribution along the tip surface can be well matched (figure 2.10b, left)
using their approach. However, the heat flux for the high speed blade was 60%
lower than for the low speed blade and significant local differences were found,
especially towards the TE where the flow was originally supersonic (figure 2.10b,
right). The main reason for this is a lower heat transfer coefficient which results
from a reduction in turbulent mixing and a shorter separation bubble length - both
of which are consequences of the additional supersonic acceleration across the
separation bubble explained above.
For squealer tips, Li et al. [124] show that the transonic effects are less severe than
for the flat tips discussed above. Since the squealer reduces the velocity of the over
tip leakage, the supersonic region is much smaller and only extends along the rear
part of the SS squealer rim and towards the TE (figure 2.11a), whereas the PS rim
remains largely subsonic. The aforementioned choking effect is also found in their
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study for the reference case of a flat tip (figure 2.11b, top). In contrast, for the
squealer, choking only occurs at the SS rim towards the rear, where it has much less
impact on the behavior of the tip gap flow (figure 2.11b, bottom).

(a) Mach number along the surface for a
flat tip and squealer

(b) Mach number across the tip towards
the trailing edge

Figure 2.11: Comparison between flat tip and squealer for transonic conditions (adapted
from Li et al. [124])

Unfortunately, the comparability of flow features and heat transfer characteristics
between transonic and subsonic squealer tips is not discussed by Li et al. [124]
in this context. However, it seems likely that the flow features will be similar, as
long as the PS rim remains un-choked and therefore the conventional wisdom of
pressure-driven tip leakage flow applies. Only towards the rear, where the gap
becomes choked, the tip leakage and thus heat transfer will probably be reduced due
to the mechanisms derived by Wheeler et al. [217], hence care has to be taken when
transferring results obtained in the present study in this region onto real engine
hardware.

2.3.7 Turbulence
The level of free stream turbulence (Turbulence intensity, Tu) impacts the boundary
layer throughout the turbine: higher turbulence levels result in an increase in
boundary layer thickness δ and a decrease in boundary layer shape factor H12 ,
meaning the boundary layer becomes more bulgy and tends towards the turbulent
regime (Matsunuma [132]). This affects both aerodynamics and heat transfer at
the rotor.
For higher Tu, the inertia of the near wall fluid in the boundary layer is increased,
so that the inlet boundary does not roll up as much, the transition from laminar
2.3 Impacts on Blade Tip Aerothermal Behavior
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to turbulent occurs earlier (Matsunuma [132]), and the fluid is less susceptible to
the cross-passage pressure gradient. This weakens the passage vortex, changes the
balance between passage vortex and tip leakage vortex, and reduces their interaction
(Matsunuma [132]). In turn, the tip leakage vortex moves further into the mid
passage (Zhang et al. [236]), which increases the SS blade surface affected by the
tip leakage (Kwon and Lee [113]).
Due to the weaker passage vortex, the flow is turned more by the airfoil, given a small
increase in turbulence ( Tu = 0.5 % . . . 1.3 %), while the transition characteristics
and thus the turning remain similar when Tu is increased further (Matsunuma
[132]). While the profile and secondary loss rise with turbulence - especially in the
tip leakage vortex area - the tip clearance loss itself remains unaffected (Matsunuma
[132]). This can be explained by the high baseline turbulence in the tip gap caused
by local flow disturbances, which are largely independent from the free stream
turbulence level.
In low-speed investigations, heat transfer is generally increased and more uniform
with increasing turbulence. Naturally turbulent regions, like the SS leakage region,
seem to be less affected by a change in inlet turbulence (Kwon and Lee [113]). In
their investigations at a flat tip, Bunker et al. [32] found that “an increase in the
approach freestream turbulence intensity level from 5 to 9 percent raises the overall
tip heat transfer by about 10 percent more so in the aft portion of the tip (∼20
percent) and less in the forward areas (∼0 percent).” This is supported by findings
from Azad et al. [11], who found that a higher inlet turbulence especially increases
heat transfer along the leakage flow path.
The general trends for squealer tips are similar: As Azad et al. [12] state, “an
increase in the inlet turbulence intensity level from 6.1 percent to 9.7 percent
slightly increases the heat transfer coefficient along the pressure side rim and the
trailing edge region”.
In contrast to the low speed-trends, Zhang et al. [236] found that for their transonic
case tip heat transfer is not sensitive to a change in inlet turbulence. This has to
do with the turbulence-destruction effect explained earlier: Due to the supersonic
acceleration on the tip caused by the separation bubble along the PS edge, which
acts as a converging-diverging nozzle, the flow is accelerated. As a result, turbulence
is reduced inside the tip gap, so that an increase in free stream turbulence remains
unnoticed by the tip surface.

38

2 State of the Art

2.3.8 Hot-Streaks and Swirl
At the combustor exit, pronounced hot-streaks are present that are linked to the
distinct positions of the burners and flames. It has been recognized for a long time,
that the resulting inflow temperature gradients to the high pressure turbine do not
alter the streamline pattern in the stationary turbine vanes, as long as the inflow
total pressure is not affected (Munk and Prim [145]). For the rotor on the other
hand, these inflow temperature gradients cause additional secondary flows, since
the resulting density gradients alter the velocity triangles in the rotor relative frame
(Hawthorne [80], Lakshminarayana [114]). In addition, the difference in inlet flow
angles leads to a segregation of hot and cold gases, with hotter gases preferentially
migrating to the PS and colder gases to the SS (Kerrebrock and Mikolajczak [102],
see also illustration by Schneider [185]). These two mechanisms enhance each
other, increasing rotor blade temperatures on the PS while decreasing temperatures
on the SS (Butler et al. [34]).
For modern lean-burn combustors, hot-streaks appear in conjunction with a high
residual swirl at the combustor outlet. While there have been several studies
focusing on the effect of swirl on the stator, only little can be found on the influence
of swirl on the rotor. Some light has been shed on this by Qureshi et al. [168], who
investigated the impact of lean-burn representative swirl without hot-streaks on the
heat transfer and aerodynamics at a transonic turbine. For their case of positive
swirl (figure 2.12a, top), they found that swirl changes the rotor relative incidence
angle, causing a positive incidence at the rotor tip by up to 4 ◦ , thus increasing the
tip loading.
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The effect of lean-burn representative inlet swirl on incidence at the rotor is not
straightforward however, as it depends on multiple factors:
• The stator’s ability to turn the flow despite the high incidence at the stator
leading edge
• The mass flow re-distribution towards the endwalls caused by the blockage
effect of the recirculation bubble in the combustor (see also figure 3.4)
• The increase of near-wall temperatures due to the radial flame staging and
lack of dilution air (see also figure 2.2)
For the case of negative swirl investigated in this study (figure 2.12a, bottom), the
stator leading edge is subject to a positive incidence near the casing. If under-turning
occurs in the stator, for example due boundary layer effects along the SS, a positive
incidence occurs at the rotor tip (figures 2.12b). On the other hand, if the turning in
the stator remains unchanged, but the axial velocity is increased due to an increase
in near-casing mass flow or an increase in temperature (decrease in density), a
negative incidence at the rotor tip is the result (figure 2.12c). In reality, it is likely
that these effects will occur in combination. Depending on which effect is prevalent,
the net incidence may either be positive of negative.
In terms of heat transfer, an increase by 20 % was found by Qureshi et al. [168]
near the rotor casing, with only little influence of the swirl-to-vane clocking position,
which they explained by the dominance of the unsteady flow-blade interaction in
the tip region. Along the blade SS, an increase in Nusselt number N u by 7 %. . . 13 %
was found, which corresponded to the higher turbulence intensity. On the PS, the
magnitude of the increase in N u varied depending on the span position, ranging
from +8 % (at 10 % span) to +40 % (at 90 % span). They argued that in addition
to the increase in turbulence, swirl altered the secondary flows which resulted in an
increase in leakage and greater streamline divergence, affecting specifically the tip
region and explaining the high local heat transfer. All in all, they note that changes
in whirl angle and heat transfer at the rotor are less significant than for the stator.
For the sake of simplification, it would be beneficial if the effects of swirl and hotstreaks could merely be superimposed. Unfortunately, a study by Khanal et al. [103]
revealed that such a superposition does not necessarily yield satisfactory results. In
their case, the superposition approach (figure 2.13a, IV) predicted a cooler rotor tip
than for the directly simulated, combined inlet conditions. Their study also showed
that the rotor blade pressure distribution and heat transfer are more affected by the
swirl direction (positive, negative), but not so much by the swirl-to-vane clocking
position. It should be noted that Khanal et al. [103] only included results for the
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case of positive swirl, which might not be representative of the conditions for the
present work (negative swirl).
(I) positive swirl only

(II) hot-streak only

heat flux

HTC

Taw

uniform inflow

(III) positive swirl
+ hot-streak

(IV) superposition:
positive swirl
+ hot-streak

heat flux

(a) Combined effect of swirl
+ hot-streak vs. superposition (SWL) (adapted from
Khanal et al. [103])

uniform inflow
+ hot-streak

negative swirl
+ hot-streak

(b) Effect of adding hot-streak, and swirl + hot-streak
(SWL, CL) (adapted from Rahim and He [169])

Figure 2.13: Effect of altered inlet conditions (uniform, hot-streak, swirl, hot-streak + swirl)
on rotor blade thermal load

The impacts of combined negative swirl and hot-streak are addressed by Rahim and
He [169]. Their setup included stator vanes with a compound lean LE geometry
(curved towards the pressure side) similar to the geometry of the present study (as
shown in figure 2.12a). To their baseline of uniform inflow, they subsequently added
hot-streaks, and then hot-streaks in combination with swirl. They found that the
heat flux and heat transfer coefficient (HTC) on the rotor tip, while quantitatively
changing, remained qualitatively similar (figure 2.13b), indicating that the driving
flow phenomena remain comparable.
When considering stage loss (Beard et al. [19]), swirl mainly affects the stator, while
in the rotor hot-streaks determine the loss. Only recently, Schneider [185] could
show that stage efficiency is determined by the hot-streak radial position, since it
substantially affects the radial distribution of the rotor incidence, loading, and loss.
For example, a hot-streak moving towards the casing increases the blade loading at
the tip, with pressure variations being found primarily at the front part of the SS
(Khanal et al. [103], Schneider [185]). Schneider [185] could show that the local
entropy behind the rotor is correlated to the radial hot spot position, but not to the
overall rotor entropy loss, since the loss is overshadowed by the power increase due
to the increase in loading.
2.3 Impacts on Blade Tip Aerothermal Behavior

41

2.3.9 Implications for the present Study
• Interdependence of Parameters: Common knowledge has been derived from
cascade investigations and can now be put to the test at a more realistic
setting. With realism comes complexity: Since several impact factors appear in
combination in the present study, the attribution of an observation to a specific
physical cause is not straightforward.
• Impact Factors: The main factors impacting the tip aerodynamics (apart from
the tip geometry) are boundary layer thickness, tip clearance, incidence,
turbulence level, and rotation. These are expected to alter the secondary flows,
tip loading, tip leakage, separation phenomena, loss, and efficiency.
• Thermal Considerations: There is a clear connection between tip aerodynamics
and the thermal load at the tip. Even though the latter is not investigated in
the present study, it is possible to predict relative thermal trends by analyzing
the tip flow.
• Comparability between Low- and High-Speed Investigations: As long as the tip
gap is not choked, aerodynamics and heat transfer are comparable. Squealer
tips with their low over-tip velocities only tend to choke towards the rear, so
that attention has to be paid when drawing conclusions for this particular
area.
• Comparability to Investigations with Hot-Streaks: Swirl-only and hot-streakonly investigations can generally not be linearly superimposed. However,
for the investigated case with negative swirl, there is some evidence that
the qualitative heat transfer (and thus flow) characteristics at the tip remain
comparable.
• Scientific Relevance: Recent numerical studies that deal with the impact of
swirl and hot-streaks mainly focus on rotor tip heat transfer. The present study
aims at clarifying the impact of highly turbulent, swirling inflow on the rotor
tip aerodynamics and cooling.
• Technical Relevance: The rotor tip is an area of high aerodynamic complexity,
but also of high importance in terms of efficiency and performance. Understanding the tip aerodynamics is the basis for robust mechanical, thermal, and
aerodynamic design. The present study provides data to asses the impact of
lean-burn combustion on over tip leakage, loss, and machine performance.
Furthermore, it provides a basis to validate numerical predictions, which then
can provide further insights into areas where the present study is limited
(transonic conditions, hot-streaks, further parameter variations).
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2.4 Turbine Film Cooling
Typical aero engine turbine inlet temperatures exceed 1800 K (Rolls-Royce
Trent 900), which is well above the melting point of the turbine materials, commonly
nickel-based alloys 9 . Film Cooling is one of several techniques10 to reduce the
metal temperature and prevent the components from taking thermal damage11 ,
with the main damage mechanism at the blade tip being hot corrosion. As a rule
of thumb, a temperature decrease of 25 K by improved cooling performance can
increase component life by a factor of two (Bogard and Thole [26]). Film cooling air
is ejected from holes or slots on the surface (figure 2.14a) and acts as a protective
layer between the hot gas and the turbine surfaces. The coolant is supplied inside
the blade via different compartments, which themselves are fed through the base
of the blade (figure 2.14b). As coolant, compressor air is taken at a temperature
of about 1000 K (before combustion), this also ensures that the coolant pressure
(ca. 3800 kPa) is always above the turbine mainstream pressure (ca. 3600 kPa)
(Rolls-Royce [175], p. 138).

uncooled
Tg

Tw
cooled
Tg
Tf
Tw
Tc

(a) Blade external cooling (b) Blade internal cooling (c) Driving temperatures for
(Exhibit at the GLR, own
(adapted from Han [74])
uncooled and cooled
photograph)
walls
Figure 2.14: Film cooling application in gas turbines
9
10

11

For example, the melting range of Alloy 718 (“Inconel”), which is commonly used for gas turbine
parts, is at 1594 - 1666 K (NeoNickel [147]).
Film cooling is an external cooling technique. Other techniques include internal cooling (figure 2.14b) such as convective cooling and impingement cooling (often supported by geometrical
features, e.g. pins or ribs), combinations of internal and external cooling such as effusion cooling
(e.g. perforated plates in the combustor liner), as well as passive techniques such as thermal
barrier coatings (TBCs).
Temperature-related failure modes for turbine blades include high temperature oxidation, sulphidation, or in combination called hot corrosion, as well as hot gas erosion (Meher-Homji and
Gabriles [138]).
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2.4.1 Thermal Effect of Film Cooling
Bogard and Thole [26] explain that introducing coolant decreases the near-surface
fluid temperature, thus reducing the heat transfer driving temperature. As they point
out, even though heat is transferred via conduction from air to metal, commonly a
convective heat transfer coefficient (HTC) h is used. As such, the heat flux q00 can be
expressed in terms of the temperature difference between an appropriately selected
reference temperature Tr e f 12 and the wall temperature Tw (equation 2.7).

q00 = h Tr e f − Tw



(2.7)

For a non-film-cooled surface (heat flux q000 ), the reference temperature can be the
main stream (gas) temperature Tg 13 (equation 2.8 and figure 2.14c, top), whereas
for a film cooled surface (heat flux q00f ), the coolant film temperature T f is used
(equation 2.9 and figure 2.14c, bottom) (Han and Rallabandi [75]).

q000 = h0 Tg − Tw



q00f = h f T f − Tw



(2.8)
(2.9)

Both temperatures Tg and T f , and with them the heat transfer, vary spatially (and
often with time), and the temperature T f will increase further downstream of the
coolant injection, while the coolant is diluted through turbulent interaction with the
main stream (Han and Rallabandi [75]). The non-dimensional expression of the
film temperature is known as the film cooling effectiveness14 (equation 2.10).

η=
12

13

14
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Tg − T f
Tg − Tc

(2.10)

It is very common to chose the adiabatic wall temperature Taw as the reference temperature,
which is the fluid temperature just above the surface, assuming no heat is lost across the wall,
which is a good assumption for low conductivity blade materials (Han and Rallabandi [75]).
This choice is especially useful for real engine hardware with internal cooling channels, where
the driving temperature would otherwise be a function of both the main stream temperature Tg
and the coolant temperature Tc (Bogard and Thole [26]).
The main stream gas temperature Tg is commonly used if the flow is assumed to be incompressible, as is the case in the present low-speed study. For compressible cases, the recovery
temperature should be used instead, taking into account additional heat generated by conversion
of kinetic energy when the flow is decelerated by the wall.
This is identical to the adiabatic effectiveness if Taw is used.
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Using these definitions, the change in heat flux by adding cooling can be expressed
by the ratio q00f /q000 , with values below unity indicating a beneficial reduction in heat
transfer (equation 2.11)(Han and Rallabandi [75]).


q00f
hf
Tg − Tc
=
1−η
(2.11)
q000
h0
Tg − Tw
It should be pointed out that film cooling is not in all cases beneficial in terms
of heat transfer reduction. Coolant injection introduces shear between coolant
and mainstream as well as wakes around the cooling jet (See section 2.4.2), both
of which increase the turbulence in the boundary layer (Bogard and Thole [26],
originally from Pietrzyk et al. [160]). This generally leads to an increase in heat
transfer coefficient (h f > h0 ) and may counteract the benefits of the decrease in
driving temperature by the coolant film (Kim and Metzger [104])(equation 2.11).
In other words, the film cooling effectiveness η is a description of the thermal
effect of film cooling only, while the heat transfer coefficient h f is a measure of the
aerodynamic effect of the flow with cooling (Dückershoff [52]).

2.4.2 Coolant Jet Flow Structure
The flow structures developing around a single turbulent cooling jet injected into a
main stream (jet in crossflow) have been visualized by Fric and Roshko [59]. They
found four coherent structures15 that develop as a result of the vorticity of the wall
boundary layer through which the jet is injected (figure 2.15a):
I. Jet Shear Layer Vortices: The jet shear layer vortices dominate the initial portion
of the jet and result from instabilities of the annular shear layer that separates
from the edge of the jet orifice.
II. Horseshoe Vortices: The wall boundary layer faces an adverse pressure gradient
when approaching the jet, separates from the wall, and rolls up into horseshoe
vortices.
III. Counter-Rotating Vortex Pair: Due to the impulse of the crossflow on the jet,
the jet trajectory becomes curved. According to Dückershoff [52] (originally
from Vogel [206]), the jet develops a pressure side (top) and a suction side
(bottom). The pressure difference causes fluid to move downward on the
outside of the jet and upward on its inside, leading to the formation of two
counter-rotating vortices (kidney vortex).
IV. Wake Vortices: The wake vortices develop just downstream of the jet, almost
periodically, to either side. Their origins lie in the vorticity of the wall boundary
15

A more detailed description of the underlying physical mechanisms is given by Dückershoff [52].
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layer, which separates downstream of the jet due to an adverse pressure
gradient imposed by the main flow closing in around the jet.
(I)
jet shear-layer
vortices
main

(III)
counter-rotating
vortex pair

flow

(II)
horseshoe
vortices

wall

(IV)
wake
vortices

(a) Flow structure around
jet in crossflow (based
on Fric and Roshko
[59])

(b) Attached coolant jet
(BR = 0.5, M R = 0.25)
(adapted from Wright
et al. [224])

(c) Detached coolant jet
(BR = 1.5, M R = 2.25)
(adapted from Wright
et al. [224])

Figure 2.15: Film coolant jet flow structure and behavior

2.4.3 Film Cooling Scaling
The behavior of the coolant jet in relation to the mainstream depends on the ratios
of coolant-to-mainstream gas properties, both static as well as dynamic. If the film
coolant physics are to be comparable, these ratios have to be matched between
experiment, numerical prediction, and real engine. The coolant mass flow injected
at a certain location is related to the main stream mass flow16 via the injection
ratio IR (equation 2.12). The difference in temperatures and pressures between
the coolant and the main stream result in different densities, with typical density
ratios in the range of DR = 1.5 . . . 2 (equation 2.13). These can be hard to match in
experiments 17 due to the high temperatures in real engines.

IR =
16

17
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ṁc
ṁ g

(2.12)

DR =

ρc
ρg

(2.13)

As “the main stream mass flow”, different mass flows can be defined. Commonly, this is either
the mass flow at the turbine inlet (where turbine coolant flows are not yet included), vane exit
(which is often the first component to choke, thus a limiting factor for capacity), or at the rotor
inlet (which is the mass flow relevant for the turbine work output). Further details can be found
in section 3.3.
As done in this study, this can be partly overcome by using a non-reacting foreign gas as a coolant
with a density higher than air.
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The coolant flow physics are very much dependent on the velocity ratio V R (equation 2.14), blowing ratio BR (equation 2.15), and momentum flux ratio M R 18
(equation 2.16).

VR =

uc
ug

(2.14)

BR =

ρc uc
ρg ug

(2.15)

MR =

ρc u2c
ρ g u2g

(2.16)

These scaling factors have different physical implications for the coolant jet (Bogard
and Thole [26]):
• Velocity Ratio: The shear layer between the coolant jet and mainstream, and
therefore the turbulent production, scales with V R.
• Blowing Ratio: The convective transport, and thus the thermal transport
capacity of the coolant, scales with BR.
• Momentum Flux Ratio: The dynamics of the interaction between coolant and
mainstream scale with M R, such as jet penetration depth and jet separation
from the surface.
For flat plates, the jet cooling performance can be (approximately) categorized
depending on M R (Bogard and Thole [26]):
• MR < 0.4 : The jet is fully attached (figure 2.15b), the (laterally averaged)
film cooling effectiveness η̄ peaks just downstream of the cooling hole, and
then decays gradually with increasing distance.
• 0.4 < MR < 0.8 : The jet detaches just after the cooling hole, but reattaches
again further downstream. The reduction in η̄ by jet separation is offset by
the higher coolant mass flow, which increases η̄, leading to the best overall
cooling performance.
• MR > 0.8 : The jet is fully detached (figure 2.15c) and the peak in η̄ is shifted
downstream. The cooling performance deteriorates and supplying an ever
higher coolant mass flow does not counteract the separation effect anymore.

18

When scaling from hot to cold conditions, it should be noted that to achieve a certain M R, a
certain pressure ratio Π = pc /p g is set, which also depends on the magnitude of the “hot” velocity.
In order to reach the same M R, Π needs to be higher for the “cold” case.
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2.5 Impacts on Blade Tip Film Cooling
Similar to the approach described in section 2.3 concerning impacts on the blade tip
aerothermal behavior, researchers have aimed at identifying the individual effects of
all variables that impact film cooling performance. Traditionally, investigations have
been conducted in rectangular wind tunnels including a flat plate with a row of
cooling holes. Thorough reviews on the matter have been provided by Dückershoff
[52], Bogard and Thole [26], Han and Rallabandi [75], and Ekkad and Han [54].
In addition to the aforementioned scaling parameters (equations 2.12 to 2.16), they
identified the following impacts:
• Main Stream Conditions: Main stream turbulence intensity and length scale,
boundary layer state and thickness, Mach number, incidence, pressure gradients, secondary flows
• Hole and Airfoil Geometry: Hole shape, hole angle, hole spacing, hole diameter
and length, number of hole rows, spacing between rows, surface roughness,
surface curvature
• Machine Conditions: rotation, unsteady stator-rotor interaction
However, the transferability of the effects to the blade tip cooling is limited. Referring to these simplified studies, Bogard and Thole [26] state: “Although this is
appropriate to obtain an understanding of the basic physics of the effects of different
variables, one should not lose sight of the complicated nature of the actual operating
environment for the turbine airfoils”. In particular at the blade tip, some additional
challenges exist:
• Geometry and Secondary Flow Structure: The tip area is a complex threedimensional object, especially when a squealer cavity is included, and the
resulting flow structures interact with the coolant jets.
• Presence of the Casing Wall: The coolant jets are subject to a sharp turn between
the PS edge and the tip surface and interact with the casing wall.
• Realistic Boundary Conditions: The coolant-mainstream interaction is influenced by the boundary conditions, such as incidence and high turbulence.
This is taken into account by more complex studies, most of which were conducted
in linear cascades, but also rotating rigs, and included a cooled turbine blade tip.
Against this background, in the following sections, effects are discussed that have
both a severe impact on blade tip film cooling (see Bogard and Thole [26], table 1)
and are in principle transferable to the setup of the present study.
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2.5.1 Coolant Injection
Varying the amount of injected coolant is the most straightforward possibility to
alter the local film cooling coverage. It has been found that an increase in coolant
injection (e.g. higher BR) from cooling holes on the near-tip PS and from dust
holes along the tip surface leads to an increase in η on the tip surface (Ahn et al.
[4], Mhetras et al. [140], Gao et al. [62]), but also higher HTC (Kim and Metzger
[104]). By injecting coolant from PS holes, the heat load is reduced overall due
to increase in η, even though h f is increased (q00f /q000 < 1) (Christophel et al. [43])
(see section 2.4.1.
The best coolant coverage occurs from midchord to the TE. This is due to the
compound angle of the holes (Ahn et al. [4], Gao et al. [62]), but also due to
increase in mainstream velocity along the PS, which diverts coolant towards the TE
(Ahn et al. [4], Christophel et al. [42]). For higher BR, even more coolant is swept
towards the TE (Christophel et al. [42]).
At the LE, higher static pressures are found near the stagnation point, therefore
less coolant is injected, leading to low values in η (Gao et al. [62]). Only when
coolant injection is increased (BR ≥ 2), better coolant coverage is observed also at
the LE (Ahn et al. [4]). Locally, a streaky coolant pattern is found on the tip surface,
indicating only little spreading of the jets (Christophel et al. [42]). For high BR ≥ 3,
jets lift off, hit the casing, and are deflected back towards the tip surface (Nasir et al.
[146]).
For real turbine blades, the internal coolant supply compartments may have different
pressure levels, which can lead to large variations in local BR (Mhetras et al. [140])
(see also coolant compartments in figure 2.14b).

2.5.2 Squealer Cavity
The presence of a squealer cavity not only changes the tip gap aerodynamics, but
also the associated coolant coverage. Leakage flow carries the coolant from the
PS to the tip region (Gao et al. [62]), where it enters into the squealer cavity. The
coolant jets follow the leakage towards the SS and reattach on the squealer cavity,
leaving uncooled areas where the flow is not attached (Gao et al. [62]). Inside
the cavity, the coolant gets trapped and is circulated, starting at midchord towards
the TE (Ahn et al. [4], Mhetras et al. [140], Gao et al. [62]), which increases η
towards TE (Mhetras et al. [141]). For higher BR, the PS and SS rim are also cooled
(Mhetras et al. [140], Gao et al. [62]).
2.5 Impacts on Blade Tip Film Cooling
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Although larger tip clearances usually result in lower η, since the higher leakage
flow may dilute the coolant (Ahn et al. [4]), the opposite trend occurs for squealer
cavities: larger gaps increase η in the cavity, since the circulation is increased and
pushes coolant towards the tip surface (Ahn et al. [4]) as well as towards the inner
walls of the squealer cavity (Mhetras et al. [140]).
Most studies have found that PS coolant holes have a rather small cooling effect
on the squealer cavity and inner walls (η < 0.2) (Ahn et al. [4], Mhetras et al.
[140, 141]), some even have found no effect on the squealer for BR ≤ 2 (Nasir et al.
[146]). However, there is a dependency on BR, with coolant coverage in the cavity
increasing for BR > 1.5 (Gao et al. [62]). This is probably caused by the deflection
of coolant jets on the casing wall back onto the tip surface for high BR (Nasir et al.
[146]).

2.5.3 Turbulence
Main stream turbulence intensity is an important impact factor on the coolant
coverage, as higher Tu generally enhances coolant-mainstream mixing (Ames [8],
Bons et al. [27], Burd et al. [33]), disperses coolant jets (Burd et al. [33], Kohli and
Bogard [107]), and attenuates vortex and wake formation around them (Kadotani
and Goldstein [95], Young et al. [231]). The coolant film is more uniform with
an increase in lateral spread (Bons et al. [27], Gogineni et al. [67], Mayhew et al.
[133], Wright et al. [224], Schroeder and Thole [188]), it decays more rapidly
downstream of the coolant holes (Jumper et al. [94]), and it exerts less blockage on
the main flow (Burd et al. [33]).
Whereas for low Tu, mixing and dispersion of coolant jets is dominated by the
large-scale turbulent structures in the shear layer between the jets and the main
flow, for high Tu, the large-scale structures in the main stream (larger turbulent
length scales) cause free stream fluid to move through the coolant jet core towards
the wall (Kohli and Bogard [107]).
For small BR, higher Tu decreases η, since the near-surface coolant is easily transported away and replaced by (hot) mainstream fluid, especially in the near hole
region. For high BR, the increased mixing leads to a transport of coolant back to
the surface even if the jet is detached, which especially increases η further downstream from the hole (Kadotani and Goldstein [96], Ou et al. [154], Ou and Han
[153], Mehendale and Han [136], Bons et al. [27], Gogineni et al. [67], Schmidt
and Bogard [182], Mayhew et al. [133], Wright et al. [224]). As a result, some
researchers have found optimum BR to be higher for larger Tu (Jumper et al.
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[94], Schmidt and Bogard [182]), however others found that the η is still highest
at intermediate BR (Ou and Han [152]).
Lastly, heat transfer commonly increases with Tu (Ou and Han [152], Ames [8],
Mehendale et al. [137], Azad et al. [12], Young et al. [231], Zhang and Han [232]).

2.5.4 Incidence
The effect of an incidence variation19 on tip film cooling was studied systematically
by Gao et al. [62], including a PS row of cooling holes and dust holes at the tip
surface. In accordance with section 2.3.4, the pressure distribution on the tip is
influenced by the mainstream flow. Due to higher local velocities on the the PS for
positive incidence (+5 ◦ ), local BR were found to be lower. For negative incidence
(-5 ◦ ), the PS jets were deflected towards the TE, and the jets near the LE lifted
off, since local BR increased with decreasing main stream velocity. Whether the
jets lifted off or stayed attached had a visible effect on the coolant coverage on the
tip surface itself. When incidence was varied, Gao et al. [62] found that the jets
followed the leakage flow towards the SS. Near the LE, changes are more imminent,
since a shift in the stagnation line causes a shift in the direction of the main stream
flow and thus the direction of the coolant jets (Ahn et al. [5]).

2.5.5 Implications for the present Study
• Impact Factors: Besides the amount of injected coolant, the most important
factors influencing the coolant behavior are the main stream turbulence and
the incidence at the tip. Both are simultaneously varied in the present study
by applying inlet swirl. The squealer influences the over tip leakage flow
and coolant jets, so that their behavior is distinctively different from flat tip
investigations.
• Comparability to Engine Conditions: The present study is conducted at a “cold”
rig, thus no engine realistic temperature differences are simulated. It is still
possible to meet all film cooling scaling requirements by injecting a foreign
gas to simulate realistic density ratios, so that the results obtained for the film
cooling effectiveness are engine representative.
• Thermal Considerations: Film cooling effectiveness is a measure of the thermal
effects of film cooling. The heat transfer coefficient, as a measure of the
aerodynamic effect of the flow with cooling, is beyond the scope of this study.
19

The effect of main stream incidence onto the rotor blade is to some degree equivalent to the
effect of rotation, since the rotor relative whirl angle changes when the circumferential speed is
changed (Ahn et al. [5]).
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• Scientific Relevance: A large number for flat-plate film cooling investigations
have been conducted in past decades and have given valuable insights into
film cooling physics. Studies in cascades and rotating facilities do include
realistic tip geometries and cooling configurations, however no studies with
realistic turbine inlet conditions have been conducted and their effect on tip
film cooling needs further investigation.
• Technical Relevance: Due to the swirling inflow to the turbine caused by leanburn combustion, the aerodynamic conditions at the rotor tip are altered
and coolant coverage is in question. The present study will investigate the
consequences for the blade tip coolant-wise, so these can be accounted for
during cooling design.
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2.6 Cooling-Aerothermal Interaction
Not only does the main flow impact the tip aerodynamics and film cooling jets, but
the opposite is true as well: tip cooling injection can impact leakage and secondary
flows, thus affecting the heat transfer (beyond the primary objective of reducing
the driving temperature), loss, and performance. Even though this interaction of
coolant and aerodynamics has been recognized for a long time, only in recent years,
with ever more powerful numerical design tools, has it become practical to strive
for a fully combined aero-thermal blade tip design process. An example has been
given by Andreoli et al. [9], who performed an optimization that benefited from
the synergy of over-tip coolant flows and over-tip flow field to improve both the
aerodynamic and thermal performance of the tip. In the following sections, the
different impacts of tip coolant injection on the blade tip aerodynamics are detailed.

2.6.1 Leakage Flow
As discussed earlier, leakage flow is a major source of loss. Coolant injection at the
blade tip has potential to block leakage through the gap (by additional momentum
exchange and mixing between coolant and leakage) and thus to reduce leakage
loss (Pouagare et al. [163], Dey [50], Hohlfeld et al. [84], Rao [170], Curtis et al.
[46], Niu and Zang [150], Zhou and Hodson [238], Wheeler and Saleh [216], Gao
et al. [60]).
This has mainly been studied for coolant injected from dust holes on flat tips
(figure 2.16a, top), with greater effects for larger injection ratios (Dey [50], Hamik
and Willinger [72]), coolant holes angled against the gap flow (Hamik and Willinger
[72]), injection position closer to the PS (Nasir et al. [146], Niu and Zang [150]),
and smaller gaps (Hohlfeld et al. [84], Hamik and Willinger [72, 73], Zhou and
Hodson [238]). The last point appears to be of primary importance, since for smaller
gaps, proportionally more blockage is provided by the coolant (Zhou and Hodson
[238], Gao et al. [60]).
The effectiveness of the coolant in blocking the leakage is also dependent on the
shape of the tip (Wheeler and Saleh [216]). For squealer cavities (figure 2.16a,
bottom), blockage by coolant injection from dust holes is not as large as for flat tips,
since the coolant mixes with the cavity fluid (Zhou and Hodson [238]). For large
clearances, the cavity geometry sealing effect dominates over the coolant blockage
effect (Zhou and Hodson [238], Gao et al. [60]). Only for higher coolant injection
( IR > 0.66%), blockage is more effective again, but in this case tip leakage loss
(also gap and mixing loss) increases as well (Zhou and Hodson [238]).
2.6 Cooling-Aerothermal Interaction
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(a) Coolant-aero interation at a flat tip and
a squealer tip (adapted from Wang
et al. [209])

(b) Effect of coolant injection on secondary
flows (adapted from Gao et al. [60])

Figure 2.16: Interaction between coolant and aerodynamics at the tip

Another factor is the location of the coolant injection. A study by Gao et al. [61]
reports that an increase of coolant injection near the LE, where the leakage flow is
more prone to incidence, can desensitize the tip (especially for positive incidence)
utilizing the blockage effect. Coolant injection close to the PS on the other hand
reduces the PS separation bubble (Rao [170]), thus being beneficial in terms of
flow control, loss reduction (Niu and Zang [150]), and heat transfer (Newton et al.
[149]).
Elevated heat transfer is found around the coolant holes, since the blockage effect
leads to an acceleration of the leakage flow in between the coolant jets (Newton
et al. [149], Niu and Zang [150]). Still, overall a net heat flux reduction was found,
with injection of the coolant into the PS separation bubble being especially effective
(Newton et al. [149]).

2.6.2 Secondary Flows
Tip coolant injection influences the secondary flows by partly blocking the leakage flow, so that the development of the tip leakage and passage vortex is affected20 (figure 2.16b).
Due to this “sealing” effect, coolant injection reduces the pressure defect caused by
the tip leakage vortex (Rao [170]). The tip leakage vortex moves closer towards
20
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The blade wake has been found to be unaffected by coolant injection (Hamik and Willinger
[73]).
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the SS and radially outward towards the casing21 , its area and peak magnitude
decrease, and so does its blockage of the passage flow (Rao [170], Hamik and
Willinger [73], Niu and Zang [150]). Furthermore, tip leakage improves the ability
of the tip to turn the flow, so that the velocity difference between the leakage and
main flow is reduced (Gao et al. [60]), which helps attenuating the tip leakage
vortex (Hamik and Willinger [73], Niu and Zang [150]).
On the other hand, in the presence of coolant injection, the passage vortex is more
clearly defined and stronger, closer to the casing, and further away from the SS,
so that its interaction with the tip leakage vortex is decreased (Rao [170], Niu
and Zang [150]). All in all, this leads to a reduction in loss, with an injection of
IR = 0.41% being the most effective in reducing leakage flow loss, but IR = 0.63%
being most effective in reducing loss globally (Rao [170]). A turbine efficiency
improvement by tip coolant injection is therefore possible (Hamik and Willinger
[72]).

2.6.3 Transonic Conditions
Transonic conditions significantly impact tip gap aerodynamics: If the rear part
of the tip gap is choked at engine conditions, the total mass flow rate at the gap
exit becomes fixed (Chen et al. [41]) (see section 2.3.6). A fixed tip gap mass flow
implies that if coolant is injected into the gap, the leakage mass flow coming from
the PS has to decrease (Chen et al. [41]).
Coolant injection has been found to influence the choking position, impinge on
the casing wall, and introduce a counter rotating vortex pair around coolant jets
(figure 2.16a, top) (Wang et al. [209], Ma et al. [131]). The influence of cooling
injection thereby is neither passive nor local (Zhang and He [234]), meaning that
the flow is altered both directly as well as across the whole of the tip surface by
coolant injection, even in parts where no coolant is present. This is manifested for
example by a heat flux reduction in areas apparently unreachable for the coolant
(Ma et al. [130]).
Interestingly, coolant injection may improve the performance of a flat tip in transonic
conditions (if the tip gap is choked), so it may outperform a squealer tip in terms
of over tip leakage (Wheeler and Saleh [216], Wang et al. [209]). For a flat tip for
example, it has been found that cooling can reduce the overall loss for IR = 1%.
While for higher IR, loss does increase, turning also increases, so that a higher
specific work can be achieved (Wheeler and Saleh [216]). On the other hand,
21

If the IR is high enough, even a movement of the tip leakage vortex to adjacent passages is
possible (Rao [170]).
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for a squealer tip, cooling reduces turning. Consequently, for IR > 2%, the flat
tip outperforms the squealer tip, both loss and turning wise (Wheeler and Saleh
[216]). This can be explained by the weaker blockage effect of the coolant for the
squealer case and the presence of the counter rotating vortices around the coolant
jets (figure 2.16a, bottom). As a result, the separation bubble in the choked region
on the SS may be removed, eliminating its blockage effect towards the leakage flow,
so that the overall leakage increases (Wang et al. [209]).

2.6.4 Implications for the present Study
• Impact Factors: Coolant injection can block over tip leakage, thus potentially
reduce loss and increase performance. Due to this blockage, the tip leakage
vortex and passage vortex are shifted and change their sizes. Furthermore, for
transonic cases, coolant injection can impact the choking position.
• Comparability to Engine Conditions: While the interaction between coolant
injection and tip leakage flow along the pressure side and inside the cavity
are expected to be similar to engine conditions, shifting of choking locations
on the suction side rim and towards the trailing edge are not captured in the
present study.
• Scientific Relevance: The impact of pressure side film cooling injection on tip
leakage flow is not well documented yet in terms of leakage and secondary
flows. It is of interest to investigate this impact also when swirl is present.
• Technical Relevance: Controlling leakage by cooling injection is a promising
concept to reduce leakage loss and increase performance. Also, it could
potentially desensitize the blade tip towards the altered inlet conditions posed
by swirling inflow.
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3 Experimental Setup
Experimental investigations were conducted at the Large Scale Turbine Rig (LSTR)
at TU Darmstadt. As summarized by Wilhelm and Schiffer [218], the LSTR is a
1.5-stage, low speed, full annular test rig operating in closed-loop at cold, nearatmospheric conditions with engine-realistic nozzle guide vane (NGV) exit Reynolds
numbers. The blade and vane geometry is an up-scaled high pressure turbine
geometry designed by Rolls-Royce Deutschland, with a vane/blade/vane count of
24/36/34 and a hub-to-tip ratio of 0.76. At the turbine inlet, a non-reactive combustion simulator with twelve exchangeable swirlers creates an engine-representative
flow field, matching the whirl angle and velocity distribution at the combustorturbine-interface typically found for lean-burn. A realistic cooling configuration is
simulated by ejecting secondary air at various positions (figure 3.3), including film
cooling at the end wall upstream of the NGV, the so called Rear Inner Discharge
Nozzles (RIDN), rim seal purge flow between NGV and rotor, film cooling at the
NGV leading edge (LE), slot ejection at the NGV trailing edge (TE), and film cooling
at the rotor tip.

3.1 The Large Scale Turbine Rig
While the focus for the experimental investigations is on the turbine test section,
without an elaborate periphery proper rig operation would be impossible. Originally,
the rig was commissioned by Linker [127], while a major redesign of the test section
was carried out by Krichbaum et al. [109]. A short overview summarizing the main
rig components is given below (figure 3.1).
Ah Primary

Air Compressor: Supplies, controls, and heats the main flow to the
turbine
Bh Venturi Pipe: Measures the main mass flow
Ch Primary Air Cooler: Controls the turbine inlet temperature via a water-driven
heat exchanger
Dh Settling Chamber: Contains several sections with a succession of meshes to
even out flow inhomogeneities and produce a defined turbine inlet turbulence
Eh Test Section: Combustor module and densely instrumented model turbine for
experimental investigations
Fh Outlet Box: Feeds exhaust air back into the closed loop
Gh Shaft: Drives the turbine rotor during startup and transfers the turbine power
to the generator during operation
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Figure 3.1: Test rig overview (adapted from Werschnik [213])
Hh Secondary

Air Compressor: Supplies and heats the secondary air to simulate
the turbine coolant flows
Ih Secondary Air Cooler: Controls the secondary air temperature via a waterdriven heat exchanger
Jh Orifices and Valves: Measure and control the secondary air mass flows
Kh Bypass: Diverts turbine exhaust air to the secondary air compressor
Lh Air Exhaust: Valves to ambient, e.g. to change rig pressure level or control
foreign-gas concentration in the loop

For the present work, the LSTR setup constituted the forth rig iteration under
operation at the institute, denoted LSTR NG (Next Generation). As a continuation of
the previous LSTR setup, a redesign of the rig outlet box and shaft was conducted1
to improve the rotor dynamic properties and reduce outlet non-uniformities, both of
which benefit the accuracy of measurements, especially by reducing the uncertainty
in turbine efficiency determination (Eitenmüller et al. [53]). Further details on these
1
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The outlet box and bearing unit were designed by Michael Kloss, at that time post-doc at the
institute.
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adaptations are given by Wilhelm and Schiffer [219]. All measurements shown in
this work have been gathered at this revised setup (figure 3.2).

1
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Figure 3.2: LSTR NG test section and drive shaft

1h Swirlers:

Create lean-burn representative turbine inlet conditions
Air Supplier: Conditions and supplies the hub-side coolant flows
3h 1.5-Stage Turbine: High pressure turbine geometry, stator vanes (blue) and
rotor blades (red)
4h Outlet Diffusor: Radially distributes exhaust air to the outlet box and reduce
upstream influence of the outlet box on the turbine outlet traverse
5h Main Bearing Unit: Fixed bearing towards the turbine and floating bearing
towards the shaft with a minimum quantity lubrication and a hollow shaft for
signal routing, electrical supply and pressure tubing towards the rotor
6h Slip Ring Unit: 30 channels to supply electrical power to the rotating data
acquisition system (telemetry) and other measurement applications
7h Telemetry Box: Housing for the telemetry system for rotating data acquisition,
including pressure and temperature measurement channels
8h Torque Meter: Shaft torque measurement for efficiency determination
9h Emergency Break: In case of blackout or uncontrolled rev up of the turbine
h Motor/Generator: Motor operation during start up and generator operation
10
once the operating points is reached, feeds power back into grid
2h Secondary

3.1 The Large Scale Turbine Rig
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3.2 Combustor Module and Turbine Section
The test section itself contains two main parts, the Combustor Module and the Turbine
Section (figure 3.3), both of which were designed in cooperation with Rolls-Royce
Deutschland and are based on the E3E Core Engine (Klinger et al. [106]). The
swirlers are meant to recreate the aerodynamic conditions at the inlet of a real high
pressure turbine caused by lean-burn. They are designed to be easily removable
from the test-section to allow for a clean annulus, baseline setup denoted axial
inflow (AX), as opposed to swirling inflow (SW) conditions (further details in section
4.1.2).
For better accessibility and higher measurement resolution, the LSTR is scaled up
relative to the original engine geometry, approximately by a factor of three. The
vanes and blades are designed so that the non-dimensional profile pressure distribution resembles those of the high pressure turbine at engine-realistic conditions.
Furthermore, the vanes have been designed to handle whirl angles in excess of 30 ◦
(circumferentially averaged), resulting from the residual swirl at the turbine inlet
caused by the lean-burn combustion.

Combustor Module

Turbine Section
NGV1 Rotor NGV2

film & trailing
edge cooling

74°
ME00

ME01

swirler

A

75°

68°

A-A

ME02 ME03

ME05

A

primary flow

RIDN cooling

rim seal

rotor tip cooling

Figure 3.3: Test section details with measurement planes, primary flow, and secondary air
(adapted from Eitenmüller et al. [53])
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The swirler design resembles the 3-stage injector used in the E3E Core Engine
(figure 2.2a), however a series of adaptions were necessary to account for the nonreactive (no combustion) and low-speed conditions at the LSTR. These adaptions
are detailed by Lohmann [129] and summarized briefly in this context.
The presence of combustion would normally lead to an additional acceleration due
to the head addition to the flow, which is not present in the case of the LSTR. This
means, that a simple geometrical scaling of the E3E injector would not yield similar
turbine inlet conditions. If, for example, the swirl number2 S would be kept similar,
the whirl angles at the turbine inlet would be too high, for the swirl is usually
reduced by the acceleration upon entering the turbine. Therefore, the swirler vane
stagger angles need to be altered to create a similar whirl angle distribution at the
turbine inlet, while giving up the similarity of the flow field inside the combustor
module. In conjunction with the absence of combustion, this will alter the turbulence
production, which will cause turbulence intensity at the turbine inlet to be higher
than what would normally be expected.
To ensure the presence of the main characteristic flow features in the combustor
module, the swirl number is kept at S = 0.6 (Schneider [185]), which is the critical
value for the recirculation to develop (Lilley [126]). A representation of the flow
field in the LSTR combustor module and at the turbine inlet has been given by
Schneider [185] (CFD, figure 3.4), who could confirm the presence of the typical
recirculation bubble 2hin which the flow velocity is reversed. The recirculation
bubble characteristics vary with time, and back flow can still be detected at the
turbine inlet plane 6hfor some instances in time (Wilhelm et al. [220]). Furthermore,
Schneider [185] identified a residual swirl core 3hthat enters across the turbine
inlet plane 6h, typical unstable shear zones 4h, a corner recirculation 5h, but also a
precessing vortex core 1hthat is only present for non-reacting conditions.
Due to the low velocities at the LSTR, the blockage posed by the recirculation zone
is quite substantial, leading to a mass flow diversion towards the endwalls. If the
combustor length would be the same as for the E3E combustor, the axial velocity
would display a disproportionately large peak at the hub (Lohmann [129]). To
homogenize the axial velocity distribution upon entering the turbine section, the
LSTR combustor module is prolonged in comparison to the real combustor. Resulting
whirl angles at the LSTR turbine inlet are at ᾱ = ±30◦ on average (peak at α̂ = 50◦ ),
while axial Mach numbers vary between 0.06 close to the casing and hub and 0.024
2

According to Lilley [126], the swirl number S represents the axial flux of swirl momentum
divided by the axial flux of axial momentum multiplied by an equivalent nozzle radius. The
definition can be found in Huang and Yang [86].
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Figure 3.4: Vortex system in the LSTR combustor simulator (CFD, adapted from Schneider
[185])

in the channel center (Hilgert et al. [82]). In addition, turbine inlet turbulence
¯ = 25 % (peak at Tu
ˆ = 45 %)
is high, with an average turbulence intensity of Tu
3
(Wilhelm et al. [220]) .

3.3 Rig Control and Operating Point
For two arbitrary measurements to be fully comparable, ideally the operating point
of the rig has to be identical. This is achieved by keeping track of six non-dimensional
groups (Eitenmüller et al. [53]): the flow coefficient Φ, the stator exit Reynolds
number Re (based on the vane axial chord length l c,a x and the absolute velocity at
the vane exit cN GV ), the non-dimensional blade speed b, the coolant-to-main stream
momentum flux ratio M R, the non-dimensional tip clearance t gap , and the number
ξ as an expression for the heat capacity ratio (equations 3.1 to 3.4).

Φ=

MR =

ca x
u
ρc u2c
ρ g u2g

(3.1)

(3.4)

Re =

ρl c,a x cN GV
µ

t g ap =

h
s

(3.2)

(3.5)

b= p

ξ=

u
c p Tt

R
κ−1
=
cp
κ

(3.3)

(3.6)

The first four of these groups (equation 3.1 to 3.4) are kept constant by controlling
the mass flows ṁ and total temperature Tt for the primary (p) and for the secondary
air (s), as well as the turbine inlet pressure p t,p and the the turbine rotational speed
N . In detail, the primary mass flow is controlled by setting the rotational speed
3
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To put these values into perspective, other isothermal investigations reported values of ᾱ = 25◦
¯ = 17 % and Tu
ˆ = 28 % (Bacci et al. [15]), Tu
ˆ = 32 % (Cha
and α̂ = 50◦ (Bacci et al. [14]), Tu
¯ = 11.2 % (Beard et al. [19]). For reactive combustion, values were found at
et al. [37]), Tu
ˆ = 20 % (Schroll et al. [189]). It has to be kept in mind that these turbulence intensities are
Tu
not all based on the same reference velocities.
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of the primary air compressor, the secondary mass flows are controlled with ball
valves and set relative to the NGV inlet mass flow, the temperatures are controlled
by water-driven heat exchangers, the pressure level of the rig is set by adjusting the
valves at the air exhaust, and the rotational speed is set by the generator (table 3.1).

Variable

Value

/

Value

9.35 kg/s

RIDN

3.0%

9.64 kg/s

NGV Front

3.8%

10.322 kg/s

NGV Aft

1.3%

109370 Pa

Rim Seal

2.0%

313.15 K

Rotor Tip

0…1.74%

16.67 1/s

Table 3.1: Operating point for primary (p) and secondary air (s)

The last two groups (equation 3.5 and 3.6) cannot be controlled directly, but are
monitored. For the tip clearance t g ap , this is done using an optical measurement
system consisting of three laser triangulation sensors (LK-H082 by Keyence Deutschland GmbH, further details in Hausmann [79]) that provides in-situ information
on the tip clearance during operation (see figure 4.3). By letting the rig warm up
before measurements, it is ensured that the clearance stays within narrow bounds
during operation. The change in the gas properties represented by ξ depends mainly
on the temperature and the humidity, with the former being part of the controlled
variables and the latter being measured in the settling chamber.
The non-dimensional groups and the associated stabilities have been assessed by
Eitenmüller et al. [53]. The stability is given both as the variation when comparing
a specific measurement day with any other arbitrary day (day-to-day, e.g. probe
traverse data collected at two separate occasions) and the variation when comparing
measurements taken within a consecutive measurement session (consec. meas., e.g.
different grid positions of a single probe traverse) (table 3.2).
While the large scale rig design has the advantage of high spatial measurement
resolution and easy accessibility, a drawback that has to be kept in mind when
transferring outcomes to real engine hardware is that only the Reynolds number
similarity is kept, while the achievable Mach numbers are not engine realistic
3.3 Rig Control and Operating Point
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Non-Dim. Group

Value

Variation

Day-to-Day

Consec. Meas.

0.385

0.15%

0.03%

450000

0.12%

0.05%

0.093

0.11%

0.02%

1.085%

0.005%

0.001%

0.89%

0.0019%

0.0015%

0.286

0.06%

0.018%

Table 3.2: Non-dimensional groups and stability (Eitenmüller et al. [53])

(low speed, low temperature). The Reynolds number (Re = 450.000 at NGV exit),
defined as the ratio of inertial to viscous forces in a fluid, needs to be similar to
compare boundary layer-driven phenomena such as the development of secondary
flows, mixing processes between secondary and primary air, or film cooling - these
have been in the focus of the investigations at the rig (Linker [127]). However, the
Mach number ( M a = 0.21 at NGV exit) is significantly smaller than for real engine
applications, thus compressibility effects such as choking of the stator throat or the
rotor tip gap and their possible effects on aforementioned phenomena cannot be
captured.

3.4 Tip Geometry and Cooling
The rotor blade tip in the focus of this investigation is a squealer-type geometry
including 13 cylindrical PS film cooling holes (hole diameter D = 1.8 mm) designed
by Rolls-Royce Deutschland (figure 3.5). The tip was made of epoxy by sterelithography to incorporate an internal coolant supply feed that connects with the aluminum
blade body, and a coolant plenum that distributes the coolant between the equally
spaced coolant holes located at 94 % blade span (relative channel height h r el =
0.92). The film cooling holes were included in the manufacturing process and
refinished using a reamer for perfect hole circularity and diameter. The coolant hole
axes are tilted towards the free form surface, with typical angles ranging from 36 ◦
at the TE, to 20 ◦ near the stagnation line, and 30 ◦ towards the SS.
The coolant plenum was designed to distribute the mass flow between all holes as
equally as possible, supported by numerical simulations4 (see also appendix C.2.1,
4

64

The numerical simulations in the design phase were conducted by Leonhard Gresser, at that time
student assistant at the institute.
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tgap = 0.89%

13 Cylindrical
Coolant Holes
Coolant Plenum

1.67 x D

2.67 x D

D

Coolant Supply

Figure 3.5: Rotor tip with coolant plenum and film cooling holes (adapted from Wilhelm
and Schiffer [218])

figure C.2b). For the aerodynamic measurements, all blade tips were supplied
with coolant air from the cavity inside the rotor disk (figure 3.3). For the film
cooling effectiveness measurements with pressure sensitive paint (section 4.5), a
separate coolant gas mass flow could be supplied to a specific measurement blade
via a rotational coupling by a mass flow controller (Bronkhorst F-202AV, accuracy
of ±0.6 %). This was done since these measurements relied on the injection of a
foreign gas which could not be supplied in the large quantity required to feed all
blade tips.
The tip surface tolerances were checked using an optical scanner (ATOS 3 Triple
Scan System by GOM) and found to be within ±0.3 mm overall except at the TE,
which was short by 0.6 mm5 . While the single measurement tip that was used for
the film cooling investigations met the original tip clearance requirement of t gap =
1 %, the full set of 36 tips for the aerodynamic investigations exhibited an average
tip clearance of t g ap = 0.89 %, with a deviation of ± 0.02 pp between different tips.
The discrepancy between the single tip and the full tip set was only discovered after
measurements were already under way and could therefore not be corrected. The
difference in tip clearance is deemed acceptable in the scope of this investigation, as
the results from the film cooling (single tip) and aerodynamic measurements (full
tip set) do complement each other expediently, and no contradicting trends possibly
stemming from the difference in clearance have been observed.

5

Numerical simulations showed that this variation had only a very small impact in terms of
efficiency in the range of ∆η = 0.01 % (Brötz [30]), thus it was concluded that the impact on
tip aerodynamics was negligible.

3.4 Tip Geometry and Cooling
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4 Methods of Investigation
In principle, there are two common approaches that could be applied to investigate
the impact of the lean-burn representative inflow conditions on the blade tip: either
by experiments or by numerical simulations (CFD). The former relies on elaborate
measurement setups, while the latter can be (in comparison) implemented relatively
quickly, given an appropriate software and hardware environment. Langston [116]
has commented on this almost two decades ago in a review article: “It has been the
author’s experience that CFD follows the experimenter, not the other way around.
It is with experiments that new flow features are found out. These new features
can then be modeled by numerical codes or other analytical models.” This view
probably results from two drawbacks that come with numerical simulations: For
once, the uncertainty of industrial-standard modeling approaches, especially in
complex flow environments, puts a limit on their reliability. And second, the vast
amount of three-dimensional data generated in numerical simulations complicates
separating the essential from the unimportant information, making it difficult to
actually discover new flow phenomena.
In the present work, primarily an experimental approach is taken to identify flow
features and find dependencies between the changing inflow conditions and the
former. However, the experimental approach itself is limited as well. Measurement
techniques only have a restricted spatial and temporal resolution, can only be
applied to regions that are accessible, and carry their own uncertainties. To make up
for this, a variety of different techniques is applied, both steady and time-resolving,
stationary and rotating, spatially discrete and area-resolving, intrusive and nonintrusive. This is supported by the up-scale rig design, with flow phenomena
being larger than in real engines, which enables high resolution measurements. By
combining these different experimental methods, the flow field in the turbine in
general and the aerodynamic and cooling phenomena in the tip region specifically
are investigated using a holistic approach. Whenever information cannot be provided
by the experimental data alone, results from steady numerical simulations are
utilized to complement the investigations.

4.1 Investigation Overview
First, all experimental methods are introduced in a general fashion, providing an
overview of the instrumentation, measurement procedure, and conducted investiga67

tions. In later sections, selected measurement methods and the numerical setup are
further detailed.

4.1.1 Instrumentation
The basis for the investigation of the rotor stage and in particular the rotor tip is
data taken at the densely instrumented measurement section of the LSTR (figure 4.1
and 4.3). Further details on the instrumentation have been given by Krichbaum
et al. [109] and Eitenmüller et al. [53].
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T-rake
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Figure 4.1: Measurement section instrumentation (adapted from Wilhelm et al. [220])

• Pressure Taps (p-taps): Pressure taps are positioned circumferentially along the
casing at all measurement planes (ME01-ME05), providing the static pressure
ps . Inside the coolant cavities (RIDN, NGV, rim seal, rotor tip), where the fluid
velocity is very low, pressure taps are used as total pressure measurements
p t . At certain radial heights along the rotor span, pressure taps give the static
pressure ps along the rotor blade profile (appendix B.2).
• Thermocouples (T-cpls): The total temperatures Tt of all coolant flows are monitored before entering the main stream, using calibrated, K-type thermocouples.
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• Rakes: Total pressure and temperature measurement at the turbine inlet
(ME01) and outlet (ME05) are conducted using temperature and pressure
rakes respectively with multiple Kiel-heads at different radial positions.
• Five-Hole Probes (5HP): Traversable five-hole probes provide steady flow traverses at the rotor inlet (ME02) and outlet (ME03), including ps , p t , whirl
angle α, radial angle γ, and Mach number M a (section 4.2.1).
• Hot-Wire Anemometry (HWA): Hot-wire anemometry, using split-fiber probes,
is used at ME02 and ME03 and synchronized with the rotor, thus providing
time-resolved flow traverses in the rotor frame of reference, including the
three-dimensional velocity vector u
~ and turbulent fluctuations (section 4.3).
• Kulite Array: Time-resolving pressure sensors (“Kulites”) are positioned in an
axial array in the rotor casing and synchronized with the rotor, providing the
rotor casing pressure ps and pressure fluctuations in the rotor relative frame
of reference (section 4.4).
• Pressure Sensitive Paint (PSP): Pressure sensitive paint is applied at the cooled
rotor tip for film cooling effectiveness measurements. Since the paint is
sensitive to the oxygen concentration on its surface, the coolant distribution
can be tracked by injecting an oxygen-free foreign gas as coolant (section 4.5).
• Laser Triangulation Sensors: Laser-triangulation sensors mounted on the outside of the rotor casing at three circumferential positions measure the in-situ
tip clearance and rotor orbit.
• Shaft Sensors: The rotational speed and torque of the shaft is monitored using
a torque meter and an inductive sensor. An additional light-barrier onceper-revolution trigger is used to synchronize the time-resolving measurement
techniques with the angular position of the rotor.
Pressure Rake (ME01)

Five-Hole Probe

Split-Fiber Hot-Wire Probe

Figure 4.2: Rakes and Probes (left and middle picture adapted from Krichbaum et al. [109],
right picture own photograph)
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Figure 4.3: Detailed instrumentation of the rotor

4.1.2 Flow Traverses and Clocking
The measurement instrumentation at the LSTR is mounted at fixed circumferential
positions either on the casing or on the rotor (figure 4.3). The probes (5HP, HWA)
have two additional degrees of freedom: Probe traverse units allow for (1) radial
movement into the flow path through probe access holes in the casing and for
(2) rotation around the probe axis itself, thus enabling a change in yaw (whirl)
angle α. To perform measurements at different circumferential positions relative to
the swirler/NGV1/NGV2, the respective casing rings can be individually traversed
around the circumference, which is referred to as clocking (grey arrows in figure 4.1).
Hence, the turbine geometry is slowly rotated before the casing-fixed instrumentation. By combining the clocking of the turbine geometry with the varying radial
positions of the probes, flow traverses are captured at the different measurement
planes (blue areas in figure 4.1).
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While the relative clocking between swirlers and NGVs has been kept constant when
capturing a full traverse, two different swirler-to-NGV clocking positions have been
investigated which are referred to as Swirler-to-Leading Edge Clocking (SWL) and
Swirler-to-Passage Clocking (SWP) (figure 4.4, left). Here, the geometrical center of
the swirler is aligned circumferentially with either the NGV LE or passage center.
However, it needs to be pointed out that the geometrical position of the swirl and
the actual position of the swirl core at the turbine inlet do not necessarily align.
For annular rigs, a circumferential shift of the swirl core in the same direction as
the swirl rotation has been reported in literature (Bacci et al. [14], Insinna et al.
[88], Wilhelm et al. [220]), which does not occur for cascade rigs with parallel
endwalls (Giller and Schiffer [64], Jacobi et al. [89]). This was explained by Insinna
et al. [88] by the inclination of the endwalls that causes a radial deflection of the
vortex tube, which according to the vorticity equation leads to a stretching and
reorientation of the vortex filaments and eventually to a lateral movement of the
vortex core.
Leading Edge Clocking (SWL)
Swirl trajectory
(instantaneous)
A

Turbine
inlet plane
(ME01)
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Temporal
fluctuations

Passage Clocking (SWP)
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Figure 4.4: Swirler-to-stator clocking (left, adapted from Werschnik [213], originally from
Steinhausen [197]) and circumferential swirl movement (right, CFD, adapted
from Schneider [185])

For the LSTR, this circumferential swirl movement has been visualized by Schneider
[185] (figure 4.4, right), who also showed that the swirl core position fluctuates
with time. These findings suggest that the clocking positions SWL/SWP investigated
in this work are not the positions of maximum aerodynamic impact on the stage,
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as they had originally been chosen to represent. For example, both numerical and
experimental results show that efficiency-wise the most beneficial stator clocking
position at the LSTR is between 0.25 to 0.3 NGV1 pitch (3.75 to 4.5 ◦ ) in clockwise
direction (Schneider et al. [186], Eitenmüller et al. [53]), which would correspond
to the actual swirl core approximately being aligned with the NGV LE.

4.1.3 Frames of Reference
Depending on the type of measurement technique (steady or time-resolving) and
on the measurement position (casing or rotor), the measurement data can be
interpreted in different frames of reference (figure 4.5).
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Figure 4.5: Coordinate systems and clocking

• Steady Measurements at the Casing: The steady instrumentation mounted on
the casing (p-taps, T-cpls, p-rakes, T-rakes, 5HPs) captures data in the rig
coordinate system, denoted Rig COS. The data is converted to the Stator COS
via the known relative clocking offset ∆Φ. Due to the missing temporal resolution, the influence of the bypassing rotor cannot be resolved circumferentially.
Instead, its time-averaged contribution is naturally inherent in the data.
• Time-Resolving Measurements at the Casing: The time-resolving instrumentation
mounted on the casing (HWA, Kulite array) captures data in the Rig COS. As for
the steady casing measurements, the data can be converted to the Stator COS
and be compared to the steady casing data by means of simple time-averaging.
Furthermore, the time-resolved data allows for a circumferential resolution of
the bypassing rotor in conjunction with the rotor position ∆ϕ known from the
shaft trigger.
• Steady Measurements at the Rotor: The steady instrumentation mounted on
and rotating with the rotor (p-taps profile, PSP) captures time-averaged data
in the rotor relative frame, represented by the Rotor COS. Thus, no influence
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of the bypassing stator/swirler (relatively speaking) can be resolved, but is
inherently captured in the data in a time-averaged fashion. Consequently,
the relative clocking position of the swirler towards the NGV (SWL/SWP) is
not resolved in this data1 , so the swirling turbine inlet conditions are only
considered on an integral level, simply denoted SW.

4.1.4 Data Acquisition and Processing
For measurements in the non-rotating Rig COS, several steps need to be taken to
generate a full data set. For both steady and time-resolving methods, these are:
• Traversing: For AX inflow conditions, the stator vanes are circumferentially
traversed in finite steps by at least one NGV1 pitch (15 ◦ ). For SW inflow
conditions, the swirlers and vanes are traversed simultaneously for a fixed
swirler-to-NGV clocking position (SWL or SWP) for two stator pitches/one
swirler pitch (30 ◦ ). In the case of probe measurements, at each angular step
an additional radial probe traverse from casing to hub is conducted.
• Data Acquisition: At each traverse position, depending on the measurement
method, a certain waiting time and acquisition time is set to ensure settling
down of the signal (steady methods) or statistical convergence (time-resolved
methods). Steady measurement methods will provide a single data point
at each traverse position, while the time-resolving methods provide a full
time-series f (t).
• Conversion to Rotor Relative Quantities: The flow field measurements taken in
the Rig COS, represented by the absolute velocity ~c , can be converted to the
rotor relative frame, represented by the rotor relative velocity w
~ , via the known
shaft speed N and accordingly the circumferential speed u
~ (equations 4.1 and
4.2, see velocity triangles in figure 4.5).

~c = w
~ +u
~

(4.1)

~ × ~r = 2πN r
|~
u| = Ω

(4.2)

Furthermore, the time-resolved data (HWA, Kulite array) is treated in the following
manner:
• Phase-Locked Data Averaging: The time-resolved data can be considered a
statistically stationary time-series f (t) across all rotor revolution, as the rotation of the rotor is a periodic process. As such, f (t) can be decomposed
1

This has been confirmed by test measurements with PSP (not included) at the rotor tip for
different stator-to-swirler clocking positions. Here, no differences in the (time-averaged) film
cooling coverage at the tip have been found.
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into its mean f¯, a periodic part f p (t), and a statistically fluctuating part f 0 (t)
(Hussain and Reynolds [87]).

f (t) = f¯ + f p (t) + f 0 (t)

(4.3)

While f¯ represents the time-average of the measured time-series, f p (t) is the
ensemble average obtained by splitting the time-series into parts with the
length of one rotor period 1/N each (indicated by the shaft trigger), and then
averaging across all rotor revolutions. Furthermore, all 36 rotor passages are
averaged, since the flow can be considered the same across all blades (details
in Brodda [29], see also section 4.3.5). The fluctuating part f 0 (t) is obtained
by subtracting the averages from the time series.
• Quasi-Steady Approach: Within this work, the temporal progression of unsteady effects in the rotor relative frame induced by the stationary frame (e.g.
stator wakes or the unsteady movement of the swirl core) is not considered.
Instead, the stator/swirler influence on the rotor relative flow field is only
considered integrally by averaging all time-series obtained at each angular
traverse position respectively. The depiction of the rotor relative flow field
shown in subsequent chapters can therefore be understood as the quasi-steady
mean flow field, as it would for example by obtained from a steady numerical
approach with mixing planes in between the stationary and rotating frames.

4.1.5 Investigation Matrix
In summary, different experimental methods are applied that require a specific
measurement procedure depending on the type, the frame of reference, and the
ability to temporally resolve the flow. Taking these requirements into account, the
investigations are carried out in two parts (table 4.1), an aerodynamic part and a
combined aerodynamic & cooling part.
• Aerodynamic Investigations: Full traverses are conducted for all inflow conditions (AX/SWL/SWP) utilizing the aerodynamic measurement techniques2 .
Steady numerical simulations complement the experimental data. The data is
evaluated in the Stator COS to characterize the turbine stage (chapter 5), but
also in the Rotor COS using the quasi-steady approach to identify the rotor tip
flow structure (chapter 6) and the impact of swirl thereupon (chapter 7).
• Aerodynamic & Cooling Investigations: The mutual interaction between tip
film cooling and tip aerodynamics is investigated (chapter 8) for different tip
2
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The profile pressure measurements (p-taps profile) could only be evaluated for axial inflow
conditions due to an error in data acquisition, even though measurement were originally
conducted for all inflow conditions.
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Table 4.1: Investigation matrix

coolant mass flows (0. . . 1.74 % of the main flow). The data is evaluated in the
Rotor COS in a quasi-steady fashion both for AX and a generic swirling inflow
case (SW), as the coolant measurement technique (PSP) cannot capture the
swirl-to-stator clocking effects due to its limited temporal resolution. Additional time-resolving measurements (HWA, Kulite-array) are conducted with
coolant injection, however without fully traversing the swirler/stators to save
measurement time.
In the following sections, the methods of investigation are presented in further
detail.

4.1 Investigation Overview

75

4.2 Steady Aerodynamic Measurements
The steady aerodynamic measurements provide time-averaged data, which is the
basis for the global characterization of the turbine stage, both with axial and swirling
inflow. Furthermore, they are used to assess stator and rotor performance and loss
(chapter 5).

4.2.1 Five-Hole Probe Measurements
Five-hole pneumatic probes are one of the standard techniques in turbomachine
research for flow field investigation, providing information on the static pressure
ps and total pressure p t , but also the mean velocity vector ~c . The cobra-type probe
head (figure 4.2) contains five pressure measurement holes that are positioned
cross-wise at different surface angles. A tilting of the velocity vector, represented by
the whirl angle α and radial angle γ, is mirrored by a change in pressure distribution
between the holes. The exact relationship between the pressure readings and the
flow field properties is obtained in an a-priori calibration, which was conducted at
the institute’s free-stream wind tunnel.
The calibration algorithm has been described by Wörrlein [223], while details
specific to the present measurements and corresponding calibration are given by
Renkenberger [171] and Kossarev [108]. During rig measurements, the yaw angle
of the 5HP was adjusted by the probe traverse to approximately match the flow
whirl angle α, so that the calibration range (table B.1) could be kept relatively
narrow, while the achievable accuracy was increased. According to Wörrlein [223],
the corresponding calibration uncertainties when determining the flow vector are
a
∆α = ±0.56◦ , ∆γ = ±0.45◦ , and ∆M
M a = 1.20%. A tight probe traverse grid was
chosen to ensure sufficient resolution of the flow phenomena (table B.2).

4.2.2 Control-Volume Approach
Previously, investigations have been conducted at the LSTR both detailing the steady
flow field at the different measurement planes (Hilgert et al. [82]) and analyzing
the global turbine performance and its influencing parameters (Eitenmüller et al.
[53]). The present study aims at bridging the gap between these studies at a stator
and rotor component level. As such, the information about the steady flow field
at measurement planes ME01 to ME03 is used to analyze the stator and rotor
performance and loss (chapter 5). An approach is taken where the stator and rotor
are considered to be adiabatic control volumes, with the enthalpy flows across their
boundaries being measured (figure 4.6). Namely, this is done based on the data
from the pressure and temperature rakes in ME01, the 5HP in ME02 and ME03, the
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shaft torque meter, the coolant properties given by the pressure taps as well as the
thermocouples in the coolant supply cavities3 , and the mass flows measured in the
supply lines.
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Figure 4.6: Control volume and measurement quantities (adapted from Eitenmüller et al.
[53])

• Averaging: To determine average flow quantities f¯ at the measurement planes
(e.g. p̄ t , p̄s , T̄t , . . .), either the circumferential average (1D, equation 4.4) is
used when trends depending on the channel height h r el are to be retained, or
the mass weighted average is calculated across the whole traverse plane (0D,
equation 4.5), with i denoting the individual traverse grid position.

Pn
f¯ci r c =

i=1

f (ϕi )

n

Pn
(4.4)

i=1
f¯ṁ = Pn

ṁi f i

i=1

ṁi

(4.5)

• Accounting for Coolant Injection: To account for the contribution of the injected
coolant towards the total enthalpy in the stator (RIDN, NGV coolant) and
rotor (rim seal) respectively, the total coolant and primary air properties p t
and Tt are weighted, with j denoting their respective mass flows, to obtain a
representative 0D quantity at each measurement plane (equation 4.6 and 4.7).
3

The inlet total pressure of the RIDN coolant was corrected by the pressure drop across the coolant
holes according to Tipnis [203].
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Pn
p̄ t =

Pn

i=1 ṁ j p t, j
P
n
j=1 ṁ j

(4.6)

T̄t =

i=1
P
n

ṁ j Tt, j

j=1

(4.7)

ṁ j

• Temperatures in ME02/ME03: No direct temperature measurements have been
gathered in ME02 and ME03, instead temperatures are calculated based on
the measurements in ME01 with the T-rakes. Assuming an adiabatic casing,
the total temperature in the stator stays constant (equation 4.8). Across the
rotor, the total temperature changes due to the work extraction, which can be
calculated using the measured shaft torque M 4 (equation 4.95 ).

T̄t,M E02 = T̄t,M E01

(4.8)

T̄t,M E03 = T̄t,M E02 +

2πM N
c p ṁ M E02

(4.9)

Using the isentropic relation, the corresponding static temperatures Ts can
then be calculated at each measurement plane.
• Quantities in the Relative Frame: Using equation 4.1, the rotor relative velocity
w is calculated and used to convert p t and Tt measured in the stationary frame
to the rotor relative frame (equation 4.10 and 4.11, Rick [174], p. 479-482).

p t r = ps

κ − 1 w2 /2
1+
κ RTs





κ
κ−1



(4.10)

Tt r = Ts 1 +

κ − 1 w2 /2
κ RTs


(4.11)

• Referencing: The absolute pressure and temperature level may change between
different measurements. For example, when the swirlers are installed at the
turbine inlet, they cause an additional pressure loss that lowers the turbine
inlet pressure level in comparison to clean annulus, axial inflow6 . To keep
results comparable, pressures and temperatures are referenced to the standard
conditions Tr e f = 313.15 K and p r e f = 101325 Pa, with p∞ being the ambient
pressure in the test cell and T∞ being either the primary or secondary air
temperature measured in the respective settling chambers.
4

5
6
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The raw shaft torque is corrected using a constant offset of 25 Nm to account for frictional loss
in the bearings and disk cavities based on calibration measurements done by Neubauer [148].
This is a good assumption as long as the same operating point (shaft speed, mass flows, pressure
ratio) is considered across all measurements, which was the case in the present study. It should
be noted that M < 0.
This equation assumes that h t3 = h t2 + ∆h t T , ∆h t T = PT /ṁ M E02 , and PT = 2πM N
This will be resolved in the future by expanding the control range for the rig pressure level by
installing an additional valve downstream of the turbine outlet box.
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p = pmeas − p∞ + p r e f

(4.12)

T = Tmeas − T∞ + Tr e f

(4.13)

• Enthalpy: Once the averaged and mass-weighted quantities T̄t , c̄ , and w̄ are
known at each measurement plane, the specific enthalpy h̄ is calculated as a
measure of the energy (heat and volumetric) of the flow entering and exiting
the stator and rotor respectively (equations 4.14 to 4.16).

c̄ 2
w̄2
(4.15) h̄ t r = h̄s +
(4.16)
2
2
Together with the entropy s introduced earlier, which is also calculated based
on the measured data (equation 2.4), the thermodynamic process across the
turbine stator and rotor can be represented in an enthalpy-entropy-chart, as it
is commonly done for turbomachine applications (chapter 5, figure 5.1).
h̄ t = c p T̄t

(4.14)

h̄s = h̄ t −
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4.3 Time-Resolved Flow Field Measurements
While steady measurement techniques (section 4.2) are reliable means to determine
the time-averaged (steady) flow field, they cannot provide time-resolved (unsteady)
information. Thus, time-resolved measurements serve two purposes: First, to
resolve the unsteady flow field and its fluctuations, and second, to provide detailed
information about the flow field within the rotor frame of reference. Hot-wire
anemometry has been chosen as a suitable measurement technique for this purpose
(appendix B.3.1).

4.3.1 Hot-Wire Anemometry
Hot-wire anemometry (HWA) utilizes the convective heat transfer from a heated
sensor (commonly a wire or thin film) to a surrounding fluid, as expressed by
the Nusselt number N u (equation B.5). For sub-sonic flows, the heat transfer is
dependent only on the fluid Reynolds number Re and the respective temperatures
of the sensor Tw and the fluid Ta (Tropea and Yarin [204], equation 4.17).


Tw − Ta
(4.17)
N u = N u Re,
Ta
The details on the measurement principle along with the most important fundamentals on HWA are detailed in Appendix B.3. In short, the higher the fluid velocity, the
better the sensor is cooled, assuming all other fluid properties remain unchanged.
Therefore, the voltage needed to keep the wire heated at a certain temperature
(Constant-Temperature Anemometry, CTA) can be linked to the fluid velocity via a
calibration (appendix B.3.5).

4.3.2 Split-Fiber Probes
Ideally, three sensors (e.g. three hot-wires), all positioned at the same spot at the
same time and angled appropriately relative to each other, can provide the fluctuating velocity components and their correlations, so that both the instantaneous
velocity vector as well as the Reynolds stress tensor (equation A.14) would be
known. Although such sensors exist7 and have been tested at the institute, they
are limited in terms of spatial and angular resolution. In flows with steep velocity
gradients and large angular ranges (as it is the case for example for high inlet swirl
in ME01 or near the rotor tip in ME03), a more suitable alternative are so-called
split-fiber probes (figure 4.7). These consist of a single quartz-cylinder with two
parallel, electrically-conducting thin nickel films on its surface. One main advantage
7
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For example Dantec 55P95, 55R95
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of split-fiber probes is the relatively small diameter of the cylinder (200 µm), which
enables positioning the two films in close proximity to each other, thus minimizing
the measurement volume. In comparison to the more commonly used miniaturewire probes, the cylinder is more robust, and thus especially suited for turbomachine
applications.

heat convection pattern
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Figure 4.7: Split-Fiber probe heat-convection pattern (adapted from Goertz [66], originally
from Ahn et al. [3]) and rig coordinate system (probe sketches based on Dantec
Dynamics [47])

Looking at a cross-sectional view of the quartz cylinder (figure 4.7, left), the two
nickel films are symbolically shown as film 1 (blue) and film 2 (red). It can be seen
that if a flow with velocity u and angle ν relative to the probe split plane impinges
onto the probe cylinder, a characteristic heat convection pattern develops (Ahn et al.
[3]). While the area enclosed in the pattern will change depending on the flow
velocity u, the pattern shape ideally remains unchanged and is only circumferentially
shifted around the cylinder when the flow angle ν is varied. Consequently, the sum
of the voltages E1 and E2 as measured by film 1 and 2 respectively is a measure of
the flow velocity, while the difference between the voltages is a measure of the flow
angle (equation 4.18 and 4.19).

(E1 + E2 ) ∼ u

(4.18)

(E1 − E2 ) ∼ ν

(4.19)

The split-fiber probe’s advantage of the small measurement volume comes at the cost
of only being able to resolve the instantaneous flow vector in two instead of all three
dimensions. As suggested by Bacci et al. [15] however, it is possible to reconstruct
4.3 Time-Resolved Flow Field Measurements
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the mean three-dimensional velocity vector by combining sequential measurements
from two individual probes at the same position in the flow (figure 4.7, right):
• The split-plane of the first probe (Dantec 55R56) lies in the axialcircumferential plane of the rig ( x -z -plane), thus this probe can measure
the axial and radial velocity components u1 and u3 .
• The split-plane of the second probe (Dantec 55R57) is the axial-radial plane of
the rig8 ( x - y -plane), so the probe is able to measure axial and whirl velocity
components u1 and u2 .
Further details on how the velocity vector is reconstructed from the two individual
probe data sets are given in appendix B.3.

4.3.3 Velocity and Fluctuation
The velocity time-series measured by the split-fiber probes are treated according to
the phase-locked approach introduced in section 4.1.4. Following the HWA data
acquisition and processing methodology described in appendix B.3, the time-resolved
three-dimensional velocity vector u
~ is obtained according to equation B.31, as well
as seven out of nine components of the Reynolds stress tensor R i j representing the
velocity fluctuations (equation B.33).
The magnitude U of the mean velocity at each point of the measurement grid can
be expressed as the norm of the velocity vector u
~ (equation 4.20).

U = |~
u| =

q

u21 + u22 + u23

(4.20)

Furthermore, the mean whirl angle α and radial angle γ can be defined in the Rig
COS (equation 4.21 and 4.23) as well as the absolute Mach number Maabs and axial
Mach number Maa x (equation 4.22 and 4.24).

α = arctan
U
Maa bs = p
κRT



u2
u1



(4.21)

γ = arctan

(4.22)

u1
Maa x = p
κRT



u3
u1



(4.23)
(4.24)

The turbulent kinetic energy k (equation 4.25) is defined as half the trace of the
Reynolds stress tensor (equation B.32). It is common to define a turbulence intensity
8
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This is of course only true if the probe is in the "neutral" position, meaning the probe has not
been turned around the probe shaft axis. For the measurements, both probes were additionally
turned by the same yaw angle offset δ (equation B.30), to approximately align the split plane
with the mean flow whirl angle in the respective measurement plane.
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Tu (equation 4.26) as the ratio between the average fluctuation magnitude and the
magnitude of a reference velocity9 .
1
k = u0i u0i
2

q
(4.25)

Tu =

2
3k

U

(4.26)

4.3.4 Secondary Flow Investigation
Three quantities are introduced to investigate the secondary flows in the rotor
relative frame: the streamwise vorticity ωsw , the circulation Γ , and the normalized
dissipation function D. The streamwise vorticity ωsw describes velocity components
perpendicular to the primary flow direction (Jenny [90]), and is therefore suitable
to detect secondary flow structures and the associated vortices (see section 2.2).
As a measure of local vortex strength, the circulation Γ across the area (of the
measurement traverse) occupied by a vortex is calculated. Usually, the secondary
flows are a source of loss, meaning that they cause mechanical fluid energy to
be irreversibly transformed into heat. To assess this energy loss, the dissipation
function based on time-resolved flow field measurements is calculated (Schüpbach
et al. [191]). Details can be found in appendix B.3.10 and B.3.11.

4.3.5 Measurement Uncertainty
A detailed uncertainty analysis was conducted by Schmidt [183], who found a
m
calibration uncertainty of ∆u
u = 1 % for velocities greater than 30 /s, which rose
∆u
up to u = 15 % for velocities of 10 m/s. In addition to the calibration uncertainty,
determining the Nusselt number and the gas properties at the probe position during
rig measurements is subject to uncertainty. This amounts to typical measurement
∆u
uncertainties in the range of ∆u
u = 3 % for high velocity regions (ME02) and u =
8 % for low velocity regions (ME01, ME03). For phase-locked considerations in
the rotor, an additional uncertainty comes from the assumption of periodic rotor
passages. Because a once-per-revolution trigger signal is used, small variations in
shaft speed add to this uncertainty, but also flow unsteadiness between the passages.
Brodda [29] found that the maximum deviations between rotor passages are found
near the tip (where also the highest unsteadiness occurs), with average deviations
9

In literature, the reference velocity (denominator of equation 4.26) is often chosen to be a free
stream or bulk velocity U∞ , for example the area averaged velocity in a wind tunnel cross section.
Since at the LSTR large velocity gradients and streamline curvatures are present in the case of
swirling inflow, such a definition was found to be impractical. Instead, it was decided to use the
mean velocity at each measurement grid point as reference. Therefore, the turbulence intensity
can be understood as the local share of turbulent fluctuations at each measurement grid point in
comparison to the absolute velocity at this very same point.
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∆u
of ∆u
u = 2.1 %. The combined uncertainty is therefore estimated at u = 3 % for
∆u
ME02 (including calibration and gas property uncertainties) and at u = 10.1 % for
ME03 (including calibration, gas property, and rotor non-periodicity uncertainties).
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4.4 Time-Resolved Casing Pressure Measurements
Knowledge about the tip leakage mass flow distribution is essential as it affects rotor
tip aerodynamics, loss, heat transfer, and cooling performance. It has therefore been
subject of many investigations, most prominently in cascade experiments conducted
by Bindon [22]. Here, detailed information of the tip leakage has been obtained
by traversing miniature pneumatic probes close to the tip gap inlet and outlet.
For a rotating setup, such probe measurements are not easily possible. Instead,
high fidelity non-intrusive optical measurements would ideally provide the tip gap
velocity field. However, this has its own limitations, as Particle Image Velocimetry
(PIV) measurements conducted at the LSTR have shown (Kupjetz [112]). Here, the
data did not allow for a reliable tip leakage investigations due to strong reflections
close to the casing and inside the gap.
A work-around solution are time-resolving casing pressure measurements, as the
flow phenomena occurring in the vicinity of the blade tip region leave their footprint
on the rotor casing pressure distribution and also allow for an interpretation of the
flow in the tip gap and on the blade surface (Bunker et al. [32], Azad et al. [12]).
Simply speaking, a high static pressure ps measured at the wall is considered an
indicator for low leakage velocity u (and thus mass flow) and vice versa, if the total
pressure p t is assumed to be constant, as they are connected by Bernoulli’s equation
( p t = ps + ρ/2 · u2 ). This relationship between wall pressure and tip leakage flow is
discussed in more detail in appendix B.4.
Measuring the casing pressure using time-resolving pressure transducers is a wellestablished method of investigation at the institute (see for example Kegalj [100],
Biela et al. [21]) and was applied at the LSTR for the first time within this work. An
axial array of 31 flush-mounted pressure transducers (Kulite XCS-062-0.35bar D)
was applied in a rotor casing insert, covering the distance from 12 % axial chord
( x/ca x = −0.12) upstream of the tip leading edge to 28 % axial chord ( x/cax = 1.28)
downstream of the tip trailing edge (figure 4.8).

4.4.1 Transducer Calibration
To relate the transducer output voltage to a given pressure, a static calibration
was conducted for all sensors using a high precision pressure controller (Fluke
PPC4 A160Ks). Before calibration, all sensors were mounted in their final position
in the casing insert and then the insert was fixed to a specifically manufactured
calibration enclosure that was pressurized as a whole. Pre-tests had shown that the
sensor characteristic is virtually linear in the considered calibration pressure range
(99. . . 117 kPa). The calibration was conducted for three calibration pressures pcali b
4.4 Time-Resolved Casing Pressure Measurements
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Figure 4.8: Time-resolved casing pressure transducer setup

(99 kPa, 108 kPa, 117 kPa) and the corresponding voltages Ecali b were recorded.
A linear regression was applied to obtain the calibration fit p(E) (equation 4.27).
Typical values for the pressure sensitivity a were between 4100 Pa/V and 4250 Pa/V.
The maximum residual was between 2 Pa and 23 Pa, with the residual being below
10 Pa for 80 % of the sensors.

p(E) = a · E + b

(4.27)

Both the pressure sensitivity a, but also the pressure offset b are subject to changes
in operating temperature. For this reason, the sensor includes a built-in temperature compensation for a range of 25 ◦ C to 80 ◦ C, which covers the whole range
of operating temperatures at the LSTR. While this type of compensation reliably
minimizes temperature effects on the sensitivity a to an extent that they are negligible, the absolute changes in sensor resistances result in a thermal zero shift (Kulite
Semiconductor Products [110]), so that the offset b will vary inevitably. To avoid
re-calibrating the transducers before each measurement, the measurement amplifier
unit includes a tara-zero adjustment, which makes it possible to zero the offset b
at the beginning of each measurement10 , thus minimizing the effect of the thermal
zero shift (details in Lieber [125]).
10
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Still, an unavoidable shift in b between zero-tara, which is conducted before rig run up, and
the end of a continuous measurement series will occur, for example due to the warming up of
the test rig and cell. By comparing the zero pressure offset before and after measurements, the
drift in b was determined to be between 30 Pa and 185 Pa, depending on the transducer, over
approximately a 2 h period and including rig warm up.

4 Methods of Investigation

4.4.2 Data Acquisition and Processing
The transducer signal was fed through an analog measurement amplifier system,
which amplified the transducer output (maximum 125 mV) by a factor of 80 to
exploit the full 10 V range of the A/D board. To avoid noise due to the sensor
eigenfrequency at 150 kHz, the signal was low-pass filtered in the amplifier unit at
75 kHz. All 31 pressure transducers were sampled synchronously by the A/D board
with a frequency of 500 kHz, leading to a resolution of 833 circumferential points
per rotor passage for a rotational speed of 1000 rpm.
Data post-processing was conducted in a phase-locked manner as described in
section 4.1.4. The composition introduced in equation 4.3 was applied accordingly
to the time-resolved pressure signal p (t) to separate the mean pressure p̄, the
periodic part p p (ϕ), and the fluctuating part p0 (t) (equation 4.28).

p (t) = p̄ + p p (ϕ) + p0 (t)

(4.28)

The periodic part of the pressure at a certain rotor relative position p p (ϕ) was
calculated using the ensemble average11 over all rotor passages 〈p〉 (ϕ) for n rotor
revolutions. To assess the magnitude of pressure fluctuation at a certain rotor
relative position ϕ , the fluctuation of the pressure is defined as the relative standard
deviation σ r el (ϕ) at this position (see also figure B.6).

v
u
n
1 t 1 X 0
σ r el (ϕ) =
p (ϕ) − 〈p〉 (ϕ)
〈p〉 (ϕ) n − 1 i=1 i

(4.29)

The measured rotor casing pressure p(t) is non-dimensionalized using the mean
static pressure measured by the casing pressure taps at the rotor inlet p̄s,M E02
and the mean total pressure measured by the rakes at the turbine inlet p̄ t,M E01
(equation 4.30).

cp =

11

p(t) − p̄s,M E02
p̄ t,M E01 − p̄s,M E02

(4.30)

For the time-resolved pressure measurements, the arithmetic mean was used for ensemble
averaging (equation B.19), in contrast to the application of the median as described for the
hot-wire data in appendix B.3.
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4.5 Steady Film Cooling Measurements10
The rotor blade tip is among the areas that experience the highest heat load due
to hot fluid passing through the gap between tip and casing. If the tip is not
cooled properly, it is prone to take thermal damage11 and its lifetime declines.
Consequences include an increase in tip clearance and aerodynamic loss, leading
to a reduction in turbine efficiency. By applying film cooling, the coolant acts as a
protective layer between the hot gas and tip surface, reducing the thermal load. As
a suitable measurement technique to investigate the film cooling effectiveness on
the tip surface, pressure sensitive paint has been chosen (appendix B.5.1).

4.5.1 Film Cooling Effectiveness Measurements using PSP
Pressure sensitive paint (PSP) contains luminescent molecules that emit light of a
wavelength longer than an excitation wavelength. By the photophysical process
of oxygen quenching, the emission intensity I increases as the partial pressure of
oxygen or equivalently the oxygen concentration on the paint surface decreases.
Therefore, PSP can be used for pressure or coolant gas concentration measurements.
The application of PSP for turbine blade film cooling investigations is reviewed by
Han and Rallabandi [75] and summarized below:

η=

CO , f g − CO2 ,ai r
Taw − T∞
C − C∞
1

P
≈ w
= 2
=1−
.
/P
Wf g
O
,ai
r
O
,r e f
T −T
C −C
CO2 ,ai r
− 1 Wai r
1 + P 2 /P 2
| C {z ∞} | C {z ∞} |
{z
}
O2 , f g O2 ,r e f
{z
}
|
I
II
III
IV

(4.31)

I. Adiabatic Effectiveness: Assuming low conductivity blade materials, the adiabatic film cooling effectiveness η can be defined (see section 2.4.1) using the
temperatures of the main flow T∞ , the coolant TC , and the adiabatic wall Taw
(equation 4.31-I).
II. General Mass Transfer Analogy for Film Cooling: The analogy between heat
and mass transfer can be applied if the flow is (1) turbulent, so that the ratio
of turbulent thermal diffusivity to turbulent mass diffusivity, described by
the turbulent Lewis number Le T , is around unity ( Le T ≈ 1), and (2), if the
flow is low-speed ( M a  1), so that the viscous energy dissipation and the
influence of pressure gradients can be neglected in the boundary layer energy
equation (Kays and Crawford [99]). Both conditions are usually met in a
10
11
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The following section is a reworked and extended version of the method description in Wilhelm
and Schiffer [218].
For details on gas turbine failure mechanisms see Meher-Homji and Gabriles [138].
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low-speed turbine rig. Appropriately, η can be defined using a tracer element
that is present with concentrations C∞ in the mainstream, CC in the coolant,
and Cw near the wall (equation 4.31-II).
III. PSP Mass Transfer Analogy for Film Cooling: To isolate the pressure response
of the paint from the concentration response, two separate experiments are
carried out.
i. Air injected as coolant: The oxygen concentration of the coolant is the
same as in the main stream. In this way, the underlying pressure distribution caused by the main flow and the coolant injection is accounted
for. The resulting emission intensity is I air and the corresponding oxygen
partial pressure and concentration fields are PO2 ,air and CO2 ,air = C∞
(equation 4.31-III).
ii. Foreign gas injected as coolant: The paint responds to the oxygen concentration distribution resulting from the mixing between the oxygen-free
coolant and main flow. The resulting emission intensity is I f g and the
corresponding oxygen partial pressure and concentration fields are PO2 , f g
and CO2 , f g = Cw . Carbon dioxide was used as foreign gas (Cc = 0) to
achieve a coolant-to-mainstream density ratio of 1.5.
IV. Conversion between Concentration and Pressure: As deduced by Charbonnier
et al. [39], oxygen concentration is converted to oxygen partial pressure
knowing the molecular weight of air Wai r and the foreign gas W f g (equation 4.31-IV).
V. Conversion between Pressure and Intensity: For this investigation, an intensitybased PSP method is used as described by Liu and Sullivan [128]. During the
experiments, the paint emission intensity is recorded by the camera for a fixed
exposure time. Afterwards, the relationship between the recorded intensity
and pressure is established via a calibration.
i. Experiment: As described in III, two experiments are conducted resulting
in the intensities I ai r (T ) and I f g (T ). A reference image I r e f (T ) is taken
right after the experiment when the rig is turned off. The temperature
change between experiment and reference image is monitored and taken
into account during calibration. In addition, a dark image I dar k is taken
to account for the dark noise of the camera.
ii. Calibration: A specimen that has been painted simultaneously to the
blade tip is placed in a calibration chamber (appendix B.5.2) based
on a design by Bitter [24]. The chamber pressure is controlled by a
pressure controller (Fluke PPC4 A160KS) to within ±1 Pa. The specimen
temperature is kept constant to within ±0.1 K using a Peltier-heater. A
reference image is taken at the same conditions as the reference image
for the rig experiment. The chamber pressure is then varied and images
4.5 Steady Film Cooling Measurements
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are taken at the same temperatures as during the rig experiment. A
polynomial curve fit is applied (equation 4.32, A = 0.1143, B = 1.0993,
C = −0.2716, D = 0.0733) relating the measured intensities to pressures
(figure 4.9b).

I ai r/ f g (T ) − I d ar k

= A(T ) + B(T ) y + C(T ) y 2 + D(T ) y 3
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Figure 4.9: Pressure sensitive paint optical setup and calibration curve

4.5.2 PSP Measurements on Rotating Blades
One challenge posed by the application of PSP on rotating blades is the trade-off
between maximizing the signal-to-noise ratio (SNR) while minimizing the effects of
blade movement. Different approaches have been used in the past to address this:
i. Phase-Locked Methods based on Paint Lifetime or Intensity: A strobe light
synchronized with the rotor is used to excite the paint (Wong et al. [221],
Watkins et al. [210]). The once-per revolution signal is collected on the
image sensor with an open camera shutter over several hundred revolutions
to improve SNR. This method requires high cycle-to-cycle stability and is
susceptible to image blur.
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ii. A specific Phase-Locked Method based on Intensity: Here, a synchronized strobe
light is used as (Suryanarayanan et al. [200], Rezasoltani et al. [172]). However, the image sensor is read out for every revolution, thus limiting the
collected signal. Several hundred images are captured and averaged, accounting for cycle-to-cycle instabilities in blade movement and excitation
intensity.
iii. Single-Shot Methods based on PSP Lifetime: A laser is used as a high-energy
excitation source leading to a high SNR (Juliano et al. [93], Disotell et al.
[51], Weiss et al. [212], Wong et al. [222]). A double shutter particle image velocimetry (PIV) camera records a set of images with very short exposure times,
minimizing the effects of cycle-to-cycle instabilities and blade movement.
While methods (i) and (iii) have been applied for pressure measurements, only
method (ii) has been applied for film cooling effectiveness measurements. Method
(iii) seems very promising for rotating applications; however, it could not be applied
at the LSTR since no appropriate laser/paint combination was available. Method
(ii) was tested, but discarded due to the low SNR. It was therefore decided to
use method (i) and minimize its drawbacks by a tailored experimental design and
appropriate image processing.

4.5.3 Optical Setup
PSP (paint type UniFIB by ISSI) was applied evenly to the rotor tip with a spray
gun. The luminescent molecules within the paint were excited by a high-power LED
(IL-106UV390 by HardSoft) at 390 nm wavelength (figure 4.9a). After excitation,
the paint emitted light in the range of 620-750 nm. The emission intensity was
recorded using a CCD camera (Imager Pro X 2M by LaVision with a ZF2-MakroPlanar T*50/2 objective lens by Zeiss) through a silicia glass window (HPFS 7980
by Corning). An optical filter (610 nm by Heliopan) was used to block any excitation light. The aperture setting was chosen to ensure a sufficient depth of field for
a sharp depiction of the area of interest. To shield the camera from ambient light,
the whole setup was enclosed with blackout material. Further details are given by
Langguth [115].

4.5.4 Recording Sequence
The excitation light source was used in strobe mode so that the blade seemed
stationary. As a trigger, the light barrier sensor at the rotor shaft was used. Each
flash had a duration of 5 µs resulting in a rotational blur of 0.3 mm. The camera
exposure time was chosen between 25. . . 35 s to exploit the full-well capacity of
the 14-bit camera. At a rotational frequency of 16.67 Hz, this resulted in 416 to
4.5 Steady Film Cooling Measurements
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583 revolutions being captured on a single image. Typical values for the SNR were
around 40. Because even small variations in shaft speed could cause additional blur
on this cumulative image, the circumferential position of the trigger was chosen so
that the blade tip would be right in the field of view when the light was triggered,
without adding any artificial delay. For each tip configuration and injection ratio,
one cumulative image was taken for air and carbon dioxide injection respectively,
along with one corresponding dark image and one reference image. Further details
on the image processing including marker detection, intensity mapping, camera
calibration, and image deblurring, can be found in appendix B.5.

4.5.5 Measurement Uncertainty
A detailed uncertainty calculation was conducted as proposed by Liu and Sullivan
[128] for PSP measurements relying on the intensity-ratio method as applied in the
present study.
• Absolute Uncertainty: The uncertainty calculation takes into account the systematic and random uncertainties in calibration and rig measurements for
both air (u PO ,air ) and foreign gas (u PO , f g ) pressure maps (equation 4.33).
2

uη =

2

v
u
t

∂η
∂ PO2 ,ai r

2

∂η
+
∂ PO2 , f g


· u2PO ,air
2

2
· u2PO

2, f g

(4.33)

The resulting uncertainty uη is the mean absolute uncertainty across all pixels
and can be expressed as a function of the cooling effectiveness η (figure 4.10a,
solid line).
• Contributors in Calibration: There are several main contributors to the measurement uncertainty that are considered in this context (figure 4.10b). First,
calibration uncertainties can be expressed as the uncertainty in the calibration
coefficients using a Taylor Series method (Coleman and Steele [44]). For
reasons of simplicity, the uncertainty was calculated as if a linear relationship
was used for calibration. Thus, equation (4.32) becomes the Stern–Volmer
relation with calibration coefficients A (Intercept) and B (Slope). Uncertainties
in calibration arise mainly from the photodetector noise of the CCD camera
and the temporal variation in illumination (20–40 counts), but also from the
sensor nonlinearity (16–18 counts), and to a small extent from the pressure
and temperature measurements.
• Contributors in Measurement: The elemental uncertainties taken into account
for the rig measurements include temperature non-uniformity, reference pressure measurement, photodetector noise, pressure mapping on the 3D-surface,
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Figure 4.10: Pressure sensitive paint measurement uncertainty uη

and blade motion. Uncertainties during measurement stem mainly from the
temperature gradient on the blade surface that is estimated using CFD to ±1
K, but again also from photodetector noise.
• Repeatability: The absolute uncertainty is useful when comparing the acquired
data to CFD results or measurements taken with different setups by other
researchers. However, the uncertainty when comparing results obtained with
the same measurement setup to one another is often much smaller and can be
referred to as repeatability (figure 4.10a, dotted line). To asses the repeatability,
several calibration re-runs were conducted at the calibration chamber. This
was done with various exposure times and at various temperature levels
similar to those used in the previously conducted rig experiments to simulate
typical experiment-to-experiment variations. It was found that the uncertainty
between repeated measurements is generally about three to four times smaller
than the absolute uncertainty.
• Resolution: The minimum measurement resolution ∆ηmin for a single cooling
effectiveness measurement was calculated to ∆ηmin = 0.013 − 0.017. This
high resolution in η combined with the high spatial resolution makes it possible
to resolve even small local changes in η.
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4.6 Steady Numerical Simulations
The steady numerical simulations are meant to complement the aerodynamic experimental results and fill gaps in the three-dimensional interpretation of the flow
field. No computations have been conducted by the author himself, but instead
previously existing results from steady Reynolds-Averaged Navier Stokes (RANS)
computations (see appendix A.6) were utilized and re-evaluated. The computational
setup was originally developed by Hilgert et al. [82], while Leonhard Gresser12
refined the existing mesh at the rotor tip, adapted the operating point to match the
experimental conditions for the present study, and reran the computations for all
three inflow conditions (AX, SWL, SWP). The corresponding data evaluation routine
has been developed and described by Bachmann [16].

Figure 4.11: CFD domain (image by Leohnhard Gresser)

4.6.1 Numerical Setup
The numerical setup is described in detail by Hilgert et al. [82] and summarized
below:
• Domain: The CFD domain (figure 4.11) consists of a fully modeled swirler,
two NGV1 passages, one rotor blade passage, and one NGV2 passage. All
coolant cavities and holes are included, except the film cooling configuration
at the rotor tip, so that the numerical results are generally shown for the case
12
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of an uncooled tip13 . Between stators and the rotor, mixing plane interfaces
are used. At the inlet, a homogenous p t and Tt distribution is set 2.6 NGV1
chord lengths upstream of the swirler. A mass flow outlet boundary condition
is set one NGV1 chord downstream of the NGV2. For the coolant flows, Tt and
ṁ are set.
• Mesh: The domain was meshed using Centaur 10.6 with tetrahedral cells for
the inner fluid domains and prismatic cells to resolve the wall boundary layers
(15 layers on the end wall, five layers for NGV TE cooling and coolant holes).
The unstructured mesh has an average y + of below 1.5 and a mesh sensitivity
study was conducted to ensure the mesh resolution was sufficient. The cell
number at the turbine inlet/NGV1 depends on whether or not the swirler is
included and varies between AX (NGV1 only: 37.7 M) and SW (NGV1 and
swirler: 54.2 M), while the rotor contains 3.9 M and the NGV2 2.9 M cells in
any case. The total number of cells therefore is 44.5 M (AX) or 61 M (SW)
respectively.
• Method: The Navier-Stokes equations (appendix A) were solved using ANSYS
15 CFX. Menter’s SST-k-ω 2-equation model (Menter [139]) was applied,
which uses the k-ε turbulence model in the free flow regions and the k-ω
turbulence model close to the wall.

4.6.2 Validation
Generally, numerical and experimental data are in good agreement, both quantitatively as well as qualitatively, with some limitations summarized in this section.
Further details on the validation of the numerical results based on the experimental
data (5HP, HWA) are included in appendix B.6.
The match between CFD and experiments at the rotor inlet (ME02) is very good
(∆M a/M a|ma x < 5 % between CFD, 5HP, and HWA), as unsteadiness is low and
velocities are high, the latter positively affecting measurement uncertainty. Only
near the casing, the radial angle γ obtained by experiments is not realistic, which
can be attributed to the casing hole through which the probes enter the channel.
Downstream of the rotor (ME03), unsteadiness is high, which is not well captured
by the CFD. Also, measurement uncertainties are higher due to the lower velocities,
as well as the unsteadiness which is not captured by the 5HP, leading to higher
13

Additional numerical simulations have been conducted by Alaya [7] in conjunction with the
industrial partner Rolls-Royce Deutschland. However, these results are only used to assess the
mass flow distribution across the coolant holes (appendix C.2.1), and not for further aerothermal
interpretation.
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deviations (∆M a/M a|ma x < 25 % between CFD and 5HP, ∆M a/M a|max < 15 %
between 5HP and HWA).
Within this work, the CFD is mainly used for qualitative interpretation of the near
tip flow field. For this purpose, the match between experiments and numerical
simulations is considered sufficient, and the CFD is therefore deemed validated.
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5 Stage Characterization
Typically, a turbine converts fluid energy into shaft power, mainly by altering the
fluid’s velocity, which inevitably causes changes in fluid pressure (Rick [174]). A
beneficial turbine design minimizes the fluid energy input required to reach a desired
power output, thus maximizing the turbine’s overall thermodynamic efficiency. For
a given turbine inflow, the achievable efficiency is inseparably tied to the capability
of the turbine geometry to change the fluid’s velocity with as little loss as possible.
As such, the global turbine performance is highly dependent on local aerodynamic
phenomena causing such loss, for example secondary flows, or, in more general
terms, all processes that convert fluid energy into heat by dissipation1 . Vice versa,
an understanding of local processes is the prerequisite for improvement on the global
scale.
The turbine stage (NGV1 and rotor) is now first viewed from the global perspective (0D and 1D) within the following chapter based on the steady flow field
measurements (section 4.2). Three main aspects are considered:
• How efficient are the stator and rotor in terms of altering the fluid velocity
and how do they compare in terms of loss?
• What are the details in the process of work extraction from the fluid by the
rotor, and especially, what can be said about the work extraction in the near
tip region?
• What is the effect of swirl on the stage and especially on the rotor performance?
The findings associated with these questions prepare the ground for further, more
detailed local analyses in subsequent chapters.

5.1 Process Efficiency
The thermodynamic process representing the turbine stage is described for axial
inflow using an enthalpy-entropy chart (figure 5.1), with 0hdenoting the stator
inlet (ME01), 1hthe stator exit/rotor inlet (ME02), and 2hthe rotor exit (ME03).
Across the stator, the specific total enthalpy h t is constant (h t0 = h t1 ), since no work
is extracted or added and the casing is close to adiabatic. Across the rotor, h t is
reduced due to the work extraction, with ∆h t T denoting the mass specific work
1

One exception is the case of heat release by dissipation resulting in a temperature and/or pressure
rise. This energy is then again available to the turbine for conversion into shaft power.
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output of the stage. While an ideal process would be isentropic (s = const.), for a
real process the entropy s will increase due to loss. In the case of the LSTR-stage,
the entropy rise across the rotor (s2 − s1 ) is higher than across the stator (s1 − s0 ),
indicating that the rotor loss dominates the stage in terms of efficiency reduction,
thus carrying a higher potential for improvement.
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Figure 5.1: Enthalpy-entropy chart for axial inflow (5HP, rakes)

To further quantify these observations, the pressure loss coefficient Y (equation 2.6)
and the entropy loss coefficient ζ (equation 2.5) are calculated, using the mass
averaged quantities at the respective inlet planes (details in section 4.2.2). Looking
at ζ (table 5.1), the loss in the rotor for axial inflow is about 30 % higher than in the
stator. The higher loss impairs the ability of the rotor to increase the fluid velocity
and thus convert the fluid energy into shaft power, as is reflected by the component
2
efficiencies. While the stator efficiency ηS = c12 /c1is
is at 93.5 % for axial inflow, the
2
2
rotor efficiency ηR = w2 /w2is is 2.9 pp lower.
Applying swirl at the turbine inlet does not have a major effect on stator performance,
as the loss only slightly increases, decreasing the stator efficiency ηS by 0.4 pp.
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Symbol

Quantity

AX

SWL

SWP

YS

Stator Pressure Loss

0.10

0.11

0.11

YR

Rotor Pressure Loss

0.10

0.14

0.14

ζS

Stator Entropy Loss

0.10

0.11

0.11

ζR

Rotor Entropy Loss

0.13

0.15

0.15

ηS

Stator Efficiency

93.5%

93.1%

93.3%

ηR

Rotor Efficiency

90.9%

87.7%

87.9%

Δη

Stage Efficiency Change

Ref.

-0.96pp

-1.05pp

Table 5.1: Stator and rotor performance (5HP, rakes) and stage efficiency change (stage
efficiency taken from Eitenmüller et al. [53])

In contrast, a more significant increase in loss can be seen in the rotor2 , which
leads to a decrease in rotor efficiency ηR of 3.2 pp. Overall, the stage efficiency is
approximately decrease by 1 pp when swirl is applied Eitenmüller et al. [53]. For the
two investigated swirler-to-stator clocking positions, no significant effect on loss and
performance can be seen in this study, due to the reasons explained in section 4.1.2.
However, as it has has been shown by Eitenmüller et al. [53], who investigated a
wide variety of different swirler-to-stator clocking positions, differences of about
±0.5 pp in ∆η do exist, with the most beneficial position being the swirler clocked
to about 0.3 stator pitch towards the stator PS.
Another interesting trend depicted in the enthalpy-entropy chart (figure 5.1) is
the increase in the rotor relative total enthalpy h t r (h t r2 > h t r1 ). There are two
2

These observations are in contrast to results by Beard et al. [19] and Schneider [185]. As
explained in section 2.3.8, they found that the stator is mainly affected by swirl in terms of
loss, while the rotor is mainly affected by the radial hot-streak position (not present in this
study). However, the steady CFD results (details by Puthod [167]) support the increase in loss
at the LSTR also found by 5HP measurements, so it is not likely that a possible measurement
error is responsible for these deviations. For the study by Beard et al. [19], the swirl number
(S = 0.6) was comparable to this study, however the swirl sense of rotation was opposite (positive
swirl), as such a positive incidence at the rotor was expected. In the study by Schneider [185],
the considered swirl numbers were lower (S = 0.1 . . . 0.3). Both studies had lower turbulence
intensities at the turbine inlet. On the other hand, in the present low-speed study the pressure
ratio and thus acceleration throughout the turbine is low. These differences in conjunction
with the mass flow deficit in the lower half of channel in the rotor detected in this study (see
section 5.2) are very likely to alter the secondary flows, possibly being the reason for the observed
disparities. For clarification, these parameters should further be varied for the LSTR to identify
their impact on stage loss and performance.
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possible explanations for this behavior: (1) A radially outward streamline curvature
in the rotor, for example caused by centrifugal forces or blockage effects near the
hub, could carry fluid particles towards greater radii, thus increasing their relative
velocity w due to the increase in circumferential speed. Or (2), the casing may
increase the kinetic energy of near-casing fluid particles, for in the rotating frame of
reference, the casing wall appears to be moving relative to the fluid particles.
For this reason, it is generally beneficial to consider the entropy loss coefficient ζ
rather than the pressure loss coefficient Y in rotating machinery, since aforementioned effects alter the rotor relative stagnation pressure (and temperature) and
thus distort Y . Differences between these two coefficients on the other hand may
serve as an indication of the presence of said effects (table 5.1), as is the case for
the rotor (further discussion in section 5.2)

5.2 Stage Parameters
To characterize the work extraction process in a turbine, four commonly used parameters (Rick [174]) are the stage reaction rh , the stage loading Ψh (dimensionless
form of the Euler turbine equation), the flow coefficient Φ (defined for a certain
traverse plane), and the compressibility ratio µ21 (equations 5.1 to 5.4).

rh =

∆h00is
∆h0is

+ ∆h00is

(5.1)

Ψh =

cϕ1 − cϕ2
u

(5.2) Φ =

cax
Φ
(5.3) µ21 = 2 (5.4)
u
Φ1

The stage reaction rh describes the split of static enthalpy change between the
rotor ∆h00is and the stator ∆h0is . For smaller rh , the flow is merely turned in the rotor,
while for higher rh , the rotor acts increasingly like a nozzle. Generally, the profile
loss is lower in higher reaction blades, as the acceleration of the flow will help
reduce flow separation and make the blade more robust towards incidence (Ainley
and Mathieson [6]). However, the lower turning decreases ∆cϕ = cϕ1 − cϕ2 , with
cϕ being the circumferential component of the absolute velocity, thus decreasing
the achievable stage loading Ψh , which is the mass specific power generated by the
rotor as a result of the work extraction from the fluid. Best efficiencies are reached
with rh close to 0.5, but on the other hand Ψh will be lower in this case.
For the LSTR rotor, as is common for axial turbines, rh increases from hub to casing
(figure 5.2a), with values from rh ≈ 0.3 near the hub and rh > 0.5 near the casing
and an average stage reaction of rh = 0.44 (table 5.2). Due to the increase in
circumferential speed u for greater radii, turning in the rotor is reduced and rh is
increased. To prevent flow separation near the LE and counteract the decrease in
∆cϕ for greater radii, the rotor profiles are twisted (figure 5.3) towards steeper
100

5 Stage Characterization

stagger angles as the radius increases, therefore limiting the reduction in loading
Ψh .
Correspondingly, the low reaction near the hub leads to a high blade loading in this
region with values peaking at Ψh ≈ −2.5 (figure 5.2b). Besides the greater specific
work that can be extracted by a highly loaded blade, a low reaction may thermally
unload the rotor platform. This is the result of a stronger acceleration in the stator,
that leads to a lower static temperature of the hub-side flow entering the rotor, and
as such to a lower rotor relative total temperature and consequently to a lower
recovery and adiabatic wall temperature. With increasing radius, the loading is
decreased with minimum values of Ψh ≈ −1.2 near the casing. The average loading
is at Ψh = −1.86 (Ψh = −1.88 for SWL/SWP) (table 5.2). For comparison, typical
values found in literature for high power turbines at midspan are in the range of
Ψh ≈ −1.3 . . . − 2.2 (Bräunling [28], p. 644).

Symbol

Quantity

AX

SWL

SWP

rh

Stage Reaction

0.44

0.44

0.44

Ψh

Stage Loading

-1.86

-1.88

-1.88

Φ1

Flow Coefficient Rotor in

0.39

0.45

0.45

Φ2

Flow Coefficient Rotor out

0.44

0.44

0.45

μ21

Compressibility Ratio

1.29

1.15

1.17

Table 5.2: Average stage parameters (5HP, rakes)

The flow coefficient Φ relates the axial velocity ca x to the circumferential speed u,
therefore it is a measure for the through flow (and also for the whirl angle), with
higher values of Φ indicating higher mass flows (and lower whirl angles) and vice
versa. At the stator inlet/rotor outlet (ME02), Φ1 has a characteristic wavy shape for
axial inflow (figure 5.2d), which is a remnant of the stator vane trailing edge cooling
slots (Werschnik et al. [215]), and increases towards the hub due to the higher axial
velocities in this region. For swirling inflow, Φ1 increases both in the casing and
hub region. This is a result of the mass flow redistribution towards the channel
endwalls caused by the residual swirl core at the turbine inlet (Werschnik [213]).
At the rotor outlet (figure 5.2e), only a slight increase in Φ2 from AX to SWL/SWP
near the endwalls is visible. Apparently, upon leaving the rotor, the majority of the
original mass flow non-uniformity caused by swirl has been evened out.
5.2 Stage Parameters
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Figure 5.2: Circumferentially averaged stage parameters for different relative channel
heights h r el (5HP, rakes)
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Figure 5.3: Velocity triangles and rotor profiles at four channel heights for axial inflow (5HP)

Coming back to the peculiar increase in rotor relative total enthalpy h t r observed in
the enthalpy-entropy chart (figure 5.1), the first possible explanation (radially outward streamline curvature) can be further explored by looking at the compressibility
ratio µ21 , which is the ratio of Φ2 to Φ1 . As the name suggests, µ21 is conventionally
used to describe the compressibility of the fluid passing through the rotor (Rick
[174]). For example, assuming a streamtube with constant massflow, an increase in
density along the streamtube would reduce the outlet axial velocity, thus reducing
µ21 . However, in the present case, density changes across the rotor are small (below
3 % relative to the rotor inlet density), thus µ21 serves primarily as a measure of
radial mass flow redistribution from rotor inlet to outlet, or as such as an indicator
for streamline curvature, that might cause the observed rise in h t r .
For all inflow cases (figure 5.2f), µ21 is below unity3 for channel heights h r el <
0.3. In this region, ca x must consequently be decreased from rotor inlet to outlet,
corresponding to a mass flow deficit. This has also been observed by Hilgert et al.
[82], who contributed the mass flow distribution to the blockage effect of the hubside passage vortex. In the central part of the channel from h r el > 0.3, µ21 is above
unity, corresponding to an increase in ca x , indicating a mass flow surplus. It is
therefore concluded that much of the mass flow entering the rotor near the hub is
3

On a side note, it needs to be pointed out that the low values for µ21 close to the hub also
indicate an adverse pressure gradient, so that the fluid is probably decelerated in this region. As
such, the flow might separate from the hub. This is not further investigated within the present
study, as the focus lies on the rotor tip.
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moved radially outward towards the channel center, thus causing a radially outward
curvature throughout most of the rotor that increases the fluid particles’ kinetic
energy, benefiting from higher circumferential speeds. However, the substantial
mass flow distribution is very likely also a source of loss and reduces the ability
of the rotor to extract work, which could negate potential benefits to h t r by the
streamline curvature.
A region of special interest in the present study is the near tip region close to the
casing. In terms of µ21 , a sudden increase is seen for a channel height of h r el > 0.9.
This is associated with the tip leakage, where mass from lower parts of the channel
enters the tip gap region, causing the increase in µ21 .
Lastly, the influence of the casing wall on the near wall fluid is discussed in this
context in terms of its possible effect on the rotor relative total enthalpy h t r . Fluid
particles moving through the rotor are imposed with the rotor’s circumferential
speed. To these fluid particles, the rotor hub and blades appear as if they were
stationary (neglecting secondary flows or separation effects). On the other hand,
the fluid particles experience the casing wall as a moving surface, similar to cascade
experiments that use a conveyor belt to simulate a relative wall motion. The effect
of the wall would be expected to act upon the circumferential component of a fluid
particles’ rotor relative velocity wϕ and should be largest for fluid particles closer
to the casing, and negligible for fluid particle close to the hub. Thus the change in
the fluid particles’ rotor relative circumferential kinetic energy relative to the inlet
circumferential kinetic energy ∆Kwϕ ,r el is defined (equation 5.5).

∆Kwϕ ,r el =

∆w2ϕ
w2ϕ1

=

w2ϕ2 − w2ϕ1
w2ϕ1

(5.5)

As predicted, ∆Kwϕ ,r el rises significantly as the casing wall is approached (figure 5.2c), signifying the effect of the relative casing motion, while ∆Kwϕ ,r el is
constant for channel heights of h r el < 0.4, where the casing wall is too far away and
not felt by the fluid particles anymore. Therefore, the casing wall motion relative to
the rotor frame of reference does indeed contribute to a rise in h t r in the rotor.
Curiously however, ∆Kwϕ ,r el is not increasing monotonously all the way up to the
casing, as for channel heights of h r el > 0.9 a drop is visible. As already indicated by
the rise in µ21 for h r el > 0.9, this is the region of the tip leakage flow that generally
crosses the tip gap from blade PS to SS, against the direction of relative casing wall
motion, thus reducing wϕ2 . Consequently, the increase of the kinetic energy by the
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relative casing wall motion is partly counteracted by the tip leakage flow in this
region.
It is important to note, that closer to the casing, starting at h r el > 0.7 , notable
changes between the different inflow conditions appear. While for swirling inflow,
a greater reduction in ∆Kwϕ ,r el is seen for h r el > 0.9, ∆Kwϕ ,r el is increased for
h r el < 0.9, indicating that the effect of the relative casing wall motion is more
prevalent in this region. In anticipation of subsequent chapters, this is the combined
result of a stronger tip leakage vortex and a weaker upper passage vortex for the
swirling inflow case.

5.3 Blade Loading
Within the framework of the previously introduced stage parameters, the flow
through the vane and blade rows is treated as a “black box”, and only average
flow quantities at the row inlet and outlet stations are considered. Additional rotor
blade profile pressure measurements have been conducted via a telemetry system
(appendix B.2) for the axial inflow case to contribute information about the flow
progression through the rotor blade row. They also provide further validation for
numerical simulations, based on which the effect of swirl on the profile pressure
distribution is then shown.
The pressure profiles are directly related to the stage loading Ψh , as the integral of
the pressure difference between PS and SS multiplied by an effective area equals
the net force F = ∆pA exerted by the fluid onto each of the blades (blade number
k), which, together with a representative radius r and angular speed Ω, can be used
to calculate the power output PT (equation 5.6). As such, the pressure distribution
c p plotted over the blade chord x/ca x for PS and SS (figure 5.4) is representative of
the blade loading, however, in contrast to Ψh , in a non-mass specific form.

∆h t T =

PT
kF rΩ
=
= Ψh u2
ṁ
ṁ

(5.6)

The pressure profiles exhibit a trend of increasing c p along the PS for greater h r el
caused by the increase in stage reaction towards the casing. The characteristic shape
of c p along the PS remains similar for all considered channel heights, with little
change in c p for x/ca x < 0.6, followed by a drop in c p towards the TE. It follows
that the main part of the PS fluid acceleration is achieved along the rear 40 % of the
axial chord. In contrast to the previously observed high stage loading in the lower
part of the channel, the area enclosed by the pressure profiles (and thus the work
5.3 Blade Loading
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Figure 5.4: Rotor pressure profiles at different channel heights as obtained by pressure
measurements via telemtry (AX, ◦) and CFD (AX and SWL, •)

extracted from the flow) at h r el = 0.1 (figure 5.4a) is relatively small. Especially
along the SS for x/ca x < 0.4, c p only decreases slowly, indicating only little axial
flow acceleration. This can be associated with the mass flow deficit in the lower part
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of the channel observed in the previous section, which reduces the work extraction
in this lower part of the channel despite the high loading4 .
Towards greater channel heights (figures 5.4b to 5.4d), the SS c p distribution
becomes steeper towards the rotor inlet, indicating an increasing fluid acceleration
near the SS LE, which is a result of the increased twist in the rotor profiles towards
the casing. The acceleration continues until the minimum in c p is reached towards
the rear of the blade, which varies depending on the channel height between
x/cax = 0.6 . . . 0.9. Overall, the pressure profile is most bulgy towards the rear, with
highest pressure differences between PS and SS being found there, indicating that
most of the work extraction occurs towards the latter half of the blade, so that the
blade is back loaded for all channel heights.
Close agreement is achieved for the profile pressures between the experimental
data (◦) and the numerical simulations (•) for axial inflow, thus the simulations are
deemed reliable to indicate the impact of swirling inflow (SWL) on the blade loading
(since no profile pressure measurements are available for this case) (figure 5.4). For
all channel heights, c p along the PS is unaffected by the swirling inflow condition,
while the SS c p is increased throughout, so that the loading is reduced. For h r el =
0.86 (figure 5.4d), a reduction in loading can especially be seen towards the trailing
edge, making the blade less back loaded in this case. This is important in regards to
tip leakage, which is driven by the pressure difference between PS and SS in this
low-speed investigation. As it will again be shown in later chapters, this reduction
in loading at the back of the blade tip caused by swirling inflow also reduces the tip
gap leakage at the TE, which in turn affects the secondary flow structure and tip
surface cooling.

5.4 Summary
• The loss in the rotor is generally higher than the stator loss, both for axial
inflow (ζS = 0.10, ζR = 0.13) and swirling inflow (ζS = 0.11, ζR = 0.15),
with swirling inflow especially increasing loss in the rotor.
• As a result, the rotor efficiency is lower than the stator efficiency, both for axial
inflow (ηS = 93.5 %, ηR = 90.9 %) and swirling inflow (SWL) (ηS = 93.1 %,
ηR = 87.7 %), with swirl decreasing overall efficiency by about 1 pp.
• Very little differences in terms of stage loss and efficiency are seen between
the two investigated swirl clocking positions (SWL/SWP), part of the reason is
the circumferential shift in the swirl core position occuring in annular rigs that
had not been accounted for, so that the investigated clocking positions do not
4

This could also be a region where a flow separation on the blade profile occurs.
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represent the clocking positions that would have maximum effect on the stage
performance.
The rotor is very highly loaded near the hub (Ψh = −2.6), but loading decreases towards the casing to medium high values (Ψh = −1.3).
Correspondingly, a low stage reaction is found near the hub ( rh ≈ 0.3) due
to the high turning of the flow. Stage reaction increases towards the casing
( rh > 0.5), while turning is decreased.
A mass flow redistribution from the hub to the channel center occurs as the
fluid passes through the rotor, leading to an outward streamline curvature
within the rotor that possibly has a positive effect on h t r . It is suspected that
this effect also causes additional loss that might mitigate any benefits from the
streamline curvature, however this cannot be clearly distinguished based on
the evaluated data.
The mass flow deficit in the lower part of the channel is confirmed by profile
pressure measurements that show very little acceleration at h r el = 0.1 (and
even an adverse pressure gradient locally) and only a small pressure difference
between pressure and suction side. This indicates a low work extraction,
despite the high stage loading near the hub, and a possible flow separation.
The relative casing motion increases the kinetic energy of fluid particles in the
rotor relative frame, indicated by an increase in h t r , which benefits the rotor
efficiency.
A tip leakage region is identified (h r el > 0.9) by a relative increase in mass
flow near the casing at the rotor exit. The leakage flow partly counteracts
the increase in rotor relative kinetic energy introduced by the relative casing
motion, since the direction of tip leakage flow is opposed to the direction of
relative casing motion.
The rotor blades are back loaded. The blade loading is reduced by inlet swirl.
Towards the tip, inlet swirl especially reduces the blade loading at the trailing
edge.

5 Stage Characterization

6 Rotor Tip Flow Structure
In the previous chapter, the turbine stage has been characterized from a global
perspective, based on averaged quantities (0D and 1D) at the stator inlet, rotor
inlet, and rotor exit. In comparison to the stator, the rotor has been identified to be
the component with higher loss and lower efficiency. In addition, swirling inflow
especially affects the rotor regarding performance. Towards the rotor hub, a mass
redistribution process occurs that especially affects the lower part of the channel and
is thought to be one factor impacting the rotor performance, providing possibilities
for future research.
Towards the tip, a region of tip leakage has been identified that is influenced by
the presence of the rotor casing and will be in the focus of this chapter. It is well
known that leakage flow in unshrouded blades reduces the mass flow through the
rest of the blade passage due to the leakage jet, causes a loss in lift, and creates
entropy within the gap and mixing of the tip leakage jet with the main flow. Thus, it
commonly accounts for about one third of the total loss in the high pressure turbine
rotor (Denton [49]). In the previous chapter, the tip in particular has been identified
to be impacted by swirl (rotor relative kinetic energy of the fluid particles near the
tip, blade loading). It is though that this is caused by a change in tip flow structure
that can explain the increase in loss in the tip region when swirling inflow is applied.
Consequently, the local flow structure in the tip gap and near tip region is considered
and the corresponding flow phenomena are identified. It will be shown that these
flow phenomena have a major impact on the leakage flow. As such, they influence
the tip surface coolant coverage as it will be shown in chapter 8.
Afterwards, the secondary flows in the passage are identified. Especially the secondary flows in the upper passage have their origin in the tip region and are
therefore affected by the local tip flow structure. As secondary flows are associated
with loss, understanding their formation can provide insight into how to reduce
them.
As a baseline for further investigations, this is done for the case of axial, clean annulus turbine inflow conditions, meaning no swirler modules are installed upstream of
the turbine section.At the end of this chapter stands a generic model describing the
flow in the rotor tip region and at the rotor exit for the axial inflow baseline case.
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Based on these considerations, the influence of swirl on the secondary flows will
then be discussed in chapter 7.

6.1 Flow Footprint at the Casing
Using the array of time-resolving pressure sensors in the rotor casing (Kulites) as
described in section 4.4, the non-dimensional wall pressure c p (equation 4.30) and
its fluctuation σ r el (equation 4.29) are obtained in the rotor frame of reference,
providing a two-dimensional “footprint” of the flow field on the rotor casing (figure 6.1). To emphasize coherent structures, the local minima and maxima1 of c p
and σ r el are marked (figure 6.1) respectively as black and red dots and circles.
The pressure decreases from rotor inlet to rotor outlet (figure 6.1a), in the main
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7
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5

(a) Pressure coefficient c p

(b) Relative standard deviation σ r el

Figure 6.1: Wall pressure, fluctuation, and local extrema on the casing end wall for axial
inflow in the rotor frame of reference (Kulite data)
1
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The minimum and maximum values are calculated at each axial sensor position separately,
instead of a two-dimensional search for extrema. This was done to avoid any sensor-to-sensor
offset that would affect such a two-dimensional approach.
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part mirroring the work extracted from the flow by the turbine rotor2 . Due to the
pressure difference between PS and SS, the fluid acts upon the rotor as a net force in
circumferential direction, creating the angular momentum driving the turbine shaft.
Locally, different regions with relatively high and low pressures can be identified.
These can be associated with many of the distinct flow features and secondary flows
introduced and explained in section 2.2:
1h Passage

Stagnation Line: A high pressure region with low fluctuations in the
passage along the PS of the blade.
Due to the geometry change posed by the PS profile and the casing endwall,
the flow is turned into the tip gap, causing a stagnation line on the casing wall
in the passage parallel to the PS profile.

2h Vena

Contracta: A low pressure region with medium to high fluctuations along
the PS rim, including LE and TE.
All along the edge of the PS, the flow cannot follow the sharp change in
geometry posed by the corner and separates from the blade on the tip surface.
In turn, the separation decreases the free flow cross section, accelerating the
flow like a nozzle. This is known as the vena contracta, which can be seen as
a decrease in wall pressure and an increase in fluctuation.

3h Trailing

Edge Wake: A high pressure region with elevated fluctuations downstream of the TE.
The blade profile wake causes a local velocity deficit downstream of the TE
which can be seen as a high pressure zone on the casing. The mixing of the
wake with the surrounding fluid causes an increase in fluctuation.

4h Leading

Edge Stagnation Line: A region of elevated pressure with slightly
elevated fluctuations upstream of the LE towards the SS.
The LE interacts with the casing boundary layer and the fluid in this region is
pushed towards the casing wall by the contraction posed by the tip gap.

5h Suction

Side Leg of the Horseshoe Vortex & Passage Vortex: A region of low
pressure and high fluctuations starting at the SS downstream of the LE, and
continuing into the passage along the blade SS.
Along the SS, just downstream of the sharp bend of the profile, the SS leg of
the horseshoe vortex develops as a consequence of the boundary layer rolling
up along the LE. The PS leg of the horseshoe vortex is suppressed by the

2

This is in contrast to considerations for stator vanes, where the decrease in pressure stems from
the acceleration in the passage, which acts as a nozzle. It should be kept in mind that for the
rotor, the absolute velocity (see velocity triangles in figure 5.3) is actually decreased in the
stationary frame, which would result in an increase in static pressure if it was not for the work
extraction. Only if the transducers were mounted in the rotor relative frame, the nozzle effect
would be effectively visible.
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leakage flow. Consequently, only the SS leg of the horseshoe vortex contributes
to the passage vortex, so that no distinction between horseshoe vortex and
passage vortex is possible in the tip region. The rotation of the SS leg of the
horseshoe vortex/passage vortex is fomented by the secondary circulation in
the upper half of the passage.

6h Cavity

Stagnation Line: A high pressure region with low fluctuations starting
near the LE on the SS rim, and continuing in the squealer cavity parallel to
the SS rim.
Before exiting the squealer cavity towards the SS, the flow is forced radially outward by the SS rim and impinges on the casing wall, resulting in a
stagnation line.

7h Passage

Separation Line & Scraping Vortex: A high pressure region with the
highest overall fluctuations starting just on the SS edge, and continuing into
the downstream passage.
Along the blade SS the region with the overall highest fluctuations is found
and marked by the passage separation line. Here, the leakage flow through the
tip gap interacts with the passage flow, resulting in a decrease in flow velocity
and thus a local maximum in pressure. The passage boundary layer separates
from the casing, resulting in high fluctuations. As the boundary layer rolls up,
a scraping vortex develops along the separation line, which is confirmed by
hot-wire measurements (figure 6.6a).

8h Tip

Leakage Vortex: A low pressure region with high fluctuations starting on
the SS rim about halfway along the cavity, and continuing further downstream
along the blade SS towards the TE.
Starting in the mid part of the SS rim, the pressure drops. This marks an
increase in fluid leaving the squealer cavity across the rim into the SS passage,
marking the begin of the tip leakage vortex that extends downstream along
the SS into the passage.

6.2 Tip Gap Vortices
The data from the time-resolved pressure measurements show some unsteadiness in
the squealer cavity (figure 6.1b), as indicated by the local fluctuation maxima inside
the cavity. However, the experimental data by itself does not provide the threedimensional flow structure in the cavity. To fill this void, results from the steady
numerical simulation (section 4.6) are evaluated qualitatively. For this purpose,
representative streamlines have been selected to visualize some of the flow features
in and around the squealer cavity (figure 6.2). This methodology has been adapted
from Mischo et al. [142], who conducted numerical investigations for a squealer tip
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Figure 6.2: Squealer vortex structure from CFD (adapted from Wilhelm and Schiffer [218],
originally adapted from Bachmann [16])

and found very similar flow features. Many of the corresponding flow features they
identified (section 2.2.5) are also found in the present study:
• Stagnation Point Dividing Streamline: The streamline directed towards the
stagnation point (figure 6.2) can be used to divide the flow in two regions. The
leakage flow upstream of this streamline feeds into the cavity, while the leakage
downstream of this streamline passes from PS to SS. This downstream leakage
interacts with the tip gap vortex structure, but does not directly contribute to
it.
• Tip Leakage: The fluid downstream of the stagnation point streamline makes
up the tip leakage flow, which enters the tip gap along the whole of the
PS. In the TE region, the tip leakage forms a leakage jet which causes the
development of the tip leakage vortex, while in the squealer region it interacts
with the cavity flow and then feeds into the tip leakage vortex after leaving
the tip gap.
• Tip Leakage Vortex (TLV): The tip leakage flow leaves the tip gap with a high
velocity relative to the passage flow. Upon leaving the gap, it starts rolling
up into the TLV (for x/ca x > 0.6). Additional fluid leaving at the aft of the
6.2 Tip Gap Vortices
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squealer cavity (especially from the rim boundary layer rollup vortex) adds to
the TLV.
• Cavity Corner Vortex: The flow upstream of the stagnation point streamline
towards the SS does not directly pass over the blade tip, but crosses the rim
and then impinges onto the bottom of the squealer cavity. Thereafter, it moves
towards the corner between the cavity floor and the SS rim and forms the
cavity corner vortex, which leaves the cavity at ( x/cax ≈ 0.6) and does not
contribute to the TLV.
• Incidence Tip Leakage: Due to the low axial velocity in the boundary layer (see
also figure 2.6c and figure 7.2), the rotor relative flow direction of the near
wall fluid is shifted towards a negative incidence. This boundary layer fluid
enters into the cavity across the PS rim for x/ca x ≤ 0.15 and exits the squealer
cavity again at the PS at about x/ca x ≥ 0.4 (details in section 7.1.3).
• Casing Vortex (CV): Part of the fluid entering near the LE from the SS stays
close to the casing and interacts with the tip leakage flow, rolling up into the
near-wall casing vortex. This is the vortex can also be identified from the
aforementioned local maxima in fluctuation in the squealer cavity (figure 6.1b).
The casing vortex deflects the tip leakage and pushes it towards the tip surface
at the bottom of the cavity (cross-section in figure 6.2). This fluid leaves the
cavity at about x/ca x = 0.65 and also does not add to the TLV.
• Rim Boundary Layer Rollup Vortex (RBRV): The fluid moving across the PS rim
as well as the SS rim up to x/ca x = 0.2 separates from the rim upon entering
the cavity. It then rolls up into a vortex that fills up the corner between rim
and cavity floor. Towards the rear of the squealer cavity, this fluid leaves the
cavity across the SS rim at about x/ca x = 0.75 and feeds into the TLV. In
addition, the fluid leaving the cavity provides an obstacle to the tip leakage
flow across the TE downstream of the cavity. Furthermore, it pushes the tip
leakage streamlines along the TE further downstream.

6.3 Tip Leakage Flow
Having identified the main flow phenomena and vortices in the tip region, these
findings are now combined to detail the flow in and around the squealer cavity. In
particular, zones of flow separation and blockage are identified that in turn affect
the tip leakage flow. For this purpose, both the pressure c p − c̄ p (section 4.4) as
well as the fluctuation σ r el are shown over the circumference for three exemplary
axial positions3 x/ca x (figures 6.3 to 6.5), using the numbering 1hto 8hof the flow
3
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It should be noted that the flow vectors in the tip gap do have a component normal to the axial
direction that increases with increasing axial distance along the blade chord. Hence, the pressure
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phenomena (figure 6.1) as an orientation4 , and simplified schematics of the flow in
the squealer cavity are derived.

6.3.1 Squealer Front
At the front of the squealer at x/ca x = 0.21 (figure 6.3), PS tip leakage fluid enters
the cavity across the PS rim, separating from the surface in the process. This
separation can be detected by the wall pressure data in a minimum in pressure in
the vena contracta 2hat the throat area and high fluctuation values at the onset of
the separation, and especially at the reattachment point on the rim, which means
that the reattachment position changes unsteadily.
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Figure 6.3: Circumferential distribution of pressure ∆c p = c p − c̄ p and fluctuation σ r el across
the front of the squealer at x/ca x = 0.21 (Kulite data)

When the fluid enters the cavity, the pressure displays a plateau, instead of immediately rising further, as would usually be expected of an increase in cross-sectional
area. Instead, the pressure rise is delayed because the PS rim corner is occupied by
the rim boundary layer rollup vortex, preventing an immediate expansion of the tip
leakage fluid upon entering the cavity. Only when the leakage flow is blocked by the

4

contours along these axial cross-sections provide only an approximation of the flow structure in
the gap. Nevertheless, in conjunction with the CFD streamline visualizations, this was deemed a
valid approach. If instead cross-sections tilted towards the axis and normal to the streamlines
were used, they would introduce additional uncertainties by requiring interpolation between
values from pressure transducers at different axial positions, including possible offsets. Further
information on the interpretation of the pressure data can also be found in appendix B.4.
The streamlines have been drawn in an idealized manner, with the model by Lee and Kim [120]
(figure 2.4a) and the visualization by Kegalj [100] (figure 2.5b) serving as an orientation.
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incidence leakage fluid moving downstream near the SS rim, the tip leakage fluid is
slowed down causing a pressure rise and prevented from exiting the cavity on the
SS.
The SS edge shears off the near-wall fluid due to the blade rotation, leading to
an increase in fluctuation between rim and passage vortex 5h. In summary, the
leakage fluid entering at the front of the squealer cavity is fed into the cavity without
immediately leaving again towards the SS, due to the blockage posed by the cavity
vortex structure.

6.3.2 Squealer Rear
Towards the rear of the squealer at x/ca x = 0.54 (figure 6.4), the tip leakage fluid
enters the squealer cavity, is slowed down there, interacts with the vortex structure,
and exits towards the PS. At the PS rim, again a separation can be seen 2h. The
width of the fluctuation peak at the reattachment position indicates a change in
separation bubble length over time.
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Figure 6.4: Circumferential distribution of pressure ∆c p = c p − c̄ p and fluctuation σ r el across
the rear of the squealer at x/ca x = 0.54 (Kulite data)

Inside the squealer, the casing vortex has formed on the casing, which can be seen by
a small minimum in pressure and light rise in fluctuation on its edges. The pressure
rise in the cavity is gradual, implying a gradual deceleration of the flow, caused
by the obstacles the vortices provide. After impinging on the blade tip surface, the
flow passes beneath the casing vortex and impinges on the casing wall 6h, before
accelerating and leaving the cavity. Here, the leakage flow velocity is relatively
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high as indicated by the low pressure at the SS rim, marking the beginning of the
formation of the tip leakage vortex 8h.
Just outside of the cavity near the SS, the fluctuation is high, marking the separation
of the casing boundary layer 7h. The pressure minimum caused by the passage
vortex 5his less distinct than at the front of the squealer, since the passage vortex
position has shifted further away from the casing.
The immediate pressure difference between the over tip fluid exiting the tip gap
towards the SS passage is much smaller than the total pressure difference between
PS and SS. This indicates a reduced leakage flow velocity and less leakage, as will
become especially apparent in comparison to the TE where no squealer is present.
Hence, the squealer cavity fulfills its sealing function.

6.3.3 Trailing Edge
At the TE at x/ca x = 0.86 (figure 6.5), the tip leakage flow passes the tip without
the sealing effect of the squealer cavity and feeds the tip leakage vortex. At the PS
edge, again a separation occurs 2h, which reattaches after about one third of the TE
as indicated by a slight pressure peak (Morphis and Bindon [143]). Across the TE,
the pressure stays low, indicating a higher velocity.
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Figure 6.5: Circumferential distribution of pressure ∆c p = c p − c̄ p and fluctuation σ r el across
the trailing edge at x/ca x = 0.86 (Kulite data)

The tip leakage flow acts like a jet penetrating into the passage and then feeds
the tip leakage vortex 8has indicated by a pressure minimum. The near wall tip
leakage fluid separates from the casing wall expressed by a saddle point in the
6.3 Tip Leakage Flow
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fluctuation curve that is superimposed by a global fluctuation maximum where the
boundary layer separates from the casing towards the passage 7h. This region of
interaction between the tip leakage vortex and the passage boundary layer fluid is
highly unsteady. A small bump in the pressure close to the fluctuation maximum
indicates the presence of a scraping vortex, where the boundary layer rolls at the
separation.
At the TE, as the squealer is not present, the driving pressure for the over tip leakage
is the entire pressure difference between PS and SS. Consequently, the pressure in
the TE gap is much lower relative to the pressure in the PS passage as in the gap
along the squealer. This indicates higher flow velocities, corresponding to a higher
leakage.

6.4 Passage Secondary Flows
Many of the local flow phenomena originating at the tip gap propagate further into
the passage. Their remnants can be detected in conjunction with other secondary
flow structures by the hot-wire probes in the measurement plane downstream of the
rotor (ME03) (figure 6.6). Several vortices can be identified based on the measured
three-dimensional velocity field (figure 6.6a) using the streamwise vorticity ωsw
(appendix B.3.10, equation B.38). The boundaries of the vortices are defined to be
at ωsw,iso = 300 (approximately 10 % of the maximum vorticity) and visualized
as iso contours. The approximate boundaries between adjacent rotor passages are
indicated by dashed lines, which appear distorted due to the sharp turning of the
flow by the rotor blades and the angle of the measurement plane relative to the
primary flow direction.
Above 90 % channel height, the tip leakage vortex (TLV) and a weak scraping vortex
(SV) can be identified (figure 6.6a). With the tip leakage fluid passing from left to
right (PS to SS), the TLV rotates clockwise (blue), opposite to the SV which rotates
counterclockwise (red). Below the TLV, in between 60 % and 90 % channel height,
the upper passage vortex (PV) and wall vortex (WV) can be identified. As discussed
earlier, the PV develops from the horseshoe vortex near the LE and the WV orbits
around it with opposing sense of rotation (figure 2.3b). While the PV has been
already seen in the rotor casing flow footprint, the traverse data confirms that the
TLV has pushed the PV radially inward by the time it exits the rotor passage.
The upper PV and WV are mirrored by their larger hub side counterparts in the
region from 20 % to 60 % channel height. Close to the hub below 20 % channel
height, a region of high counterclockwise vorticity is observed (hub vorticity, HubV).
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Figure 6.6: Secondary flows and dissipation in the rotor-relative frame for axial inflow (HWA,
ME03, AX)

This region is attributed to the lower channel mass flow deficit (MFD) and the high
turning observed earlier (section 5).
The axial Mach number M aa x (figure 6.6b) is an indicator for the mass flow distribution in the traverse plane. Three main areas with low M aax indicate low mass
flow, specifically close to the hub between 10 % to 30 % channel height, which has
been seen earlier as the hub mass flow deficit, in the region between 50 % to 70 %
channel height, where the wall vortices are located, and in the upper part of the
6.4 Passage Secondary Flows
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passage at 80 % to 95 % channel height where the PV and the TLV interact. The
global peak in M aa x is located in the tip region and corresponds to the mass flow
concentration caused by the tip leakage flow.
The identified vortices increase the local turbulence intensity Tu (figure 6.6c).
Normally, higher vorticity coincides with a higher Tu. Two larger regions of elevated
Tu can be linked to the interaction between PV and WV, however highest turbulence
levels are found in the tip leakage region. Interestingly, the global peak in Tu is
located in between the TLV and the SV near the casing at a rotor pitch of 0.8. This
corresponds to the passage separation line, where also the fluctuation in casing
pressure σ r el was found to be highest (figure 6.1b). Therefore, the hot-wire data
confirm the strong separation on the casing observed earlier.
To assess the local loss generation associated with the secondary flows, the normalized dissipation function D (appendix B.3.11, equation B.52), that describes the
rate at which a fluid particles energy is dissipated into heat, is plotted downstream
of the rotor for ME03 (figure 6.6d). Coherent dissipation regions are defined to be
bounded by iso contours of Diso = 1 %/s, to separate them from the background
dissipation of the main flow.
Three distinct regions with high dissipation rates can be observed that correspond
to the interaction regions between vortices. Most prominently, the highest values for
D are found near the tip and casing in the region where the TLV and SV vortex are
located. The region of peak dissipation rates coincides with the region of highest Tu
and the casing separation. The elevated dissipation rates associated with the upper
PV and WV extend this region radially inward.
Further towards the hub, two more regions of elevated D are found that correspond
to the interaction between the lower PV and WV, but also the interaction between
passage vortices from adjacent passages. Lastly, close to the hub elevated dissipation
is seen where the HV is located, which is also the region where the mass flow deficit
has been identified earlier.

6.5 Summary
The major findings of the previous chapter are combined in a schematic representation of the tip and passage flow (figure 6.7) and summarized below:
• Before entering the tip gap, the leakage flow impinges on the casing, causing a
stagnation line on the casing. When entering across the PS edge, the leakage
flow separates from the surface, creating a separation bubble on the tip surface
along the PS edge and causing a vena contracta.
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Figure 6.7: Schematic rotor tip flow representation

• The leakage flow can be separated by a dividing streamline. Downstream of
this streamline towards the TE, the leakage streamlines cross the tip from
pressure to suction side. The leakage entering the gap along the squealer
cavity is subject to its sealant effect and interacts with the cavity vortex system,
mainly the casing vortex and rim boundary layer rollup vortex. Along the TE,
the leakage is not subject to the squealer cavity sealing effect. The leakage flow
upstream of the dividing streamline towards the LE feeds into the squealer
cavity and contributes to the cavity vortex system.
• Close to the leading edge, additional leakage from the casing boundary layer
enters the gap from the suction side as incidence tip leakage. This leakage
exits the gap again shortly after entering upstream of the dividing streamline.
• The leakage fluid that has earlier entered into the squealer cavity exits towards
the rear part of the cavity and marks the beginning of the tip leakage vortex.
Further downstream, the tip leakage vortex is fed by the TE leakage.
• The tip leakage vortex interacts with the passage fluid and the casing boundary layer. The casing boundary layer in the passage is sheared off along a
separation line and rolls up, creating a scraping vortex. In this interaction
region, high unsteadiness is found that can be associated to a high dissipation
rate.
• The passage vortex develops near the LE along the SS, and is moved radially
inward as it progresses through the passage by the tip developing tip leakage
vortex.
6.5 Summary
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• Other secondary flows are detected throughout the passage, including the
lower passage vortex and two wall vortices. Towards the hub, a region of high
vorticity is found, where a mass flow deficit and a high loading had already
been revealed earlier.

122

6 Rotor Tip Flow Structure

7 Impact of Swirl on Rotor Tip
Aerodynamics
At this point, it is clear that the flow structure in the tip gap region is quite complex.
Local flow phenomena throughout the gap and squealer cavity interact with the
leakage flow and influence the development of larger secondary flow structures,
namely the tip leakage vortex and the passage vortex. Along a separation region on
the casing, that is enclosed by the tip leakage vortex and the scraping vortex, the
flow is found to be unsteady and associated with high dissipation rates. Downstream
of the rotor, the secondary flows occupy large parts of the passage and have a
significant impact on the rotor’s ability to turn the flow. All of these local structures
interact and as a whole are responsible for the rotor’s global performance.
As shown earlier (chapter 5), inlet swirl impacts the rotor globally by increasing loss
and reducing efficiency. At the tip, especially the leakage flow and blade loading
have been found to be affected by the change in turbine inlet conditions. It is now
the focus of the following chapter to further investigate the impact of the swirling
inflow conditions on the local tip flow structure in more detail. This serves two
purposes: First, a better understanding of the connection between the swirl induced
changes in tip flow structure and their effect on rotor performance is developed.
Second, the results are a prerequisite for the discussion on tip film cooling and the
impact of swirl thereupon in the following chapter.

7.1 Tip Inflow
As discussed in sections 2.3 and 2.5, changing the turbine inflow conditions may
severely impact the turbine aerodynamics, cooling, and heat transfer. Some of
the most important impact parameters in the tip region were identified to be the
turbulence intensity Tu, the ratio between tangential speed and circumferential
velocity wϕ /u, which is synonymous for the factors rotation and incidence, and the
ratio between tip clearance height and boundary layer displacement thickness h/δ2 .
These parameters are now assessed for both axial and swirling inflow using hot-wire
data and CFD results1 .
1

Whenever possible, experimental data is chosen over CFD to investigate the flow field. However,
in the near-wall region at the rotor inlet, the hot-wire probes do not provide reliable data in
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7.1.1 Mass Flow and Incidence
As introduced earlier (section 2.3.8, figure 2.12), inlet swirl leads to (1) an incidence
at the stator leading edge that may lead to an under-turning of the flow by the
stator, and (2) also causes mass to redistribute from the channel center towards
the casing and hub endwalls. These effects occur in combination and may either
lead to a positive or negative swirl at the rotor tip. If under-turning in the stator is
dominant (for the case of negative inlet swirl), a negative incidence is observed at
the rotor tip, while if the mass flow redistribution is dominant, a positive incidence
is observed.
Hot-wire measurements at the rotor have been carried out to investigate the incidence at the rotor tip for the present case (figure 7.1). Results are compared between
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Figure 7.1: Influence of swirl on rotor tip velocity triangles at the rotor inlet (ME02)

axial and swirling inflow in terms of Mach numbers and angles at h r el = 0.89, which
is well outside of the boundary layer (table 7.1). Both absolute Mach number M aabs
and radial angle γ remain nearly unchanged, while the effect of swirl on axial
Mach number M aa x and rotor relative whirl angle β are clearly visible. M aax is a
measure of the mass flow and increases expectedly in the tip region from 0.059 to
0.069/0.070 (SWL/SWP), or equivalently by 17 %/18 %. Overall, the under-turning
of the flow in the stator seems to be the dominant factor, which causes β to decrease
terms of radial angle and absolute velocity since they enter into the channel through a hole in
the casing wall which locally disturbs the boundary layer.
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Quantity

Method

AX

SWL

SWP

Maabs (-)

HWA

0.222

0.221

0.223

Maax (-)

HWA

0.059

0.069

0.070

β (°)

HWA

41.5

34.2

35.1

γ (°)

HWA

0.5

-0.1

1.1

w φ/u (-)

HWA

0.32

0.29

0.30

Table 7.1: Rotor tip inlet conditions at h r el = 0.89 (ME02)

from 41.5 ◦ to 34.2 ◦ /35.1 ◦ . The associated velocity triangles (figure 7.1, right)
illustrate the resulting negative incidence at the rotor tip.

7.1.2 Turbulence and Boundary Layer
Overall, adding swirl increases the rotor relative turbulence intensity at the rotor
inlet (figure 7.2, left). The average turbulence intensity near the tip is increased
h
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Figure 7.2: Turbulence intensity and boundary layer thickness at the rotor inlet (ME02)

from 2.4 % to 4.6 % for SWL and 4.4 % for SWP (table 7.2). Higher turbulence
levels lead to an increase in momentum exchange between fluid particles, which
also enhances mixing between primary flow and secondary flows (or coolant if
present).
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Quantity

Method

AX

SWL

SWP

Tu (-) (hrel = 0.89)

HWA

0.024

0.046

0.044

δ (% hrel )

CFD

4.9

4.9

4.9

δ1 (% hrel )

CFD

0.9

0.8

0.8

δ2 (% hrel )

CFD

0.7

0.6

0.6

H 12 (-)

CFD

1.4

1.3

1.3

h/δ2(-)

CFD

1.5

1.7

1.7

Table 7.2: Casing boundary layer at the rotor tip inlet (ME02)

The increase in main stream turbulence level is found to have only a little effect
on the boundary layer. In detail, several quantities are calculated based on M aabs
to further characterize the boundary layer, including the boundary layer thickness
δ (see figure 7.2), the displacement thickness δ1 (equation 7.1), the momentum
displacement thickness δ2 (equation 7.2), and the shape factor H12 = δ1 /δ2 (definitions taken from Schlichting and Gersten [180]).

δ1 =

Z

∞

0

u( y)
1−
dy
U∞

(7.1)

δ2 =

Z

∞

0



u( y)
u( y)
1−
dy
U∞
U∞

(7.2)

It is found that for both axial as well as swirling inflow, the boundary layer thickness
δ corresponds to about 5 % of the channel height, so that the whole tip gap is
immersed within it. The boundary layer is found to be fully turbulent as indicated
by the shape factor H12 ≈ 1.4, which is a value typically found for a fully developed
turbulent boundary layer at a flat plate (Schlichting and Gersten [180], figure
15.8). Due to swirl, the boundary layer displacement and momentum displacement
thicknesses δ1 and δ2 become slightly smaller, mirroring the increase in turbulence
that causes the boundary layer to become more uniform and bulgy due to the
increased momentum exchange.

7.1.3 Mechanism of Leading Edge Fluid Entry
According to De Maesschalck et al. [48] (section 2.3.3), if h/δ2 and wϕ /u fall below
unity, fluid may start entering the tip gap near the LE from the SS. Thus, the classical
flow situation of PS leakage fluid passing over the tip towards the SS would be
reversed (see figure 2.7). The ratio of tip clearance to momentum displacement
thickness h/δ2 is found to be above unity for all inflow cases (table 7.2). Hence, the
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momentum of the boundary layer by itself is still large enough for fluid to enter the
gap along the PS and cross to the SS, while preventing fluid entry from the SS. The
momentum of the boundary layer fluid even increases slightly for swirling inflow as
δ2 decreases.
Instead, the dominating effect is the blade rotation, described by the ratio of
tangential to blade peripheral speed wϕ /u. This ratio falls below unity in all
instances (table 7.1), so that fluid entry into the gap from the SS is probable (seen as
Incidence Leakage from CFD results earlier in figure 6.2). Due to the high rotational
speed, the rotor relative flow vector w turns towards the SS very close to the wall
and induces a negative incidence2 (velocity triangles in the gap, figure 7.2). This is
a consequence of the low absolute velocities in the boundary layer in conjunction
with the high circumferential speeds that cause a boundary layer entailed incidence
in the rotor relative frame of reference (see also figure 2.6c). The leakage fluid
experiences an increase in relative casing motion, which introduces a momentum
opposing the conventional leakage flow direction from PS to SS.
For axial inflow, a value of wϕ /u = 0.32 is obtained (table 7.1), so that SS fluid
is expected to start entering the tip gap near the LE and exit the gap again further downstream along the SS. When swirl is added, wϕ /u reduces to 0.29/0.30
(SWL/SWP), meaning that the tangential momentum is decreased further by the
negative incidence, enhancing the SS fluid entry.
In summary, the boundary layer momentum deficit by itself is not large enough
to cause SS fluid entry into the gap (h/δ2 > 1), however in combination with the
rotational velocity, a boundary layer entailed incidence is found in the rotor relative
frame near the casing. Consequently, the boundary layer fluid starts entering the
gap at the LE from the SS. In fact, the rotation is so high that the tangential velocity
of the incoming fluid is only about 30 % of the wall velocity, so that parts of the
overtip leakage have not enough momentum to cross the gap from PS to SS. Due to
the additional negative incidence introduced by swirl, this tangential momentum of
the overtip leakage is further reduced, so that more fluid entry at the LE from the
SS is expected.
As the clocking effect between SWL and SWP is small (as explained in section 4.1.2),
predominantly the SWL case is compared to AX in the following sections, however
the observed trends also hold true for SWP.

2

Only the velocity triangles for AX are shown in figure 7.2 for clarity, however the turning towards
the SS occurs in all cases.
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7.2 Tip Loading and Leakage
The leakage situation at the tip is first assessed globally based on the circumferential
averages of the wall pressure c̄ p above the rotor (Kulite data), which are taken
across the whole pitch, the passage region only, and the tip region only, both for
AX and SWL (figure 7.3a). When looking at c̄ p for the whole rotor pitch (◦), only
marginal changes are seen between AX (black) and SWL (blue). Most differences
are seen towards the LE, where c̄ p is higher for SWL.
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Figure 7.3: Influence of swirl on loading and leakage: mean pressure drop across the rotor
on the casing wall and pressure profile near the tip

The data is now interpreted focusing on the changes in c̄ p just above the tip (4)
and in the passage (2) separately, to ensure changes in leakage behavior are not
confused with changes in the passage flow3 (figure 7.3a). While c̄ p on the tip is
found to remain almost unchanged across the squealer region, a decline in c̄ p can
be seen near the LE when swirl is applied, which corresponds to an increase in fluid
3
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For the Kulite data, c p is circumferentially averaged for the whole rotor pitch, passage only, and
tip only. The boundary between these regions is the outline of tip indicated in figure 6.1. The
pressures are normalized according to equation 4.30. Furthermore, the SWL rotor inlet pressure
is referenced to the AX case. Consequently, absolute changes in leakage mass flow, for example
by slight changes in operating point, are neglected. Instead, the impact of the inlet conditions is
considered only on the relative leakage flow distribution along the chord.
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flow in this area, as predicted earlier. At the same time, a rise in c̄ p can be seen for
x/cax > 0.7, which is just downstream of where the squealer cavity ends, indicating
a reduction in leakage by swirl in this region. For c̄ p in the passage, a slight rise can
be seen x/ca x = 0.1 . . . 0.3 where the passage vortex forms, indicating a reduction
in vortex strength.
Classically, leakage is investigated by looking at the difference in the pressure
profiles between PS and SS close to the tip gap. A decrease in SS pressure and/or
an increase in PS pressure corresponds to an increase in leakage flow (Azad et al.
[12]). When comparing c p between AX and SW (CFD), the pressure along the PS
is slightly decreased, corresponding to a slight increase in fluid velocity due to the
incidence shift4 (figure 7.3b).
More significant changes are seen along the SS, thus dominating the change in ∆c p
between AX and SW. Higher values for c p along the SS are found in the regions (1)
x/cax = 0.1 . . . 0.3 and (2) x/ca x = 0.65 . . . 1, thus corresponding to a decrease in
leakage, while c p is decreased in the region (3) x/cax = 0.4 . . . 0.6, corresponding
to a higher leakage. In terms of vortices, the rise in c p in region (1) corresponds to
the weaker SS leg of the horseshoe vortex/passage vortex as indicated by the Kulite
data, while in region (2) the TE leakage is reduced. The decline in c p in region (3)
suggests an increase in tip leakage flow from the squealer cavity, and thus a stronger
leakage vortex.
Close to the LE, where the Kulite data show a decrease in c p on the casing, no
change can be seen in the profile pressure distribution. This confirms that the
leakage increase near the LE does indeed stem from the boundary layer fluid, thus
not leaving its trace on the rotor profile pressure.

7.3 Flow Structure on the Casing
The general trends that have just been described are now investigated in more detail
by looking at the flow footprint on the casing again. In terms of c p (figure 7.4a), swirl
does not significantly change the overall flow structure, instead the flow features 1h
to 8hthat have been identified for the axial inflow case persist. The most striking
difference can be seen in the region of the passage separation line 7h, which is less
pronounced than for axial inflow, especially towards the TE for x/cax > 0.8, where
formerly clear maxima in c p could be identified that have disappeared now. Still, the
4

The CFD data has been normalized in the same manner as the experimental data (equation B.2).
In contrast to the Kulite data in figure 7.3a however, the pressure for SWL was not additionally
referenced to AX, as the operating points could be perfectly matched for the CFD.

7.3 Flow Structure on the Casing

129

highest fluctuations occur along the passage separation line (figure 7.4b), however
peak magnitudes have reduced and the fluctuation area is broader and less distinct.

7.3.1 Leakage and Vortices
For a detailed comparison, ∆c p and ∆σ r el are calculated, with ∆ = SW L − AX
(figure 7.4c and 7.4d). At the LE towards the SS, two adjacent regions of lower
pressure indicate an increase in inflow into the gap region. The first region closer
towards the LE (cyan) corresponds to leakage flow upstream of the stagnation
streamline that will most likely enter into the cavity and contribute to the cavity
corner vortex. The second region (orange) corresponds to casing boundary layer
fluid that enters the gap, but will most likely only remain there shortly and exit
again further downstream along the SS. This increase in gap inflow at the LE was to
be expected and is in good agreement with the considerations presented in the prior
section (section 7.1.3).
As a consequence of the increase in LE inflow, the outflow across the SS rim also
increases in the mid part of the cavity, as can be seen by a region of lower pressure
in the area x/ca x = 0.3 . . . 0.6 (black). This leakage fluid feeds the leakage vortex
8h, which now develops earlier and thus appears to be shifted away from the SS,
which can be seen by a decrease in pressure along the TE towards the passage, in
conjunction with an increase in pressure very close to the SS. Towards the aft of the
squealer cavity, where for axial inflow fluid bound to the tip gap vortex structures
would exit and thus the stagnation line 6his visible on the casing, the pressure is
decreased, while on the SS rim an increase in pressure is observed. This means, less
fluid stagnates on the casing and less leakage exits towards the back of the cavity, as
has already be seen from the CFD pressure profiles.
The passage vortex 5hreduces its strength, as indicated by an increase in pressure
in the passage along the SS between x/ca x = 0.3 . . . 0.7. This is due to a decrease in
fluid velocity along the SS which is associated with the negative incidence. Along
the PS, the opposite is true, and the fluid velocity is increased, which leads to a low
pressure region at the PS towards the TE. This decreases the pressure difference
across the TE from PS to SS, thus unloading the TE, which causes a decrease in
leakage across the TE. The decrease in leakage is confirmed by a rise in pressure on
the TE surface.

7.3.2 Fluctuation
In terms of pressure fluctuation (figure 7.4d), a major reduction can be found in the
region of the passage separation line 7h. A possible explanation for this could be
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the increase in main stream turbulence, that energizes the passage boundary layer,
decreasing the unsteadiness of the separation process. However, this could not be
further confirmed within this study.
For the tip leakage vortex 8h, an increase in fluctuation can be observed to both its
sides, while in its center fluctuation is slightly reduced. Along the SS rim, where the
fluid inflow and outflow occurs, the fluctuation is also increased. A local maximum
in fluctuation can be seen near the stagnation point, indicating that the stagnation
point moves unsteadily over time. All along the PS, the fluctuation is increased in
the vena contracta 2hand further downstream towards the wake, which indicates
that the separation in this region becomes more unsteady.

7.3.3 Shift of Flow Structures
To detect more subtle changes, the locations of the passage stagnation line 1h,
vena contracta 2h, as well as the passage vortex 5h and tip leakage vortex 8h,
are investigated based on the circumferential shift in c p minima and maxima for
three different axial positions ( x/ca x = 0.21|0.54|0.86) (figure 7.5). For all axial
positions, the passage stagnation line 1hshifts towards the blade PS by about 1 %
of the rotor pitch. The distance of the passage stagnation line from the PS is a
measure of the leakage mass flow (Lee and Choi [119]), so a shift towards the
blade indicates a reduction in tip leakage entry along the PS. The vena contracta 2h
moves towards the blade edge, indicating a shorter separation bubble due to the
reduced tip leakage mass flow, and an earlier reattachment. As recognized earlier,
the passage vortex 5his reduced in strength and contains less fluid, as a result it can
be seen to shift towards the SS. In contrast, minimum in c p associated with the tip
leakage vortex, which is fed by an increased leakage flow at the LE region, shifts
slightly away from the SS.
It can be concluded that swirl causes higher fluid entry into the cavity near the LE
towards the SS, but also an increase in fluid exiting the squealer cavity close to mid
span across the suction side rim. As a result, the tip leakage vortex is strengthened,
which leads to an increase in fluctuation along its sides. The passage vortex on the
other hand is weakened since the fluid velocity along the SS is reduced as a result
of the negative incidence. The fluid velocity along the PS is increased, decreasing
the loading at the TE and thus the associated leakage. Fluctuations are substantially
reduced in the region marked by the passage separation line, indicating a reduction
in separation on the casing.
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Figure 7.5: Shift in stagnation and separation lines due to swirl (Kulite data)
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7.4 Passage Secondary Flows
The passage flow structure is once more assessed in the rotor relative frame based
on the HWA data and comparisons are made between SW and AX. All secondary
flow structures that have been identified for axial inflow also persist for swirling
inflow conditions, however the identified vortex regions in the traverse plane change
in position, size, and strength (section 7.4.1).
Unfortunately, it impossible to directly compare the vortex strength between axial
and swirling inflow conditions solely based on the HWA velocity data, for it only
provides a “snapshot” of the flow features as they cross the traverse plane and
includes no direct information about loss that has previously occurred upstream
of the traverse plane. For example, a vortex that might be strengthened by the
swirling inflow condition could appear weakened at the rotor outlet traverse plane,
since the increased turbulence in the passage enhances mixing and thus leads to
a more rapid decline in vorticity. Therefore, only the relative occupation of the
passage by the secondary flows in terms of vortex areas and positions is discussed.
To better capture the integral loss over the flow volume, the total pressure loss Y is
calculated based on five-hole-probe data taken at the inlet and outlet of the rotor
and related to the vortices identified by HWA (section 7.4.2). The corresponding
average pressure losses have already been introduced earlier (section 5.1), but now
they can be linked to the actual flow phenomena.

7.4.1 Local Changes in Vortex Structure
Generally, vortices appear weaker in the traverse plane for swirling inflow (figure 7.6a) in comparison to AX (figure 6.6a), as the streamwise vorticity ωsw is less
distinct, indicating that increased turbulence does indeed promote vortex break
down and attenuation upstream of the traverse plane5 . The vortex position is
assessed based on the location and shift of the vortex boundaries which are defined
in the same way as for AX as iso contours ωsw,iso = 300 (figure 7.6a). The vortex
size is defined as the area bounded by said iso contours. By dividing the vortex
areas by the total rotor passage area, the relative passage area occupied by each
vortex A/A t ot al is obtained for AX as well as for swirl (SWL, SWP) (figure 7.6b).
It is found that the core of the TLV shifts away from the SS towards the passage
center (figure 7.6a), as has been identified before based on the casing c p . Generally,
5
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Even though the vorticity in the rotor relative frame obtained from the HWA data cannot directly
be linked to loss for the reasons explained earlier, the change in secondary flow structure due to
swirl is expected to affect the downstream stator (NGV2), which will be investigated further in
an upcoming research project at the institute.
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Figure 7.6: Secondary flows and dissipation in the rotor-relative frame for swirling inflow
(HWA, ME03, SWL)

this is an indication of a higher tip leakage momentum which carries the tip leakage
vortex further away from the SS, for example caused by a higher tip leakage mass
flow (Lee and Choi [119]), thus causing a stronger TLV. This is in good accordance
to the shift and reduction in c p seen from the casing pressure data (figure 7.4c). At
the same time, in the traverse plane the TLV is reduced in size (−41 %) (figure 7.6b),
which appears to be in contrast to the predicted increase in TLV strength.
To explain this, the origin of the tip leakage fluid feeding the TLV is recalled: As
it has been identified from the pressure profile data (figure 7.3a), the tip leakage
at the TE (closer to the traverse plane) is decreased, while the tip leakage in the
along mid chord is increased, thus the TLV starts to develop further upstream. In
conjunction with the increase in turbulence mixing, the TLV is increasingly dispersed
on its way through the passage and appears smaller in the traverse plane than for
the axial case.
The area freed by the TLV in the traverse is partly occupied by the SV, which increases
in size (+720 %), while its total occupied area (A/A t ot al = 1.9 %) remains small
(figure 7.6). This increase in SV size corresponds to the broader region of increased
casing pressure fluctuation σ r el (figure 7.4b). The upper PV is decreased in area
(−46 %), for it occupies less of the passage center and appears closer to the SS,
7.4 Passage Secondary Flows
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indicating the vortex is weaker and thus not carried across the passage towards
the PS as much (figure 7.6). Together with the increase in c p at its point of origin
as seen from the casing pressure data, an overall decrease in PV strength can be
concluded. This creates room for the upper WV to move towards the PS with little
change, whereas its area stays similar.
The lower WV extends further into the passage, an area that has previously been
occupied by the upper WV/PV, and increases in size (+42 %). The area occupied by
the HubV remains almost unchanged. For SWP, again these trends are similar. More
detailed results for vortex strength and dissipation based on the HWA data in the
traverse plane can be found in appendix C.1.

7.4.2 Pressure Loss
From the previous sections, it has been seen that the TLV and the SV increase
in strength for SW, while the PV is weakened. To quantify these trends, the loss
associated with the different secondary flows is assessed for both inflow conditions.
Based on total pressure measurements from five-hole probes (section 4.2), the
pressure loss coefficient Y is calculated6 , both across the stator (figure 7.7a, absolute
frame of reference) and the rotor (figure 7.7b, relative frame of reference).
As identified earlier (section 5.1), the loss in the stator YS (figure 7.7a) is generally
lower than the loss YR in the rotor, with YR rising even further when inlet swirl is
applied (figure 7.7c). The secondary flow structure that has been identified from the
HWA data is clearly visible in YR (figure 7.7b), with the maxima in YR corresponding
to the position of the identified vortices. Throughout the channel, a general rise
in YR is visible, which is attributed to the higher turbulent mixing and the swirl
induced incidence7 .
6

7
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Ideally, the entropy loss coefficient ζs would be considered (Denton [49]), providing that
temperature measurements are available for all channel heights at traverse planes ME02 and
ME03, which is not the case in the present study.
The origins of this general rise in loss cannot be fully understood solely based on the results
presented within this work. For example, it is curious that the higher turbulence should affect
the rotor much more than the stator in terms of loss. From an experimental point of view,
time-resolving pressure (or even better entropy) probes to capture the loss in the rotor relative
frame could be applied in the future. Furthermore, the turbulence should be varied at the
turbine inlet without the presence of swirl to separate the effects of the swirl induced mass flow
redistribution/incidence and turbulence on loss and performance. From a numerical point of
view, the pressure loss in the rotor calculated from the steady CFD have been found to support the
experimental observations (Puthod [167]). As such, further evaluation of the entropy creation in
the rotor could shed some more light on these findings.
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In relation to the rise in YR across the channel height, the rise of loss in the TLV/SV
region is highest over all. As seen before, TLV is stronger for swirl, which is mirrored
by this increase in loss, but also in the larger spanwise extent of the loss region,
which has its minimum at h r el = 0.9 for AX and h r el = 0.86 for SWL/SWP. Only in
the region of the upper PV/WV, no increase in YR is visible. Considering the overall
increase in loss, the upper PV/WV experiences a relative decrease in YR , which
corresponds to the observed weakening of the passage vortex.
Overall, the rotor tip has a significant impact on the loss of the rotor, with highest
loss coefficients being reached in the tip region. When swirl is applied, the increase
in loss occurs across the most part of the channel and is not exclusive to the tip.
Qualitative changes in the shape of the loss distribution however are especially
apparent in the tip region. It could be shown that swirling inflow affects the loss
split between the tip leakage vortex and passage vortex, with the latter being
reduced and the former being increased.

7.5 Summary
• Changing the inflow conditions to swirling inflow leads to a reduction in rotor
relative whirl angle and thus to a negative incidence at the tip due to mass
7.5 Summary
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flow redistribution towards the endwalls (∆β up to −7.3 ◦ for SWL), while
the average radial angle at the tip remains almost unchanged.
For all inflow conditions, the tip is engulfed in the fully turbulent boundary
layer with a thickness of about 5 % channel height. Swirl increases the turbulence intensity (∆Tu up to 2.2 pp for SWL) and with it the momentum
exchange, and thus causes the boundary layer displacement thickness and
momentum thickness to decrease slightly.
The leakage flow behavior near the leading edge towards the suction side
is dependent on two parameters, the ratio of tip clearance to momentum
displacement thickness h/δ2 and the ratio of tangential speed to blade peripheral speed wϕ /u. In the case of the LSTR, the latter falls below unity, which
manifests in the rotor relative velocity vector to turn towards the suction side
in the boundary layer due to the high peripheral speeds, and causes suction
side boundary layer fluid to enter into the tip gap. Swirl reduces the tangential
flow momentum further due to the negative incidence and increases suction
side tip gap fluid entry near the leading edge.
The increase in cavity leakage entry along the leading edge (particular towards
the suction side), necessitates an increase in leakage flow exiting the cavity
again further downstream along the suction side. More fluid exits the cavity
already earlier, further along the mid chord, while at the rear of the squealer
cavity even a slight decrease in leakage flow is observed. As a consequence,
the tip leakage vortex develops further upstream, helping it gain strength,
thus propagating further away from the suction side into the passage and
increasing tip leakage loss.
The trailing edge leakage is not directly driven by incidence, but by the
pressure difference between pressure and suction side. However, due to
negative incidence at the rotor inlet, the trailing edge is unloaded as well,
reducing the described pressure difference and the trailing edge tip leakage.
As the acceleration of fluid is not as strong anymore in the frontal part of
the suction side due to the negative incidence, the upper passage vortex is
weakened and stays closer to the suction side. Despite the overall increase in
loss by swirl throughout the rest of the channel, the loss associated with upper
passage vortex stays the same, indicating a relative decrease in passage vortex
loss.
The peak fluctuations along the passage separation line are decreased, indicating a less unsteady separation process, possibly caused by the higher
mainstream turbulence level that energizes the passage boundary layer.
The qualitatively different impact of swirl on the tip leakage vortex and passage
vortex is unique to these near-tip secondary flows. For the other secondary
flows in the passage, these relative changes in loss are not visible.
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8 Impact of Swirl on Rotor Tip Film
Cooling1
The results presented so far provide the aerodynamic framework to understanding
the aerothermal behavior of the rotor tip. The second vital part is the tip cooling
scheme, that is applied to ensure protection of the tip against the hot main stream
gases. As it will be shown, the behavior of the tip coolant cannot be understood
without previous aerodynamic considerations, but at the same time the tip aerodynamics are affected to some extent by the coolant injection in turn. The impact of
swirl on this interdependent system is largely unknown at the onset of this work,
however a sound understanding is vital to accurately predict the tip cooling behavior,
especially since the rotor tip is one of the parts with the highest convective heat
transfer loads on the entire blade (Bunker [31]). At the same time, an increase
in airfoil temperature by 25 K, for example caused by the altered inlet conditions,
may already cut part life time in half (Bogard and Thole [26]) by an increase in hot
corrosion at the rotor tip. The coolant scheme therefore needs to be robust enough
to ensure coolant protection for these new inlet conditions.
Coolant coverage comes at a cost, in the sense that work has to be done by the
compressor to raise the coolant pressure, so that the coolant fluid can be injected
into the main stream. As such, designing the cooling scheme poses an optimization
problem: Just as much coolant as necessary to cool the tip needs to be supplied,
but as little as possible to keep the penalty on the cycle efficiency low. Since there
is virtually no open literature on tip coolant scheme design for high swirl turbine
inlet conditions, the first goal is to identify areas that are especially affected by
swirl, and therefore need special attention in the design phase. For this purpose, the
spatial film cooling distribution η at the rotor tip has been measured using pressure
sensitive paint (PSP, section 4.5) for both axial and swirling inflow.
An easy way to improve the cooling in a specific area for a given geometry is usually
to simply increase the amount of injected coolant (injection ratio IR), with the
attached drawbacks for cycle efficiency. However, due to the complicated nature of
the flow and cooling interaction, the relationship between IR and η is not necessarily
linear. The present investigation aims at identifying areas on the tip surface that
1

The following chapter presents a reworked and extended version of the results published in
Wilhelm and Schiffer [218].
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might benefit from such an increase in IR and areas that will not be cooled better
despite increasing IR - and how this is influenced by the inlet condition. For this
purpose, a systematic variation of the coolant injection ratio IR has been conducted
for both inflow conditions.
The results obtained for the film cooling effectiveness η are to be understood as timeand ensemble-averaged cooling distributions, since the PSP only slowly responds to
temporal changes and thus is insensitive to all unsteady interaction effects between
the stationary and rotating frame of reference. Therefore, all impacts of different
swirl clocking positions (SWL/SWP) on the rotor tip cooling appear averaged.
Thus, it is only distinguished between axial inflow (AX) and the general case of
swirling inflow (SW) in the following chapter. The results for η gathered from PSP
measurements are complemented with additional aerodynamic data obtained by
the unsteady pressure sensors in the casing above the rotor tip (Kulites, section
section 4.4) gathered for some specific coolant injection ratios.

8.1 Film Cooling Distribution
First, η is investigated for an engine-realistic coolant-to-mainstream injection ratio
of IR = 0.93 % for the AX baseline case. Then, the impact of SW on η for the same
IR is investigated and compared to the AX baseline case.

8.1.1 Cooling Distribution for Axial Inflow
The spatial distribution of η exhibits several characteristics that are tied to both the
cooling configuration as well as the tip aerodynamics. Along the blade chord, η is
increasing with maximum values close to 0.70 at the TE. Locally, a clear pattern
is visible in the film cooling distribution resulting from individual coolant jets. To
better identify these, η is also plotted along a coordinate s that starts near the LE
and then runs along the center of the PS rim towards the TE (figure 8.1a upper left).

The coolant distribution is further discussed for five areas of interest (figure 8.1a):
• Leading Edge: Cooling coverage is generally low (η < 0.1) at the LE. Only one
local maximum in η is apparent just off the stagnation line towards the SS
which is attributed to coolant jet 4. The cooling holes that are located near
the LE towards the SS (holes 1 to 3) do not contribute to tip surface cooling2 .
• Pressure Side Rim: The traces of the discrete coolant jets are visible as local
maxima and minima in η along the PS rim. η reaches values of 0.2 . . . 0.3
2
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This is true for IR = 0.93 % and lower.
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Figure 8.1: Baseline tip surface film cooling coverage for axial inflow (PSP)

where jets are located, while coolant coverage is low in between coolant jets
with η < 0.1.
• Squealer Cavity: A coolant pattern is also visible on the cavity floor, especially
in the center of the cavity near the camberline, where local spots of high η are
found. Just along the PS rim, a narrow band of lower η is seen.
• Suction Side Rim: The jet pattern is only slightly visible along the SS rim.
Coolant coverage is more uniform and increases further towards the TE,
ranging from η = 0.1 . . . 0.3.
• Trailing Edge: Further towards the TE, the coolant jet pattern becomes less
visible and is replaced by a plateau of high uniform coolant coverage with
η = 0.4 . . . 0.7.

8.1.2 Interpretation of Aero-Coolant Structure for Axial Inflow
The coolant distribution is now explained using the rotor tip flow representation
that has been developed earlier for the uncooled tip. The observed coolant pattern
is used to trace the coolant jets (figure 8.1b, grey arrows). For orientation, the
outlines of the 13 cooling holes (projections from h r el = 92.3 %) and of the squealer
cavity are plotted as solid lines. In addition, the dividing streamline (DS) and the
different leakage flow zones as well as the main vortical structures in the tip gap
area are shown.
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• Leading Edge: Coolant jet 4 is carried across the tip surface with the tip leakage
flow upstream of the dividing streamline. Further towards the SS, no leakage
flow enters the tip gap from the PS, but only incidence tip leakage from the SS
boundary layer. As a results, coolant jets 1 to 3 do not reach the surface.
• Pressure Side Rim: The coolant jets are carried from the PS towards the tip
surface with the leakage flow. The direction of the coolant jet trajectories
correspond to the leakage streamlines of the tip flow model.
• Squealer Cavity: In the front part of the cavity, the coolant jets pass over the
rim boundary layer rollup vortex (RBRV), are pushed away from the casing
towards the cavity floor by the casing vortex (CV), and then impinge on the
cavity floor. Only little coolant is found where the RBRV is located. Further
towards the back of the cavity, no impingement pattern on the cavity floor is
seen, instead the coolant jets pass towards the SS rim. The relatively small
coolant coverage in the squealer cavity region is most likely caused by two
reasons: (1) the steep angles of the coolant relative to the PS surface cause
jets to lift off and mixing with the main flow before reaching the surface and
(2) the larger tip clearance in the cavity region leads to a dispersion of coolant
away from the tip surface. The last jet across the cavity (jet 7) is prevented
from impinging on the cavity floor by the leakage fluid that exits the cavity in
this region. This leakage also pushes jet 7 towards the front, so that jets 7 and
8 are visible apart.
• Suction Side Rim: The coolant leaves the cavity again together with the tip
leakage flow, both up and downstream of the dividing streamline. In the front
part of the SS rim, upstream of the dividing streamline, the jet structure is not
clearly visible anymore, and the coolant has been already mixed out by the
impingement upon exiting the gap. Towards the rear, the coolant pattern is
still visible, indicating the coolant jets pass over the cavity in this region and
are still intact when reaching the SS rim.
• Trailing Edge: The high coolant coverage at the TE has several reasons: (1) The
high leakage at the TE carries the coolant across the surface, (2) the flat angles
of cooling holes 11 to 13 relative to the PS surface guide the coolant along the
surface into the gap3 , which (3) leads to overlapping areas of effects, and (4)
the missing squealer cavity and thus smaller gap keeps the coolant close to the
tip surface. The first jet covering the TE (jet 8) is pushed downstream by the
fluid of the RBRV exiting the squealer cavity.

3
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Jets 11 to 13 cannot be clearly distinguished anymore. It is therefore not clear if jet 13 does fully
cover the TE in all cases.

8 Impact of Swirl on Rotor Tip Film Cooling

8.1.3 Impact of Swirl on Coolant Distribution and Aero-Coolant Structure
To investigate the impact of swirl on the coolant distribution, the difference in film
cooling effectiveness ∆η = ηSW − ηAX between swirling and axial inflow is investigated for the same coolant injection ratio of IR = 0.93 % as before (figure 8.2a).
The observed changes are in the range of ∆η = ±0.15 and vary spatially, with the
largest discrepancies occurring towards the TE, where η is substantially decreased.
The pattern in η caused by the coolant jets is still present, but shifted. Based on this,
once more the coolant jet trajectories are traced4 (figure 8.2b) for swirling inflow
(black arrows) and compared to those found earlier for axial inflow (grey arrows).
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upstream cavity leakage
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Figure 8.2: Change in film cooling distribution between axial and swirling inflow (PSP)

The findings are summarized for the five parts of the blade tip:
• Leading Edge: An increase in η is seen at the LE towards the SS, which is
attributed to coolant jet 3 reaching the surface, which it did not for this IR
for AX. As seen from the casing and profile pressures, more fluid enters at the
LE from the PS (upstream cavity leakage) due to the negative incidence and
carries jet 3 towards the tip surface.
• Pressure Side Rim: The coolant jets along the PS rim (jets 4 to 7) are shifted
further downstream, as indicated by a shift in the local peaks (figure 8.2a,
4

The tracing is done based on the film cooling distribution for IR = 0.93 % shown in figure 8.5d.
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upper left) and the coolant pattern. This is due to the negative incidence
which causes the leakage flow direction to to be more axial in the front part
of the tip, which is prone to be more sensitive towards a change in incidence
than the TE (section 2.3.4).
• Squealer Cavity: Similar to the PS rim, the coolant jet pattern is shifted downstream due to the shift in leakage flow direction. The regions of impingement
on the cavity floor are still present, as is the region of lower η close to the PS
rim, indicating that also the tip gap vortices (CV, RBRV) are present. At the
back of the cavity, jets 7 and 8 are now closer together, which is an indication
that less space is occupied by the fluid exiting the cavity in this region. This
can be explained by the change in leakage seen from the casing pressure data
(figure 7.4c). The onset of the tip leakage across the PS rim is earlier, with an
increased leakage, shifting the streamlines further downstream.
• Suction Side Rim: In terms of coolant coverage, little change is seen on the SS
rim. This is to be expected, since the jets have been found to be almost mixed
out for AX, with SW increasing mixing even further.
• Trailing Edge: The coolant pattern (jets 8 to 12)5 is found to shift upstream,
and the coolant coverage is decreased substantially by up to ∆η = −0.15.
The TE is not so much driven by incidence, but by the pressure difference
from PS to SS, especially since the sealing effect of the squealer cavity is not
present. As has been seen earlier, this pressure difference is decreased and
less leakage flow is present. Since the leakage flow has less momentum, it
takes the shorter path across the TE, explaining the shift of the trajectories.
The decrease in coolant coverage at the TE can be explained by the decrease
in leakage resulting in less coolant being transported across the tip surface.

8.2 Variation of Coolant Injection
From the previous section, it has become clear that the coolant coverage at the tip
surface is affected by the inlet conditions. Especially at the TE, the film cooling
effectiveness has been found to be negatively affected by swirl, but local changes
have been observed across the whole of the tip. A straightforward way to possibly
re-establish coolant coverage is to change the total amount of coolant injected. For
this purpose, seven different IR (0.45 % - 0.58 % - 0.70 % - 0.93 % - 1.16 % - 1.40 %
- 1.74 %) are considered. The global effect of varying coolant amount is investigated
for the tip surface as a whole for both AX and SW using the area averaged film
cooling effectiveness η̄ (figure 8.3a).
5
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As mentioned earlier, the position of jet 13 is not very clear from the coolant pattern, it is
therefore omitted from the explanation.
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Typically, an approximate coolant mass flow is selected during coolant design to
ensure appropriate coolant coverage, common values ranging from IR = 0.7. . . 1 %
at the rotor tip. The baseline case of IR = 0.93 % considered in the previous sections
is therefore a realistic value and corresponds to an average blowing ratio of BR ≈ 2
(equation 2.15). For BR = 2, the corresponding average momentum flux ratio M R
is above 2 (figure 8.3b6 ). Looking back at the flat plate film cooling experiments
(section 2.4.3), typical values for M R, for which coolant jets are still attached to the
surface and thus fulfill their cooling purpose, are usually in the range of M R < 0.8.
In contrast, coolant coverage is still ensured even for large M R in the present
case (figure 8.3a), highlighting that for the cooling setup at the rotor tip different
constraints apply than for flat plate film cooling.
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Figure 8.3: Average coolant parameters (BR, M R) and film cooling effectiveness η for AX
(◦) and SW (4)

The following key observations in terms of the mean film cooling effectiveness on
the tip surface η̄ are made (figure 8.3a):
• For IR ≤ 0.93 %, inlet swirl decreases η̄. This decrease is most severe for the
lowest IR = 0.40 % with ∆η̄ = −0.05 (−28 %).
6

Further details on the local coolant parameters can be found in appendix C.2.1

8.2 Variation of Coolant Injection

145

• For IR ≥ 1.16 %, inlet swirl increases η̄. For the highest invested IR =1.74 %,
the increase is ∆η̄ = 0.02 (+7 %). The highest increase in η̄ however is
observed at IR =1.4 % with ∆η̄ = 0.04 (+13 %).
• For both inlet conditions, η̄ first increases when IR is increased, however the
gain in η̄ is limited and a saturation occurs. This saturation in η̄ is reached
earlier for axial inflow ( IR ≥ 1.16 %) than for swirling inflow ( IR ≥ 1.40 %).
• For swirling inflow, η̄ increases more rapidly with IR than for axial inflow,
especially for IR ≥ 0.70 %.
These global trends can only be explained by understanding the local differences in
cooling. Four main mechanisms affecting local cooling coverage are identified and
will be supported by experimental data in the following sections:
• Differences in film cooling parameters (BR, M R) caused by the change in main
stream conditions alter the jet attachment to the surface and the jet penetration
depth into the main flow. Especially BR and M R for the coolant jets close to
the LE are increased (jets 3 and 4), due to the decrease in mainstream velocity
close to the stagnation region as a result of the swirl induced shift in incidence
(appendix C.2, figure C.3), while BR and M R are slightly decreased along the
PS, due to the main stream velocity increase.
• For high IR, coolant jets have enough momentum to impinge on the rotor
casing. This influences cooling performance, since the coolant jets will be dispersed (at least partly) upon hitting the wall instead of providing a protective
coolant layer for the tip surface.
• Due to the rise in turbulence, the mixing between coolant and mainstream is
increased, so that coolant jets become diluted, but at the same time coolant
coverage becomes more uniform. This affects the whole of the tip surface.
• The changes in leakage flow and tip flow structure affect η, since large parts
of the coolant are carried through the gap by the leakage flow. As seen
from the aerodynamic data, this especially influences the jets along the SS
LE (incidence tip leakage) and the jets along the PS TE (change in driving
pressure difference).
In the light of these four mechanisms, the spatial coolant distribution on the tip
surface for different IR is investigated7 , first for axial inflow and then for swirling
inflow.
7
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The corresponding circumferentially averaged plots can be found in appendix C.2.2. Circumferential averages are shown for both inflow conditions and for all IR at each axial station x/cax .
In addition circumferential averages have also been calculated separately for the PS and SS rim
as well as the PS and SS cavity.
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8.2.1 Coolant Structure for Axial Inflow
When increasing the coolant injection from IR = 0.45 % to 0.70 % (figures 8.4a
to 8.4c) the observed coolant pattern remains similar, with coolant effectiveness
η steadily increasing. Jets 4 to 6 are found to impinge on the cavity floor, with
impingement regions growing with growing IR. Jet 7 does not impinge on the cavity,
but instead is carried across the cavity (“bridging” the cavity), so that its trace is only
found on the SS rim. For IR = 0.93 % (baseline case, figure 8.4d), these features
are all still present, but jets 4 to 9 begin to lift off, as indicated by a decrease in η
right along the PS edge where good coolant coverage was seen for smaller IR.
For IR = 1.16 % (figure 8.4e), jets 4 to 7 now detach and reattach along the PS rim,
as can be seen by η dropping significantly on the PS edge, but then rising again
further along the PS rim. At the same time, η is decreased for the impingement
areas of jets 4 to 6 on the cavity floor. Both of these observations indicate that the
jets stay close to the casing wall and do not effectively contribute to the surface
cooling anymore. Similarly, the coolant of jet 7 that bridged the cavity and caused
an area of elevated η on the SS rim now appears dispersed. Near the LE towards
the SS, jet 3 now reaches the rim and contributes to the cooling here. For an even
higher IR = 1.40 % (figure 8.4f), jets 4 and 5 are now fully detached, while jets 6 to
8 lift off and reattach on the PS rim. The coolant coverage in the part of the cavity
closer to the PS is reduced in comparison, and no clear jet structures can be seen in
the cavity anymore.
In summary, the rise in area averaged film cooling effectiveness η̄ (figure 8.3a),
when increasing the coolant injection (for IR < 0.93 %), corresponds to the increase
in coolant mass flow and is ensured by coolant jet attachment on the PS rim and
jet impingement on the cavity floor. Starting from IR = 0.93 %, jets start to detach
along the PS rim and jet impingement on the cavity floor is weakened until jets are
dispersed before reaching the cavity floor for higher IR. This leads to a deterioration
in cooling performance on the PS rim and PS cavity, which is offset partly by jet
3 reaching the surface and contributing to the overall η̄ (see also appendix C.2.2,
figures C.4 to C.8).

8.2.2 Coolant Structure for Swirling Inflow
For low IR, overall η̄ is less for SW, while η̄ is increased for higher IR in comparison
to AX. The coolant pattern is generally attenuated, especially so inside the cavity
and along the SS rim, where only weak impingement of jets 4 to 6 on the cavity
floor can be seen for 0.58 % ≤ IR ≤ 1.16 %, while for the lowest IR ( IR = 0.45 %)
no impingement is detected at all (figure 8.5). Even though the jet BR and M R are
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decreased for all coolant jets (except for jets 3 to 5) by SW (see also figure C.3),
the differences in BR and M R between AX and SW are small in comparison to the
differences caused by a change in IR. The jet penetration depth into the main flow
should therefore not change too much, thus the decrease in η̄ cannot be explained
by the differences in BR and M R alone. A more convincing reason is the increased
turbulence intensity, which causes jets to disperse before they reach the tip surface.
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This especially affects the jets for small IR, when the jet momentum is small and
jets are therefore more susceptible to the increased turbulent mixing.
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η for SW with iso contours ∆ηiso = 0.05 (PSP)
The MR of jets 3 to 5 is increased by SW (figure C.3). Jet 3 is carried to the surface,
now already for IR = 0.58 %, aided by the increased incidence leakage. Jet 4 on
the other hand is not effective in cooling the surface, especially so for small IR,
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despite the higher M R for swirl (figure C.3). This can be explained by a shift in the
stagnation line towards the SS, and as such towards coolant hole 4, which results
from the negative incidence. Consequently, the local main flow velocity is decreased
(in the denominator of equation 2.16), raising M R and seemingly increasing the jet’s
ability to penetrate the flow. At the same time however, the resistance posed by the
stagnating flow that needs to be overcome by the coolant jet increases (figure 8.5a).
Consequently, coolant from hole 4 does only scarcely reach the tip surface.
For IR ≥ 1.16 % (figures 8.5e and 8.5f), η̄ is higher for SW than for AX. This is
a result of jets 4 to 8 reattaching on the PS rim and thus still contributing to the
cooling instead of being fully detached as seen for IR = 1.40 % in the AX case.
This reattachment process introduces more coolant into the cavity which is then
recirculated and distributed and seen as an elevated η on the cavity floor, even
when no direct impingement pattern is visible anymore.
Looking at the difference in film cooling ∆η = ηSW − ηAX , the TE of the blade is
cooled significantly worse for SW than for AX for all IR (figure 8.6). As seen from
the aerodynamic data, the leakage mass flow is reduced by SW, thus coolant is not
transported across the TE as well as for AX, independent of coolant IR. However, for
small IR especially, coolant coverage is significantly decreased by up to ∆η = −0.15
due to the effects described before.
To summarize, while for IR ≤ 0.93 %, the increased turbulent mixing deteriorates
cooling performance by weakening the coolant jets, for ≥ 1.16 % this effect acts positively by enhancing the jets ability to reattach to the surface and distribute coolant
towards areas that are not directly covered by the jets. As a direct consequence of
the negative incidence, cooling near the LE (jet 4) is deteriorated, but improved
further towards the SS by the increase in incidence tip leakage (jet 3). An indirect
consequence of the negative incidence is the decrease in tip leakage at the TE, which
leads to a significant decrease in cooling in this region.

8.3 Coolant-Aerodynamics Interaction
Based on the PSP data, it has been shown that the inflow conditions and thus the
change in tip aerodynamics decisively influence the tip coolant coverage. On the
other hand, as introduced in section 2.6, the opposite may also happen: The tip
coolant injection can impact the tip aerodynamics. Hence, coolant injection has the
potential to influence tip leakage and the formation of secondary flows in the tip
region, thus possibly reducing loss.
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(a) IR = 0.45 %
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Figure 8.6: ]

Difference in film cooling ∆η = ηSW − ηAX between SW and AX with iso contours
∆ηiso = 0.05
In this section, the interaction between the tip coolant injection and local tip
aerodynamics is therefore investigated. Time-resolved casing pressure data is shown
that supports the findings from PSP and allows to expand the observation window
beyond the tip surface into the rotor passage. The question of whether the coolant
injection influences the secondary flow structure is discussed. To assess the possible
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potential of loss reduction by coolant injection, the dissipation downstream of the
rotor is calculated from HWA data8 .

8.3.1 Impact of Coolant-Aero Interaction on Cooling Effectiveness
The casing pressure data is evaluated for both inflow conditions for a low IR
( IR = 0.45 %) and the baseline IR by considering the pressure difference relative to
the uncooled case ∆c p = c p,cool ed − c p,uncool ed (figure 8.7, further IR in figure C.10).
Some of the characteristic flow features identified earlier (section 6.1) are marked
by solid lines. Namely, these are the passage stagnation line 1h, the suction side leg
of the horseshoe vortex/the passage vortex 5h, the passage separation line 7h, and
the tip leakage vortex 8h. Arrows schematically mark the flow structure derived
from the casing pressure data in areas that are especially affected by the coolant
injection. On the tip surface, the iso contours of film cooling effectiveness η (from
figures 8.4 and 8.5) are displayed. They make it possible to (1) compare the position
of the coolant jets identified from PSP on the PS rim to the local maxima in c p along
the PS (dashed circles) marking coolant jet impingement on the casing, and (2) to
bring the coolant pattern in the cavity and along the SS rim in context with local
maxima and minima in c p .
For both inflow conditions (figure 8.7), a decrease in c p can be seen along the PS
and at the LE towards the SS when coolant is injected which can be attributed to
the higher local mass flow, causing a rise in fluid velocity. For AX (figures 8.7a and
8.7b), the coolant injection causes a rise in pressure along the passage stagnation
line 1h, especially further towards the TE, which can be interpreted as more coolant
impinging on the casing. Large parts of the pressure rise are on the passage side
of the stagnation line, thus this fluid will not enter the tip gap as leakage. It is
therefore concluded that in the AX case, when IR is increased, more and more of the
coolant fluid does not reach the tip surface, but instead impinges on the casing due
to the high jet momentum, with part of the coolant being diverted away from the tip
PS towards the passage. This is in accordance with the results for η̄ (figure 8.3a),
where it has been seen that increasing IR does not benefit tip surface coolant for AX
beyond IR = 0.93 %.
8
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In contrast to previous chapters, the casing pressure and HWA data shown in this section is not
averaged across all stator positions. Instead, measurements have been taken for one stator-tosensor clocking position due to measurement time constraints. The possible bias introduced
by only considering one stator clocking position is mitigated by appropriate referencing. For
this purpose, the data set without coolant injection (HWA, Kulite) is used as a reference and
subtracted from each respective data set where coolant injection was present. Separate reference
data sets without coolant injection have been gathered for AX and SW respectively, so that the
data is always referenced for the corresponding inlet condition.

8 Impact of Swirl on Rotor Tip Film Cooling

8

1

8

1

7

7

5

5

(a) IR = 0.45 % (AX)

8

1

(b) IR = 0.90 % (AX)

8

1

7

5

(c) IR = 0.46 % (SWL)

7

5

(d) IR = 0.91 % (SWL)

Figure 8.7: Casing pressure ∆c p = c p,cool ed − c p,uncool ed (Kulite) for AX and SWL with film
cooling iso contours ∆ηiso = 0.05 (PSP) and schematic depiction of change in
flow structure relative to the case without cooling

8.3 Coolant-Aerodynamics Interaction

153

For SWL (figure 8.7c and 8.7d), no rise in c p along the passage stagnation line
occurs, instead the decrease in c p spans a wider area. For IR = 0.91 %, the peaks
in c p on the casing caused by the individual coolant jets are less distinct than for
AX in comparison. These observations confirm that indeed for the SWL case, the
coolant jet penetration into the main flow is not as deep, which is a result of the
increased mixing with the main flow. A higher portion of the coolant, instead of
impinging on the casing, is transported along the PS towards the TE - thus the
greater decrease in c p along the PS. Again, this confirms the observations made from
the PSP measurements: For low IR, the coolant does not cool the TE as effectively
because it does not reach far enough into the main flow to be transported into the
gap with the leakage flow. On the other hand, for higher IR, the relatively weaker
jet penetration prevents the coolant from being swept away towards the passage
as in the AX case, so it can contribute to the tip surface cooling. Thus, for swirling
inflow, η̄ is higher than for AX for IR > 0.93 % (figure 8.3a).

8.3.2 Impact of Coolant-Aero Interaction on Secondary Flows
The impact of coolant injection on the secondary flows is first investigated based on
the change in c p on the casing in the region of the passage vortex 5h, the passage
separation line 7h(scraping vortex), and the tip leakage vortex 8h(figure 8.7). Then,
the dissipation function Φ is calculated (equation B.49) downstream of the rotor
(ME03) for the vortex areas for all IR and both inflow conditions to assess the impact
of the coolant on vortex strength and loss. It needs to be pointed out that since no
information on the loss development prior to the measurement plane is available, Φ
only provides trends in terms of vortex strength and loss, and no integral information
about the overall loss associated with the vortices. The influence of IR on dissipation
is expressed by calculating the ratio ∆Φ/Φ IR=0 , with ∆Φ = Φ IR − Φ IR=0 9 (figure 8.8).
For both inflow conditions, a rise in c p can be seen in the areas where vortices
are located, indicating that the pressure loss region associated with the vortices
is reduced (figure 8.7). For AX, the pressure rise is more concentrated in the TLV
8h and SV 7h region and only less so in the PV 5h region. On the other hand,
for SWL, c p is increased especially in the PV region. Coolant injection therefore
seems to decrease the strength of the secondary flows on the tip, with the TLV being
more sensitive to coolant injection for AX than for SWL, and effect on the PV being
dominant for SWL10 .
9
10
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Φ in this case is the sum of the dissipation across the region bounded by a dissipation rate of
D ≥ 1%/s respectively
This is also affirmed by the assessment of vortex areas and circulation with the HWA data
(figure C.9).
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Figure 8.8: Total change in dissipation in the region of TLV, SV and upper PV (bounded by
D ≥ 1%/s) when coolant is injected relative to the case of no coolant injection,
both for axial and swirling inflow (ME03, HWA)

For AX, a steady decrease of dissipation with increasing IR has been found, with
IR = 0.91 % leading to a decrease in dissipation ny 3 pp in total for all three
vortices (figure 8.8). In contrast, for SWL, low coolant injection is found to increase
dissipation at first and only decreases dissipation for higher IR. As can be seen by
the rise in c p along the PS rim (figure 8.7), the leakage mass flow is reduced. The
coolant jets are thought to act like a curtain and thus reduce the fluid leakage entry
into the gap by blocking the leakage flow. This is especially effective for AX, where
the jets have the penetration capability already at low IR. For SW, the blockage
effect does not occur until IR is further increased since the jets are weakened by the
higher turbulent mixing, so that the loss associated with the low velocity coolant
fluid and mainstream interaction outweigh possible benefits for low IR.

8.4 Summary
• For the pressure side cooling hole configuration, coolant coverage generally increases from leading edge to trailing edge, peaking at film cooling effectiveness
values of η = 0.7 at the trailing edge.
• The coolant trajectories in the main part follow the tip leakage flow. Since the
leakage at the trailing edge is higher due to the missing sealant effect by the
squealer, so is the coolant coverage. Due to the overlapping areas of effect of
the steep coolant jets in this region, coolant coverage is quite uniform.
8.4 Summary
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• In the squealer, the coolant coverage is worse due to the reduced leakage, but
also due to the local increase in tip gap. First, coolant is not kept as close to
the surface as at the trailing edge, and second, coolant does not directly hit
the cavity surface, but interacts with the secondary flow structure around the
squealer cavity, partly dispersing it. The coolant jets are pushed towards the
surface by the casing vortex, while in the region of the rim boundary layer
rollup vortex, less coolant is found.
• The reduction in leakage at the trailing edge in the swirling inflow case
significantly reduces coolant coverage by up to ∆η = −0.15. Assuming
a hot gas temperature of 1700 K and a coolant temperature of 900 K, this
corresponds to an increase in film temperature by 120 K. If this increase is
not accounted for in the coolant design, blade material temperatures could
significantly rise, thus severely reducing component life time by an increase in
hot corrosion.
• Coolant jets near the stagnation point are especially affected by the incidence
caused by swirl in terms of their momentum. The negative incidence shifts the
stagnation point towards the suction side, close to coolant hole 4. This severely
hinders its ability to cool the surface. At the same time, the momentum of the
jets further towards the suction side is increased, enabling jet 3 to contribute
to the surface cooling already at lower injection ratios. The two coolant jets
furthest towards the suction side are not able to reach the surface in any of
the considered cases and do not benefit the tip surface cooling.
• For low coolant injection ratios, swirl deteriorates film cooling performance
due to the increased turbulent mixing. This effect is reversed for higher
injection ratios in the sense that coolant jets, that would normally not be able
to effectively cool the surface due to being detached, are weakened by the
increased turbulence, leading to a better and more even coolant coverage.
• For higher coolant injection, coolant jets start to impinge on the rotor casing
and coolant is partly swept away across the passage towards the suction side
of the following blade. Again, for axial inflow, this effect is already apparent
for lower injection ratios, as the higher turbulence for the swirling inflow case
decreases the jets’ ability to penetrate as deeply into the main flow.
• An impact of the coolant injection on the strength the near tip secondary
flows (tip leakage vortex, scraping vortex, and upper passage vortex) can be
seen downstream of the rotor, indicating that an increase in coolant injection
reduces dissipation associated with these vortices, with the tip leakage vortex
being more sensitive to coolant injection for axial inflow and the passage
vortex being more sensitive in the swirling inflow case.
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8.5 Implications for Coolant Design
Based on these observations, some suggestions to improve the aerothermal tip
design can be given:
• Be aware of the leakage path and the leakage flow streamlines. Position
coolant holes strategically along a streamline, upstream of an area with high
heat loads.
• To obtain a robust coolant design, the tip aerodynamics need to be robust
towards changes in leakage distribution. Therefore, extend the squealer all
the way to the trailing edge for an added sealing effect. This will make the
trailing edge more insensitive towards changes in blade loading.
• Improve the aerodynamic robustness of the leading edge by adding a winglettype extension near the suction side close to the leading edge. This should
further decouple the boundary layer entailed tip leakage flow (entering the
gap along the leading edge, especially from the suction side) from the swirl
induced incidence.
• Keep the pressure side coolant injection, as it is effective in providing coolant
to the tip gap, which is recirculated in the squealer. Additionally, introduce
dust holes in the squealer cavity to further improve coverage in the frontal tip
region.
• Increase the squealer depth to further recirculate the coolant in the cavity and
obtain a more even coolant coverage on the surface.
• Discard the coolant jets along the suction side, as they do not contribute to
the surface cooling.
• Position the coolant holes around the stagnation point at the leading edge, not
directly at it, as the incoming flow will block the coolant holes otherwise.
• Avoid low coolant jet momentum for high turbulence inlet conditions, otherwise the coolant will be dispersed. On the other hand, avoid high jet
momentum for low turbulence inlet conditions, or coolant jets will not stay
attached to the surface.
• Avoid coolant impingement on the rotor casing, as coolant jets will be dispersed
and part of the coolant will not contribute to the tip surface cooling.
• Spread the coolant more evenly, for example by introducing hole fan shaping
or increasing the number of holes while decreasing their diameter. This will
reduce the distinct coolant pattern and especially local minima in cooling
effectiveness that could possibly result in high local surface temperatures.

8.5 Implications for Coolant Design
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Investigations were conducted at the Large Scale Turbine Rig, which is a 1.5-stage,
low speed, full annular model turbine rig operating at near-atmospheric conditions
with engine-realistic Reynolds numbers. At the turbine inlet, a non-reactive combustion simulator creates an engine-representative flow field, matching the whirl
angle and velocity distribution at the combustor-turbine-interface typically found
for low emission lean-burn combustion. The focus of investigations was on the
aerothermal impact of lean-burn inlet conditions on the rotor tip region, as this
region in particular is critical in terms of efficiency, but also in terms of component
lifetime. The rotor tip geometry included a squealer cavity for leakage reduction
and a pressure side row of cylindrical coolant holes to supply coolant to the tip
surface region.
A variety of different experimental techniques was applied (mainly steady pressure
and temperature measurements, five-hole probes, hot-wire anemometry with splitfiber probes, a casing Kulite-array, and pressure sensitive paint at the rotor tip),
complemented by steady numerical simulations. By combining these different
methods, the flow field in the turbine in general and the aerodynamic and cooling
phenomena in the tip region specifically were investigated. Results were presented
for both an axial inflow baseline case, but also for two swirler-to-stator clocking
positions, as well as for different coolant injection ratios.

Aerodynamic Findings
The main findings in terms of flow phenomena, stage characteristics, and impact of
swirl thereupon (chapter 5 - 7) are reviewed below:
• Swirl-to-Stator Clocking: Looking at the time- and stator-averaged flow in the
rotor relative frame of reference, no relevant differences can be seen between
the two investigated clocking positions (swirler-to-leading edge/swirler-topassage clocking) in this study. However, it is recognized that different clocking
positions can influence rotor aerodynamics and stage performance, providing
possibilities for further experimental investigations.
• Rotor Tip Inflow: Inlet swirl causes a mass flow redistribution towards the
endwalls, which leads to an under-turning of the flow near the hub and casing
in the stator. This causes a negative incidence at the rotor tip by up to 7.3 ◦ .
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Furthermore, the turbulence intensity Tu is increased, on average from 2.4 %
to 4.6 % in the tip region.
• Leading Edge Leakage: The tip ( t g ap = 0.89 %) is completely immersed in the
fully turbulent casing boundary layer (δ/h r el = 4.9 %). Boundary layer fluid
enters the gap mainly from the pressure side, but also from the suction side
as a result of a boundary layer induced incidence in the rotor relative frame
of reference (wϕ /u < 1). The leading edge is especially susceptible to the
incidence change caused by swirl, which causes an increase in suction side
fluid entry.
• Trailing Edge Leakage: The rotor blade is back loaded, leading to a high tip
leakage flow towards the trailing edge, driven by the pressure difference
between the pressure and suction side. Swirl decreases loading, in particular
at the susceptible trailing edge, resulting in a lower trailing edge leakage.
• Tip Gap Flow Phenomena: The flow structure in the tip gap region is complex
and three dimensional, including stagnation regions, separation along the
squealer rims, and secondary flow vortices in the cavity. Local tip gap flow
phenomena interact with the tip leakage, influence the distribution of coolant
along the tip surface, and impact the formation of the passage secondary flows
originating in the tip gap region.
• Upper Passage Vortex: The tip leakage flow prevents the formation of the
pressure side leg of the horseshoe vortex, instead feeding into the tip leakage
vortex. The upper passage vortex only consists of the suction side leg of the
horseshoe vortex and is significantly smaller than the lower passage vortex as a
result. The negative incidence at the leading edge caused by swirl weakens the
suction side leg of the horseshoe vortex/upper passage vortex, which remains
closer along the suction side.
• Tip Leakage Vortex: The tip leakage vortex forms halfway along the suction
side rim of the squealer cavity and is initially fed by tip leakage fluid leaving
the cavity. For swirl, the cavity leakage flow is increased, due to the increase in
suction side tip gap fluid entry. This causes the tip leakage vortex to develop
earlier, become stronger, and be shifted away from the suction side into the
passage.
• Scraping Vortex: A scraping vortex develops, where the passage boundary layer
separated from the casing along the tip suction side. The separation region is
characterized by unsteadiness and high dissipation rates.
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• Rotor Loss: Loss is generally higher in the lower channel half, which is linked to
the radially outward mass flow redistribution. Probable causes include blockage effects by the lower passage vortex (Hilgert et al. [82]) and (unsteady) rim
seal effects (Brötz [30], Filius [58]), but are not further investigated within
this study. A loss peak is found in the tip region, caused by the tip leakage
vortex and scraping vortex. A general increase in rotor loss is observed for
swirling inflow, also due to the increased turbulence. The qualitative loss
distribution changes as a result of swirl, foremost in the tip region. An above
average increase in loss is found in regions, where loss was high to begin with
(lower passage vortex region, tip leakage region). A relative loss reduction is
observed in the upper passage vortex region.
• Stage Performance: The rotor loss is generally higher than the stator loss
(ζS = 0.10, ζR = 0.13), which is mirrored in the corresponding efficiencies
(ηS = 93.5 %, ηR = 90.9 %). Swirl increases the loss, more so for the rotor
than for the stator (ζS = 0.11, ζR = 0.15). The stator efficiency is quite robust
towards swirling inflow, while rotor efficiency is more severely decreased
(ηS = 93.1 %, ηR = 87.7 %). Stage efficiency is decreased by approximately
∆η = −1 pp for swirling inflow (Eitenmüller et al. [53]).

Film Cooling Findings
The main findings in terms of tip film cooling, impact of swirl on cooling, and impact
of coolant injection on tip aerodynamics (chapter 8) are summarized below:
• Tip Leakage and Cooling: The coolant injected from the pressure side holes
is carried into the tip gap by the tip leakage flow. Regions with higher tip
leakage experience higher film cooling effectiveness, and vice versa. Peak film
cooling effectiveness (η̄ = 0.3 . . . 0.7) is reached towards the trailing edge,
while the coolant coverage near the leading edge and along the squealer is
lower (η̄ = 0.05 . . . 0.3). The local coolant coverage is dependent on the
coolant jet momentum and the secondary flow structure.
• Leading Edge: The coolant coverage is affected by swirl at the leading edge due
to the changing incidence. The details depend on the specific positioning of the
coolant holes. The negative incidence shifts the stagnation point towards the
suction side, hindering coolant injection from the corresponding hole. Coolant
jets towards the suction side reach the tip gap more easily due to the increase
in coolant jet momentum ratio.
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• Trailing Edge: Film cooling effectiveness is severely decreased by swirl (up
to ∆η = −0.15) because of the reduced leakage flow. The corresponding
increase in film temperature by up to 120 K would increase the blade material
temperature and thus severely reduce component lifetime.
• Coolant Jet Behavior: If the coolant jet momentum ratio is too high, the coolant
jets detach from the blade surface. The average threshold for detachment was
found to be at IR = 0.93 %, however it is dependent on the local specifics.
The coolant jets hit the casing wall for higher injection ratios. This causes the
coolant jet to split up, with the possibility of coolant being swept away from
the pressure side into the passage.
• Squealer Rims and Cavity: The jets cause a distinct coolant pattern along the
pressure side rim. For low injection ratios, the jets’ impingement positions can
be identified in the cavity and on the suction side rim, while a more uniform
coolant coverage is found for higher injection ratios.
• Influence of Turbulence: Swirl increases turbulence and the associated mixing,
which decreases the coolant jet penetration depth into the main flow. This
can either be beneficial or detrimental to the jet’s ability to cool the surface.
Low momentum jets are dispersed more easily, so less coolant reaches the
surface. High momentum jets are attenuated, making them more likely to stay
attached to the surface.
• Sensitivity of Cooling Effectiveness towards Injection Ratio Variation: Swirl leads
to a decrease in film cooling effectiveness for low injection ratios (∆η̄ =
−0.05 [−28 %] for IR = 0.40 %, but to an increase for higher injection ratios
(∆η̄ = 0.04 [+13 %] for IR = 1.40 %). Near the leading edge, this is caused
by the local effects of incidence on jet momentum ratio. In the main part
however, the global effect of turbulence described above is the dominant factor.
As a result, tip film cooling coverage is more sensitive towards the coolant
injection ratio for swirling inflow.
• Sensitivity of Tip Leakage towards Coolant Injection: For axial inflow, tip coolant
injection reduces the strength of the dissipation associated with the tip leakage
vortex, scraping vortex, and upper passage vortex (ME03). Especially the tip
leakage vortex is sensitive to coolant injection. The coolant jets block part
of the over tip leakage that would otherwise feed the leakage vortex. For
swirling inflow, the passage vortex is more sensitive towards coolant injection
than the tip leakage vortex. As the coolant jets are more dispersed for swirl,
the blockage effect is weaker, instead they even increase dissipation for low
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injection ratios. Coolant injection does therefore not constitute a complete
loss in terms of cycle efficiency, since it mitigates loss formation elsewhere.

Implications for Turbine Design
Based on these findings, suggestions are given to improve the current turbine design
and in particular to better cope with the lean-burn inlet conditions in the future in
terms of tip aerothermal performance:
• General Rotor Design: Large losses are identified in the lower half of the rotor,
independent of the inflow condition. This can be associated with a very high
loading in this region, and the mass flow redistribution from hub to channel
center. Possible causes include blockage effects from the passage vortex, flow
separation on the hub, and unsteady effects originating in the rim. This
provides a lever for efficiency improvement and should be a point of further
investigation.
• Tip Aerodynamics: The squealer tip aerodynamic performance can be further
improved by altering its geometry. For example, experiments conducted
within the research project, but not included in this thesis (Eitenmüller et al.
[53], Wilhelm and Schiffer [219]), have found that a combined squealerwinglet geometry out-performs the squealer tip. The squealer cavity should be
extended to the trailing edge for a sealing effect across the whole blade length.
The squealer rim width could be reduced and the depth enlarged, to save
material and weight, but also increase cavity volume for improved recirculation
and sealing (Senel et al. [192]). By adding winglet-type features, the over tip
leakage jet and the scraping vortex can be reduced, thus improving efficiency
by up to 0.33 pp (Eitenmüller et al. [53], Wilhelm and Schiffer [219]). By
furthermore adding an extension to the tip geometry near the leading edge
towards the suction side, the roll-up of the suction side boundary layer and
the suction side fluid entry into the gap could be reduced, thus decreasing
both the upper passage vortex and the tip leakage vortex.
• Aerodynamic Robustness towards Lean-Burn Inlet Conditions: Lean-burn representative inlet swirl has been found to cause a negative incidence at the
tip. To increase tip aerodynamic robustness, it is necessary to decouple the tip
leakage further from the incidence and loading situation at the tip, which is
already implied in all the design suggestions above. Furthermore, the mass
flow redistribution by swirl towards the endwalls and the incidence change
should be taken into account via a tailored aerodynamic profile design to
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adjust the loading accordingly, for example by increasing the near-tip stagger
angle to counteract the decline in acceleration along the suction side.
• Tip Cooling: It would be desirable to improve the uniformity of the coolant
pattern, as this would avoid local peak temperatures and prolong component
life time. This could be achieved by enlarging the cavity to promote coolant
re-circulation and distribution. In addition, the cylindrical coolant holes could
be substituted by fan-shaped holes, as they cause a more even and higher
coolant coverage (Wilhelm and Schiffer [219]). Fan-shaped holes should
also prevent jet impingement on the wall by reducing jet momentum, thus
increasing the effective amount of coolant available for tip surface cooling.
Coolant jets towards the suction side could be completely removed, as they
do not contribute to the tip surface cooling. Adding dust holes in the squealer
cavity region for added coolant would improve cooling effectiveness in this
region.
• Cooling Design Robustness towards Lean-Burn Inlet Conditions: Lean-burn representative inlet swirl impacts tip cooling, both as a result of the different
leakage flow behavior and the higher turbulence. Suggestions to decouple
the leakage flow from the inlet conditions have been given above. Especially
the decrease in leakage at the trailing edge has to be addressed, otherwise
swirl will drastically degrade coolant coverage there. Higher main stream
turbulence can actually benefit coolant performance, as turbulence disperses
and weakens coolant jets, thus enhancing the ability of high momentum jets
to stay attached to the surface, but only if the jet momentum is above a certain
threshold. It would generally be favorable to move away from few, distinct
jets to a more uniform coolant injection, which would then be distributed in
the cavity and throughout the gap, helped by higher turbulence (Wilhelm and
Schiffer [219]).

Outlook
Further topics of research that could only be touched upon in the present work, but
are of interest to expand the knowledge base for future designs, are listed:
• Improved Tip Design: Incorporation of a squealer-winglet design, improvement
of the coolant coverage by applying fan-shaped coolant holes, optimization of
the coolant hole locations to influence formation of tip leakage and passage
vortex, and coupling of the aerodynamic and cooling optimization.
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• Heat Transfer Reduction: Use of the experimentally obtained film cooling
distribution in a numerical study to obtain the net heat transfer reduction
(equation 2.11).
• Comparison to High Speed/High Temperature Conditions: Study of the effect
of swirl on partly choked tip and identification of differences in performance
between cold and hot investigations (see sections 2.3.6 and 2.3.8).
• Detail on Hub Aerodynamics: Investigation of the rim seal effect, application of
a hub side endwall contouring to reduce the passage vortex size, and change
of the fillet and airfoil geometry to reduce loss near the hub. Address the rotor
channel mass flow redistribution and quantify its contribution on performance
decrease and loss generation in the rotor.
• Swirl and Rotor Performance: Further quantify the impacts of swirl parameters
(swirl direction, swirl number, turbulence) on rotor performance, secondary
flows, and loss (comparability with studies by Beard et al. [19] and Schneider
[185], see section 5.1). This could be done by separating the impact of
different inlet conditions, for example by two measurements setups, one with
a turbulence generator and one with inlet guide vanes for incidence variation.
In addition, conduct unsteady CFD studies for validation and further parameter
variation.
• Impact of Unsteady Effects: Investigation of the effect of the fluctuating swirl
core and rotor secondary flows, application of a frozen-rotor approach to
identify areas that are subject to high unsteadiness, and data evaluation to
identify the impacts of stator and rotor on rotor loss (e.g. Cernat and Lavagnoli
[36]).
• Find Correlations: Conduct a CFD study building upon the experimental data
to correlate the tip loading to the tip leakage mass flow, secondary flows, loss,
and efficiency, and impacts of inlet swirl thereupon.
• Lean-Burn Turbine Design: Incorporation of high swirl, high turbulence conditions in the turbine design process, and optimization of stator and rotor
aerodynamics in conjunction taking into account the altered inlet conditions.
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A Describing Fluid Motion
A.1 Conservation Equations
Fluid motion can be described in terms of the universally applicable equations
of conservation of mass, otherwise known as continuity equation (equation A.1),
momentum (equation A.2), angular momentum (equation A.3), and energy (equation A.4) (Spurk and Aksel [196]).

∂ ui
Dρ
=0
+ρ
Dt
∂ xi
ρ

∂ τ ji
Dui
= ρki +
Dt
∂ xj
τi j = τ ji
τi j ∂ ui
De
1 ∂ qi
−
=
Dt
ρ ∂ x j ρ ∂ xi

(A.1)
(A.2)
(A.3)
(A.4)

A.2 Accounting for the Material
The eight equations above have 17 unknowns (ui j , ρ, τi j , qi , e with i = 1, 2, 3). To
obtain the missing nine equations, the behavior of the considered material, or more
precisely the process fluid, has to be characterized. In the case of a turbomachine,
air is used which classifies as a Newtonian fluid1 . At the LSTR, the fluid can also
be assumed to be incompressible2 . In this special case, the stress tensor τi j can
be defined as shown below (equation A.5), with Pi j being the viscous stress tensor
(equation A.6).

τi j = −pδi j + Pi j


∂ ui ∂ u j
Pi j = µ
+
∂ x j ∂ xi
1

2

(A.5)
(A.6)

For a Newtonian fluid, the relationship between the applied stress and the change of deformation
of the fluid (rate of strain) is linear. Furthermore, a Newtonian fluid has no memory of any
deformation it has been subjected to previously.
The assumption of incompressibility is justified since at the LSTR the velocities are low (Ma2  1
or commonly Ma < 0.3).
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A.3 Navier-Stokes Equations
To simplify the above equations, the assumption of an isothermal flow field3 can
be applied, so that the dynamic viscosity µ and the thermal conductivity λ are
constants. In this case, the equations of conservation of momentum are known as
the Navier-Stokes equations (equation A.7).

ρ

Dui
∂ 2 ui
∂p
= ρki −
+µ
Dt
∂ xi
∂ x j∂ x j

(A.7)

Furthermore, if the density is assumed to be constant4 , there are four unknowns
(ui , p)5 that are obtained by the Navier-Stokes equations in conjunction with the
condition of a divergence-free velocity field (Equation A.8).
∂ ui
=0
(A.8)
∂ xi

A.4 The Dilemma with Turbulence
In essence, equations A.7 and A.8 constitute a deterministic system that, combined
with a set of appropriate initial and boundary conditions, fully describes the flow
for a constant-property Newtonian fluid (Pope [161]). Why is it that we cannot
simply apply these equations to fully predict the flow behavior? The answer to this
question lies in the random, chaotic, turbulent nature of most real-life flows. As
physicist Werner Heisenberg (supposedly) put it:
When I meet God, I am going to ask him two questions: Why relativity?
And why turbulence? I really believe he will have an answer for the first.
Turbulent flows are highly sensitive to small perturbations in the initial conditions,
boundary conditions, and material properties (Pope [161]). For turbulent flows,
there are no steady solutions to the Navier-Stokes equations6 , but only chaotic,
unpredictable ones.
3
4

5

6
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This is a valid assumption at the Large Scale Turbine Rig since the change in temperature across
the rig is low (∆T ≈5 K).
This assumption is usually not fulfilled on a global scale at the Large Scale Turbine Rig. Since
the pressure drop across the rig is ca. 10 kPa in total, the density varies around 10 % from
inlet to outlet. However, locally, density changes are small because of the nearly isothermal,
incompressible flow. For this reason and to stay in line with literature, where the constant density
assumption is frequently used for simplicity when detailing the Navier-Stokes equations for
turbulent flows, it is also used in this context.
In this case, the pressure is no longer a thermodynamic variable, but depends only on the velocity
field.
Proving the existence and smoothness of solutions to the Navier-Stokes equations is one of the
unsolved Millennium Problems.
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A.5 Critical Reynolds Number
The Navier-Stokes equations can be expressed in a non-dimensional form (Pope
[161], Spurk and Aksel [196]). This approach reveals that the solution to the
Navier-Stokes equations is dependent on the Reynolds number Re (equation A.9).

Re =

U Lρ
µ

(A.9)

Below a certain critical Reynolds number Rec r i t 7 , flows remain laminar, while for
Reynolds numbers above Rec r i t , the flow becomes turbulent. While laminar flows
behave in an orderly and predictable fashion - each fluid particle follows a certain
path along a streamline - turbulent flows are always unsteady, of three-dimensional,
stochastic nature, and characterized by vortices. For turbomachine flows, the
Reynolds numbers are generally well in excess of the critical Reynolds number, so
they are usually highly turbulent8 .

A.6 Reynolds-Averaged Navier-Stokes Equations
A common approach to further assess a statistically stationary9 turbulent flow field
is to divide the flow quantities (ui , p) into their mean and fluctuation values. This is
also known as Reynolds decomposition (equation A.10 and A.11).



ui x j , t = ūi x j , t + u0i x j , t
(A.10)

p = p̄ + p0

(A.11)

After inserting these expressions in equations A.7 and A.8, time-averaging the result
leads to the Reynolds-averaged Navier-Stokes (RANS) equations (equation A.12).
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This number varies between Rec r i t = 2000 . . . 40000. For most technical applications, the critical
Reynolds number is assumed to be Rec r i t = 2300 (Spurk and Aksel [196])
An exception to the rule of turbulent flows in turbomachines is constituted by the flow along
solid surfaces. In near-surface regions, the flow may be transitional, meaning the flow transforms
from laminar to turbulent or vice versa (Mayle [134]).
An unsteady flow field can be considered statistically stationary if all statistics are invariant
under a shift in time (Pope [161]). This means that for example the mean flow velocity and the
mean of the fluctuations converge towards a constant value if averaged over an adequate time.
Furthermore, it is assumed that the fluctuations are small in comparison to the mean value.

A.5 Critical Reynolds Number
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While equations A.12 and A.7 are generally of the same form, in equation A.12 a
new term appears on the right. This term includes the so-called Reynolds stress
tensor10 (equation A.14).



u01 u01
R i j = u0i u0j =  u02 u01
u03 u01

u01 u02
u02 u02
u03 u02


u01 u03
u02 u03 
u03 u03

(A.14)

The entries of the Reynolds stress tensor are the time-averages11 of the products
obtained by multiplying two fluctuating velocity components. They describe the
momentum transfer by the fluctuating velocity field (Pope [161]) and act upon
a fluid particle as an additional force. In analogy to the the momentum transfer
at the molecular level, which is the cause for the viscous stress, the are therefore
named Reynolds stresses. In turbulent flows, the Reynolds stresses are usually
dominant in comparison to the viscous stresses, only in the near-wall region viscous
forces start to dominate (viscous sublayer), since the fluctuations disappear (no-slip
condition) (Spurk and Aksel [196]). Even though it is possible to find further
differential equations for the Reynolds stresses, they again contain correlations
between the fluctuations of higher order, thus it is not possible to close the set of
equations in this way. Instead, the Reynolds stresses are commonly assessed either
by modeling or by experiments.

10
11
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The Reynolds stress tensor is symmetric, so that u0i u0j = u0j u0i
These are generally non-zero, however the fluctuation velocities are usually not independent,
but correlated (Spurk and Aksel [196]).
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B Appendix to Methods
B.1 Five-Hole Probe Calibration and Grid
P
Probe
Velocity u
Angle α

P

Angle γ

P

∓20 ◦ . . . ∓14 ◦
in 2 ◦
−10.5 ◦ . . . 10.5 ◦
in 3.5 ◦
−10.5 ◦ . . . 10.5 ◦
in 2.5 ◦

15

ME02

60. . . 120 m/s
in 10 m/s

6

−14 ◦ . . . 14 ◦
in 3.5 ◦

9

ME03

10. . . 50 m/s
in 10 m/s

5

−21 ◦ . . . 21 ◦
in 3.5 ◦

12

13

Table B.1: 5HP calibration ranges

Inflow

ME

h r el

∆h r el

P

ϕ

∆ϕ

P

Axial

ME02
ME03

1.2 % . . . 98.5 %
0.6 % . . . 97.8 %

2.4 pp.
2.4 pp.

41
41

0 ◦ . . . 14.5 ◦
0 ◦ . . . 14.5 ◦

0.5 ◦
0.5 ◦

30
30

Swirl

ME02
ME03

0.6 % . . . 97.8 %
0.6 % . . . 97.8 %

2.4 pp.
2.4 pp.

41
41

0 ◦ . . . 29.5 ◦
0 ◦ . . . 29.5 ◦

0.5 ◦
0.5 ◦

60
60

Table B.2: 5HP measurement grids
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B.2 Rotor Profile Pressure Measurements
To complement the traverse measurements, rotor blade profile pressure measurements provide insight into the flow progression through the rotor passage on a
local level. The so acquired information can be used for example to assess the
flow acceleration and deceleration along the airfoil as well as the blade loading
(section 5.3). Steady pressure measurements were conducted along the rotor profile
at four different channel heights (h r el = 0.10, 0.50, 0.79, 0.86). For this purpose,
two aluminum blade bodies were instrumented with 16 pressure taps each, as well
as four epoxy tips with six pressure taps each (figure B.1). The instrumented blades
and tips were evenly distributed circumferentially to keep rotor imbalance to a
minimum (figure 4.3). The pressure taps were connected to the telemetry box
on the main drive shaft via tubing through the hollow shaft. Inside the telemetry
box, a pressure measurement system consisting of an A/D converter (Scanivalve
ERAD4000) and two 32-channel pressure modules (Scanivalve ZOC22B) was placed
(details in Hoffmann [83], Schöbel [187]). A slip-ring system ensured electrical
power supply to the measurement devices. The data was transmitted live via a
commercially available WiFi router positioned inside the telemetry box.
hrel = 0.10

hrel = 0.50

hrel = 0.79
6 p-taps

6 p-taps

SS

PS

16 p-taps
16 p-taps

hrel = 0.86
SS
6 p-taps

6 p-taps

PS

Figure B.1: Pressure tap positions on the rotor profile (adapted from Schöbel [187])

The pressure modules were positioned on the axis of rotation inside the telemetry
box to avoid any influence of centrifugal forces on the measurement membranes and
calibrated for the measurement range (±10 kPa) using a high-precision pressure con172
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troller (Fluke PPC4 A160KS1 ) (Bargon [18]). The accuracy of the pressure readings
was within ±4 Pa of the reference throughout the measurement range. Furthermore,
the readings were insensitive towards changes in operating temperature caused by
rig warm up. To account for the centrifugal forces acting on the air columns inside
the pressure tubing, a correction was applied according to Uffrecht and Kaiser [205]
(equation B.1).

ps = (psensor + p∞ )

Ω2 r 2
2RT

(B.1)

As suggested by Kegalj [100], the measured pressures were non-dimensionalized
using the mean static pressure measured by the casing pressure taps at the rotor
inlet p̄s,M E02 and the mean total pressure measured by the rakes at the turbine inlet
p̄ t,M E01 (equation B.2).

cp =

1

ps − p̄s,M E02
p̄ t,M E01 − p̄s,M E02

(B.2)

Absolute systematic uncertainty of b p =16 Pa (95 % confidence interval) after calibration by
Europascal in March 2018.
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B.3 Hot-Wire Anemometry using Split-Fiber Probes
During the course of this work, an elaborate data reduction algorithm for split-fiber
probe hot-wire measurements has been developed (figure B.2). Details are included
in Schmidt [183], Goertz [66], Brodda [29], Stroh [199] and Wilhelm et al. [220],
with the aspects most important for the present investigation summarized in the
following sections.
Single Probe – Timeseries
Measure voltages
Single Probe –
Frequency Domain

Correct voltages

Divide signal based on trigger

Filter rotor frequency

Apply calibration

Calculate time-scale
Voltage
Velocity

Phase-locked averaging
Calculate statistics

Combined Probes –
Mean & Statistics
Reconstruct mean velocity vector

Transform to rig coordinates
Calculate derived quantities

Figure B.2: Split-fiber probe HWA data reduction procedure

B.3.1 Measurement Method Selection
When it comes to resolving the flow field at the measurement planes, accessibility
is limited, making probe-based measurement techniques (as opposed to optical
techniques) the means of choice. Several aspects need to be considered:
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• Temporal Resolution: To determine typical turbulence scales in turbomachines,
a measurement system needs a certain minimum frequency resolution. An
engineering rule-of-thumb was determined by Camp and Shin [35], who
conducted turbulence measurements at different compressor rigs and found
that the minimum low-pass filter cut-off frequency needs to be between 10 to
20 times the blade passing frequency (BPF), depending on the rig.
• Spatial Resolution: The measurement volume needs to be small enough to (1)
resolve even steep flow gradients, for example as they occur in secondary flow
regions, and (2) to be able to detect even small coherent structures, such as
vortices.
• Directional Resolution: Throughout the measurement region, the flow vector
is expected to change in direction and magnitude over a wide range, both in
time and space, thus requiring a large measurement range.
• Measurement Quantity: Of particular interest are the three-dimensional flow
velocity vector, the turbulence intensity, turbulent scales, as well as the timeresolved static and total pressure.
The choice was between so-called fast response aerodynamic probes (FRAP) and
hot-wire probes. While FRAP probes have the advantage that they resolve unsteady
pressure fluctuations, making it possible to investigate for example pressure losses
in the rotor frame of reference, their directional and spatial resolution is usually
limited and they are not ordinarily capable to measure turbulent fluctuations2 .
Hot-wire probes have a smaller measurement volume, enabling them to measure
three-dimensional, non-homogeneous flows and to resolve turbulent velocity fluctuations even if the turbulence is non-isotropic. Their capabilities to resolve the flow
vector in time and space are dependent on the specific probe geometry, as will be
discussed below. So-called split-fiber probes had been successfully applied at the
LSTR, even in the adverse conditions (large angles, high turbulence) in measurement plane ME01 (Wilhelm et al. [220]). The drawback of the missing unsteady
pressure information at the measurement planes was deemed acceptable, since the
steady pressure is provide by the 5HP and the time-resolved pressure at the casing
2

There are many publications, especially from the Institut für Energietechnik at ETH Zürich, that
use miniaturized multi-sensor FRAP probes to resolve the three-dimensional flow vector (for
example by Kupferschmied et al. [111]). Even with miniaturization, the minimum measurement
volume will be limited by the distance (or virtual distance) between multiple sensors, which
is usually in the range of millimeters. There have also been many publications (Porreca et al.
[162], Persico et al. [159], Lengani et al. [123], Chasoglou et al. [40]) that discuss measuring
turbulence with FRAP probes. However, due to the pressure sensor and probe head architecture,
there are inherent limitations when it comes to accurately capturing three-dimensional turbulent
fluctuations.
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will be provided by an array of time-resolving pressure transducers (section 4.4) to
compensate for this.

B.3.2 Hot-Wire Anemometry Basics
Hot-wire anemometry (HWA) utilizes the convective heat transfer from a heated
sensor (commonly a wire or thin film) to the surroundings, usually to measure
velocity or temperature of a fluid flow. For subsonic air flows (Tropea and Yarin
[204]), this can be expressed as a non-dimensional relationship, where the Nusselt
number Nu is a function of the Reynolds number Re (equation 4.17, reiterated
below), the temperature of the heated wire Tw , and the temperature of the ambient
fluid Ta (equation B.3).


Tw − Ta
(B.3)
N u = N u Re,
Ta
In the specific case of a cylindrical sensor, there are several laws found in literature
for this relationship that can be expressed in a common form3 with constants A and
B (equation B.4).

N u = A + B Re1/2

(B.4)

Using the definition of the Nusselt number Nu and Reynolds number Re, the heat
transfer coefficient α, the assumption that the electrical power supplied to the
wire equals the heat flux Q̇, and the surface area of the wire A = πd l (equations B.5 to B.8) an expression is found that links the wire voltage Ew to the flow
velocity U (equation B.9).

Nu =

α=

αd
λ

Q̇
A(Tw − Ta )
Ew2

3
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(B.5)

Re =

(B.7)

Q̇ =

ρU d
= R w λlπ(Tw − Ta ) A + B
µ




1/2 

ρU d
µ
Ew2
Rw

(B.6)

(B.8)

(B.9)

This expression may also by multiplied by a temperature loading factor (1/2 (Tw − Ta ))m to
account for the flow distortion around the wire due to heat addition. For reasons of simplicity,
m is set to zero in this case. Also, the exponent for the Reynolds number is chosen at its most
common value of 1/2.
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At the LSTR, HWA is applied in the form of constant-temperature anemometry (CTA),
where the wire temperature Tw is held constant by the anemometer feed back circuit
(figure B.3). In this case, the measurement quantity is the bridge output voltage E b

Rs

BR x Rs

Rdecade
Rw

feedback loop

Eoff

G
Eb

Rl

Figure B.3: CTA circuit consisting of Wheatstone bridge with feedback loop and signal
conditioning (adapted from Tropea and Yarin [204])

which is related to the wire voltage Ew via the bridge resistances R (equation B.10).


Rs + R l + R w
Ew
(B.10)
Eb =
Rw
Further information on the principles and application of hot-wire anemometry have
been compiled by Jørgensen [92].

B.3.3 Correcting for Flow Temperature Changes
Since the convective heat transfer from the wire to the fluid is not only dependent
on the fluid velocity, but also on the fluid temperature, the mean fluid temperature
Ta was monitored both during calibration and at the test rig. To compensate for
the mean temperature drifts as well as for the temperature differences between
calibration and rig measurements, a linear temperature correction scheme was applied (Lemonis and Dracos [122]). A common reference temperature for calibration
and measurements Ta,0 was chosen at 293.15 K. The wire voltages Ew were then
corrected according to equation B.11.
v
u
Ew,0 t Tw − Ta,0
=
(B.11)
Ew
Tw − Ta
All physical fluid properties were evaluated at the film temperature T f =
1/2 (Tw + Ta ) (Abdel-Rahman et al. [1]). Since the fluid temperature Ta was
B.3 Hot-Wire Anemometry using Split-Fiber Probes
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not directly measured in ME02 and ME03, the radial temperature distribution
across the channel was taken from CFD data (Brodda [29], Stroh [199]). Comparability between experiment and CFD was ensured by controlling the turbine inlet
temperature in ME01 with the temperature rake consisting of 16 K-type calibrated
thermocouples positioned at 15 ◦ relative to the SF probe. The test rig main flow
and secondary flow temperatures were set to 313.15 K and controlled via water
driven heat exchangers with a variation of below ±0.5 K, which was equivalent to
the temperatures set for the CFD. As for the temperature of the calibration freestream wind tunnel, no temperature control was available and temperatures varied
between 288 K to 297 K on different calibration days with a drift of 2. . . 5 K during
one calibration, thus the temperature correction scheme was applied here as well.

B.3.4 Correcting Drifts in Ambient Temperature
The measured bridge voltage E b is a function of the lead resistances R l (equation B.10), which is in turn a function of the temperature of the cables and as such
of the ambient temperature. To correct for this, the change in lead resistance R l is
calculated during measurements using a dedicated cable compensation developed
and described in detail by Schmidt [183]. For this purpose, a second “dummy”-cable
with resistance R d is put next to the measurement cable with resistance R l . The
resistance R d is measured using a voltage divider with a shunt resistance Rs (equation B.12). It is then assumed that the resistance change relative to the cables’ initial
resistances R l,0 and R d,0 is linear (equation B.13). In similar fashion to the linear
temperature correction scheme (B.11), the lead resistance correction scheme is
referenced towards an arbitrary reference point R w,r e f and Tw,r e f , and the corrected
bridge voltage E b,cor r can be calculated (equation B.14).

Rs
Es
∆R d
∆R l = R l,0
R d,0
v
u
E b,cor r t R w,r e f − ∆R l Tw,r e f − Ta
=
Eb
R w,r e f
Tw − Ta
R d = Ed

(B.12)
(B.13)

(B.14)

B.3.5 Calibration
The goal of the calibration is to find a relationship between the measured bridge
voltage E b and the actual fluid velocity u. The split-fiber probes were calibrated
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at the institute’s free stream wind tunnel. While several different calibration approaches exist that are discussed in more detail by Schmidt [183], a calibration
method proposed by Bacci et al. [15] was chosen due to its straightforwardness. In
this method, the flow velocity u and angle ν are linked respectively to the measured
voltages E1 and E2 by a fit (also known as lookup table). The calibration relationship
mirrors the Nusselt-Reynolds-relationship (Equation 4.17) introduced above.



uρ
Re = f
µ



(B.15)

Nu = f



E12
λ

,

E22


(B.16)

λ

Assuming the geometry of the probe does not change and the fluid and wire temperatures are constant for every sampling point, Re (Equation B.15) is a function of
the velocity u, the density ρ , and the dynamic viscosity µ, while Nu (equation B.16)
depends only on the voltages E1 and E2 and the thermal conductivity of the air λ.
By combining equations B.15 and B.16, a calibration relationship for the velocity
u is obtained (equation B.17), and, in a similar manner, also for the flow angle ν
(equation B.18)4 .

 2

E1 E22
uρ
= fit
,
µ
λ λ

(B.17)

ν = fit



E12
λ

,

E22
λ


(B.18)

The fit itself is based on a Delauney-Triangulation and uses a natural neighbor
interpolation5 . A somehow elaborate prerequisite is that the calibration has to be
carried out over a finely spaced matrix of sampling points for u and ν to ensure a
high accuracy when interpolating values in between the sampling points. This has
been done by varying the free stream wind tunnel’s velocity u and the probe angle
ν in small steps over a wide range (table B.3). The calibration fit has been found to
be unambiguous over the entirety of the calibration range (figure B.4).
The fit does not model a physical relationship, unlike for example when using
polynomials for calibration of multi-hole pneumatic probes. Consequently, only if the
measured values lie inside the calibration range they can be correctly interpolated,
while on the other hand extrapolation of measured values lying outside of the
calibration range produces meaningless results for u and ν. Experience has shown
4

5

In practice, the change in gas properties µ and λ due to changes in flow temperature Ta or
the difference in temperature between calibration and measurements is often neglected and
instead, a more convenient temperature correction factor is introduced to account for these
changes (Benjamin and Roberts [20])(see appendix B.3.3). This simplifies the calibration fits to
uρ = fit (E1 , E2 ) and ν = fit (E1 , E2 )
The Matlab function scatteredInterpolant was used for this purpose (Schmidt [183]).
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Probe

Velocity u

P

Angle ν

P

55R56

10. . . 20 m/s in 2 m/s
20. . . 35 m/s in 2.5 m/s
35. . . 90 m/s in 5 m/s
90. . . 110 m/s in 10 m/s
same as above

25

-40 ◦ . . . 60 ◦ in 3.33 ◦

31

25

-70 ◦ . . . 70 ◦ in 3.33 ◦

43

55R57

Table B.3: Split-fiber probes calibration ranges
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(a) Calibration map for probe 55R56
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(b) Calibration map for probe 55R57

Figure B.4: Split-fiber probes calibration maps

that due to the unsteady nature of the flow, there might be few instances in time
where the flow vector is outside of the calibration range of the probes6 . It has
been found that the median is robust against such outliers, while in less extreme
flow situations the median and the mean are identical (Goertz [66]). During data
post-processing, averaging values is therefore handled by using the median of the
measured velocity time-series instead of the arithmetic mean (see also section B.3.9).
It also has to be pointed out that the quality of the calibration not only depends on
exact knowledge of the fluid velocity, but also its density ρ , since this is the other
main factor that determines the amount of heat transferred from the probe to the
air (the total area enclosed by the heat convection pattern in figure 4.7). Since
the density depends on the pressure, temperature and humidity of the air, these
6
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In the past, this has especially been the case at the turbine inlet with the high residual swirl in
ME01, so that back flow might occur at some instances in time (Wilhelm et al. [220]).
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are all quantities that have to be determined during calibration and also during
rig measurements. Stroh [199] found that if the humidity was not accounted for
correctly, the determined Mach number in the LSTR may be off by up to 4 %. On the
other hand, the calibration fit for the angle ν is quite robust towards variations in the
fluid properties, since such variations do not greatly affect the relative distribution
of heat transfer between the two split-fiber films (shape and circumferential position
of the heat convection pattern around the cylinder in figure 4.7).

B.3.6 Data Acquisition
The probe overheat ratio ratio was set to αw = 0.8 and the bridge ratio to BR =
20, both of which remained unchanged during calibration and measurements. If
the fiber resistances differed noticeably, the overheat ratio of one fiber was slightly
adjusted to ensure that both fibers were run at the same operating temperature
as to avoid heat conduction between the fibers that could lead to an additional
measurement error (Goertz [66]).
The probes were connected to a Streamline Pro measurement bridge (Type 90C10
and 91C10) by 20 m BNC-cables. The cable length was chosen so that the probe
could stay mounted in the traverse and be carried from the test rig to the calibration
wind tunnel without disconnecting. While the probe frequency limit is at 175 kHz,
long cable length impede frequency resolution. The minimum required frequency
resolution was estimated according to Camp and Shin [35]: For the LSTR rotating
at 1000 rpm with a BPF of 600 Hz, the cut-off frequency of the measurement system
has to be higher than 6 kHz or ideally 12 kHz. The recorded power spectrum
confirmed that the probes could resolve the energy-carrying frequencies in the rig
(Goertz [66], figure 5.7). The signal was low-pass filtered at 10 kHz to reduce
high-frequency noise and then recorded at 500 kHz by a Spectrum M2i.4741 A/D
board with an input range of ±10 V, a resolution of 16 bit, and a maximum sampling
rate of 1.33 MHz. Stochastic convergence of the signal was ensured with a recording
time of 7 s, resulting in 3.5 million samples per measurement position.

B.3.7 Measurement Procedure
The two probes were mounted in the rig at the same time, but at different positions,
one in ME02 and one in ME03. The circumferential resolution ∆ϕ in the Rotor COS
(see also figure4.5) is given by the sampling rate of the measurement system and the
rotational speed of the rotor. For the standard configuration with a rotational speed
of 1000 rpm and a sampling rate of 500 kHz, 833 circumferential points per rotor
passage are obtained (table B.4). With such a fine resolution, the measurement
points cannot be distinguished anymore in the circumferential direction for the
B.3 Hot-Wire Anemometry using Split-Fiber Probes
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Rotor COS (figure B.5). A full rotor relative radial traverse is measured for every
single stator clocking increment ∆Φ. As introduced in section 4.1.4 and 4.1.5, these
rotor relative data sets are averaged to one representative mean rotor-relative data
set, except for the case where cooling air is injected in the rotor tip, where only one
stator clocking position has been measured due to time constrains.

spatial
temporal

h r el

∆h r el

P

ϕ

∆ϕ

P

1.7 % . . . 99.3 %
1.7 % . . . 99.3 %

3.4 pp.
3.4 pp.

30
30

0 ◦ . . . 29 ◦
0 ◦ . . . 359.988 ◦

1◦
0.012 ◦

30
30000

Table B.4: Split-fiber probes measurement grid (ME02 and ME03, AX and SW)
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Figure B.5: Split-fiber probes measurement grid in the Stator COS and the Rotor COS

B.3.8 Phase-Locked Data Processing
As introduced in section 4.1.4, the velocity time-series u(t) is decomposed and the
fluctuating part of the velocity u0 is obtained by subtracting the periodic velocity
share u p and the median of the velocity7 ũ (equation B.19).

u0 (t) = u (t) − u p (ϕ) − ũ
7
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(B.19)

As explained in Probe Calibration, outliers in the signal time series are accounted for by replacing
the arithmetic mean ū of the velocity by the median ũ in equation B.19. For reasons of simplicity,
ui is replaced by u in this context, but the principle holds for the velocity components in any
direction.

B Appendix to Methods

The velocity decomposition given by equation B.19 is exemplarily illustrated in
figure B.6. The "raw" velocity u is plotted for a fixed position on the measurement

~
‹u›
‹u'›

u~
u'
up

φ
k=2

n
u

T
k=1

m=2

u

P
m=1

Figure B.6: Phase averaging a random signal with a periodic portion

grid over the rotor phase angle ϕ and the number of rotations n, which are related
to time via the rotational speed8 . The data is averaged over all rotations with their
rotational period P for a fixed rotor position ϕ given by a once-per-revolution trigger
signal, resulting in the ensemble median 〈ũ〉 (ϕ) (equation B.20, Gostelow [69]).

〈ũ〉 (ϕ) = median (un (ϕ + mP))

for m = 1 . . . n

(B.20)

In practice, several hundred rotor rotations would need to be averaged to ensure
statistical convergence, so that the total measurement time would be disproportionately long. By assuming that all 36 rotor passages are periodic so that the flow is
statistically the same9 , ensemble median is also applied across all passages (rotor
passage period T ) to increase the total number of data samples (equation B.21).

〈ũ〉 (ϕ) passa g e = median (〈ũk 〉 (ϕ + kT ))

for k = 1 . . . 36

(B.21)

Using the ensemble median 〈u〉 (ϕ) passa g e , the periodic part of the velocity signal u p
can be calculated (equation B.22).

u p (ϕ) = 〈ũ〉 (ϕ) passa g e − ũ
8
9

(B.22)

The velocity shown is not based on actual measurement data and for illustration purposes only.
The periodicity of rotor passages has been assessed by Brodda [29] and is discussed in section 4.3.3.
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Figure B.7: Split-fiber probes and coordinate systems definitions

In a similar manner to the ensemble median, an ensemble fluctuation 〈u0 〉 (ϕ) passage
can be defined, which is the fluctuation at a fixed rotor position ϕ and stands in
contrast to the fluctuation over time u0 (t) (equation B.23).

u0 (ϕ) = u(ϕ) − 〈ũ〉 (ϕ)

(B.23)

The median ũ represents the average velocity experienced by the probe in the
absolute frame of reference of the stator vanes (Stator COS). At the same time, the
ensemble median 〈ũ〉 (ϕ) passa g e can be interpreted as the velocity profile that would
be seen by an observer in the rotating frame of reference (Rotor COS) when crossing
a rotor passage in ϕ -direction (after transforming the measured velocity in the Rotor
COS using equation 4.1).

B.3.9 Velocity Vector Reconstruction
As discussed before, split-fiber probes are able to resolve the flow in two dimensions. Since in reality, the flow is three-dimensional, the velocity vector needs to
be reconstructed during data post-processing. The effect of the flow component
tangential to the probe cylinder axis t (figure B.7) was assessed in pre-tests at the
free-stream wind tunnel. It was found that the velocity measured by the probe u∗
equals in good approximation the projection of the velocity vector u onto the probe
normal-bi-normal plane n − bn in the probe coordinate system (details in Goertz
184
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[66]). Thus, the normal (equation B.24) and bi-normal (equation B.25) components
of the velocity can be calculated.

un = u∗ · cos (ν)

(B.24)

∗

u bn = u · sin (ν)

(B.25)

These velocity pairs (un , u bn ) are obtained at every instance of the time-series. To
get a representative average velocity vector, the median of the time-series of un and
u bn is taken respectively (equation B.26) and then the average angle ν is calculated
(equation B.27).

ũn,bn = median un,bn
(B.26)


ũ bn
ν̃ = arctan
(B.27)
ũn
These average values are obtained for each probe individually and form the basis to
reconstruct the mean combined velocity vector in the hot-wire coordinate system
HWA COS. Via the probe traverse mechanism, it is ensured that both probes are
positioned so that their normal axes are aligned during the sequential measurements
(equation B.28).
 
 
 
x1
xn
xn
 x2
=  x t  =  x bn 
(B.28)
x3
x bn
xt
HW A

R56

R57

Now, the mean velocity vector in the hot-wire coordinate system can be determined
(equation B.29). For the mean flow velocity in x 2 - and x 3 -direction, the probe
velocity components ũ bn,R57 and ũ bn,R56 are used respectively. Although both probes
measure the velocity component in x 1 , here solely ũn,R57 is used 10 .


ũn,R57
u
~HW A = ũ bn,R57 
(B.29)
ũ bn,R56
HWA

Lastly, the probes were approximately aligned with the mean flow direction in the
respective measurement plane with angle δ denoting the deviation from the rig axis.
10

The reason for this is that probe R57 is assumed to be more reliable for the specific flow situation,
since usually the flow is dominated by components in x 2 -direction, so that probe R57 is less
prone to experience tangential velocities than probe R56.
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Therefore, the velocity vector measured in the HWA COS has to be transformed to
the Rig COS using the transformation T (δ) (equation B.30).


cos (δ) − sin (δ) 0
T (δ) =  sin (δ) cos (δ) 0 
(B.30)
0
0
1
This leads to the three-dimensional, mean velocity vector in the rig coordinate
system u
~ at each point of the measurement grid (equation B.31).

u
~ = T (δ) · u
~HW A

(B.31)

The time averaged products of the velocity fluctuations are represented in the
Reynolds stress tensor (according to equation A.14), only missing the u02 u03 component, as none of the two split-fiber probes captures radial-circumferential
fluctuations (equation B.32).

 0 0
u1 u1 u01 u02 u01 u03
R i j,HW A = u0i u0j
(B.32)
=  u02 u01 u02 u02
− 
HW A

u03 u01

−

u03 u03

In a similar fashion to the transformation of the velocity vector, the Reynolds stress
tensor, measured in the HWA COS, has to be transformed to the Rig COS.

R i j = T T (δ) · R i j,HW A · T (δ)

(B.33)

B.3.10 Streamwise Vorticity and Circulation
Turbulent flows are rotational, meaning the vorticity ω
~ (equation B.34), which is
the curl (rotation) of the velocity and equal to twice the angular velocity, is non-zero
(Pope [161], Spurk and Aksel [196]).

ω
~ =∇×u
~

(B.34)

The components of the vorticity in cylindrical coordinates are given below (Spurk
and Aksel [196], appendix B2) (equations B.35 to B.37).


1 ∂ (u2 r) ∂ u3
−
(B.35)
axial : ω1 =
r
∂r
∂ϕ
∂ u3 ∂ u1
circumferential : ω2 =
−
(B.36)
∂x
∂r
1 ∂ u1 ∂ u2
radial : ω3 =
−
(B.37)
r ∂ϕ
∂x
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The vorticity field can be exploited to investigate secondary flow and the associated vortices (see section 2.2) by introducing the streamwise vorticity ωsw (equation B.38), which describes velocity components perpendicular to the primary flow
direction (Jenny [90]). The primary flow direction is defined as the circumferential
averaged velocity vector u
~c at each radial height normalized by its length |~
uc |11
(Shouting and Ting [193], equation 4.1).

ωsw = ω
~·

u
~c
|~
uc |

(B.38)

An inherent issue when trying to calculate the vorticity from probe traverse data is
the absence of information on axial velocity gradients, however they are required in
the circumferential and radial components of the vorticity (equation B.36 and B.37).
To estimate these gradients, one can assume that the velocity field is “frozen” within
a small axial distance ∆x of the measurement plane as introduced by Schüpbach
[190] and Schüpbach et al. [191]. Their approach has been modified and expanded
for the present work.
Two virtual planes with distances ∆x upstream and downstream of the measurement
plane (figure B.8) are introduced. A study was conducted using both experimental
and CFD traverse data to assess the influence of the choice of ∆x . In all cases, it
was found that the vorticity field converges for ∆x < 1 × 10−4 m, with ever smaller
values leading to an increase in noise. To ensure convergence while keep noise to a
minimum, a value of ∆x = 1 × 10−5 m was chosen as a compromise.
interpolated virtual grid point
estimated position
virtual plane

casing

measured velocity at
single grid point

∆y

u ∆y u1

u
+∆x

measurement plane
virtual plane
point on
measurement grid

u2

∆r

u3

u2

-∆x

uc
mean primary flow

∆φ

hub

Figure B.8: Schematic on how to estimate the velocity gradients in axial direction
11

The normalization is omitted in the explanations provided by Schüpbach [190], Schüpbach et al.
[191], and Jenny [90]. However, it should be applied since only the primary flow (streamwise)
direction and not its magnitude are of interest in this case.
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The position of a fluid particle on the virtual planes ( r, ϕ ) is estimated relative
to the original point on the measurement grid using the mean velocity components u1 , u2 , u3 (see equation B.31) measured by the hot-wire probes (equations B.39 to B.42).

∆t =

∆x
u1

∆ y = u2 · ∆t

(B.39)

∆r = u3 · ∆t

∆ϕ =

(B.41)

∆y
r

(B.40)

(B.42)

At the newly estimated positions, the original velocity components are retained.
Since the flow vectors across the traverse are not parallel, the estimated particle
positions on the virtual planes do not form a uniform grid anymore. Consequently,
the velocities are interpolated onto a virtual grid of the same spacing as the original
measurement grid, so that the axial gradients can be estimated using a central
differencing scheme (equation B.43 and B.44).

u+∆x − u−∆x
∂ u2
2
≈ 2
∂x
2 · ∆x

(B.43)

− u−∆x
u+∆x
∂ u3
3
3
≈
∂x
2 · ∆x

(B.44)

As a measure of local vortex strength, the circulation Γ across the area occupied by
a vortex in a measurement plane can be calculated (equation B.45).

Γ=

ZZ

ωsw dA

(B.45)

|ωsw |>ω0

The vortex boundary has been defined at a vorticity of ω0 = 300 1/s, which is
approximately 10 % of the maximum value found in the present investigation, and
allows to clearly distinguish between different secondary flow regimes.

B.3.11 Dissipation Function
Usually, the secondary flows are a source of loss, meaning that they cause mechanical
fluid energy to be irreversibly transformed into heat. To assess this energy loss,
Schüpbach et al. [191] suggests calculating the dissipation function based on timeresolved flow field measurements, in their case conducted with a fast response
aerodynamic probe (FRAP). They point out that this approach is limited by the
finite measurement grid size and by the simple, deterministic representation of the
velocity field by probe measurements (probe at a single fixed position at one time),
where a spatial representation of the instantaneous velocity field would ideally be
188

B Appendix to Methods

required. They state, that this leads to an underestimation of the dissipation, but still
the method can provide qualitative and quantitative trends (see also Jenny [90]).
This approach is now applied to the hot-wire data, utilizing the approximation of
the axial gradients described above.
Looking at the energy equation (equation A.4), the first term on the right hand side
describes the rate of work done by the fluid per time and mass (Spurk and Aksel
[196], equation 2.126).

δ ẇ =

τi j ∂ ui
ρ ∂ xj

(B.46)

This expression can be expanded by inserting the viscous stress tensor (equation A.6).

δ ẇ =

∂ ui
p ∂ ui
1
+ Pi j
ρ ∂ xj ρ ∂ xj

(B.47)

The right hand term (without ρ1 ) is commonly referred to as dissipation function Φ
(equation B.48) and describes the work (in terms of deformation) done by the fluid
per time and volume that is irreversibly lost as heat due to viscous forces (Spurk
and Aksel [196]).

Φ = Pi j

∂ ui
∂ xj

(B.48)

Below, the full expression for Φ in cylindrical coordinates is given (Schlichting and
Gersten [180], equation 3.96).
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r ∂ϕ
∂x
∂x
∂r
3
Using Φ, the irreversibly dissipated energy δ ẇ i r r per time and per mass is obtained,
based on the measured velocity field (equation B.50).

δ ẇ i r r =

1
Φ
ρ

B.3 Hot-Wire Anemometry using Split-Fiber Probes

(B.50)
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The dissipation can furthermore be normalized by the fluid particles kinetic energy
δk per mass (equation B.51), with U being the magnitude of the velocity vector as
introduced in equation 4.20.

δk =

U2
2

(B.51)

Finally, the normalized dissipation function D is obtained12 , which can be understood as the rate of conversion of a particles kinetic energy into heat in percent per
second (%/s) (Jenny [90]).

D=

Φ
1
2
2 ρU

(B.52)

If integrated over a flow volume, the dissipation function would represent the total
loss occurring in said volume per time. However, since measurements are only taken
across a traverse plane, D only presents the loss at the specific traverse plane and
does not include any information about losses that might have occurred previously,
upstream of this plane.

12
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The principle of this normalization approach was introduced by Schüpbach et al. [191]. Even
though their expression for D is correct, it is inconsistent with the quantity they use for normalization, which is the flux of kinetic energy. This can be shown for example by dimensional
analysis. To fix this, the kinetic energy of the fluid particle is used instead.
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B.4 Interpretation of Casing Pressure and Tip Leakage
Even though the time-resolved wall pressure at the rotor casing does not singlehandedly provide pressure loss and mass flow, it does allow for some qualitative
assessment of the mass flow distribution in the tip clearance region.
In areas where the flow is nearly parallel to the wall, as for example in the tip gap,
the static wall pressure is related to the square of the average gap flow velocity13
according to Bernoulli’s equation p t = ps + ρ/2 · u2 . If it is assumed that (1) the total
pressure of a constant value along the circumference in the rotor frame of reference
at the rotor inlet p t (ϕ) = const., (2) the density is constant ρ = const., and (3) the
tip leakage flow direction does not change significantly in axial direction, e.g. the
streamlines are approximately parallel in the axial-circumferential plane, then the
circumferential deviation in ps (or equivalently c p ) stems only from the change in
the magnitude of flow velocity.
If for example pressures ps,1 and ps,2 are compared for axial position Ih(figure B.9),
it can be seen that there is a minimum in pressure on the pressure side rim, while
the pressure builds up towards the suction side rim. This indicates the velocity and
equivalently is quite high at position 1hand low at position 2h.
_
,p

pt
ps

tip leakage

_
pI

_
pII

I

II
PS

φ
A p1 1
B
pt ps
2
p2
,p

x/c ax
SS

u

Figure B.9: Model for the approximation of the tip leakage flow based on casing pressure
data
13

The velocity profile of the flow in the gap is not constant in reality of course, but the shape
cannot be assessed with the gathered data.
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Since it is assumed that the streamlines remain approximately parallel in the gap,
the axial flow velocity does not change. The total pressure change in axial direction
then stems from the work extracted by the rotor, neglecting total pressure losses in
the tip gap. In this case, it is possible to not only compare different circumferential
positions for one axial position, but to compare the relative velocity distribution
between different axial positions Ih and IIh if the circumferential mean of the
pressure is subtracted for each axial position so that ∆p = p − p̄ (or equivalently
∆c p = c p − c¯p ).
Lastly, the massflow is related to the velocity by ṁ = uρA, with A being the area
through which the flow passes and over which the fluid velocity is integrated. If the
through-flow areas of comparison are similar, then the measured pressure is related
to the tip leakage massflow.
For example, the tip gap and therefore the respective through-flow area is the
same all around the pressure side and suction side rims. On the other hand, if the
through-flow area is decreased by a flow blockage, caused for example by a flow
separation, while the geometric area stays constant, this can also be seen in the
pressure signal. When looking at the flow through the tip gap from entry of the rim
at position Ahto outlet of the rim at position Bh, the pressure drops to p1 shortly
after Ahand then rises again to a higher level before exiting the gap at Bh. This
suggests that a flow blockage is present at the beginning of the tip gap that then
disappears again while the flow is still inside the gap.
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B.5 Pressure Sensitive Paint
B.5.1 Measurement Method Selection
There is an inverse relationship between the degree of realism and thus complexity
of an engineering problem and the number of publications that can be found on
the matter in literature. To the author’s knowledge, there has only been one study
to investigate rotor tip film cooling for a similar setup (Rezasoltani et al. [172]),
which provided the basic idea for the present measurement setup. When selecting a
suitable measurement method, several considerations were taken into account:
• Instrumentation: To apply conventional measurement techniques, such as
thermocouples or heat flux sensors in the rotor, the hardware to collect data
and supply electrical power in the rotating frame is needed. At the beginning
of the investigation, this was neither available nor planned to be added to the
necessary extent.
• Spatial Resolution: One strength of an up-scaled rig like the LSTR is the
possibility to investigate flow and cooling phenomena in high detail. These
can be resolved by optical measurement techniques, while discrete sensors
would impair the achievable spatial resolution.
• Mechanical Design: Many measurement methods require a certain build and
layout of the test specimen, for example infrared thermography (Gazzini
et al. [63], Werschnik et al. [214]) requires an auxiliary wall that needs to be
specifically manufactured. This increases the effort required for design and
preparation and limits the number of geometry variations.
• Measurement Quantity: Film cooling investigations usually rely on measuring
temperatures. At the LSTR, the coolant and mainstream temperatures can
only be varied within a narrow range. Temperature differences become small,
thus increasing measurement uncertainty. However, by applying the analogy
between heat and mass transfer, temperature measurements can be substituted
with more robust concentration measurements.
Pressure Sensitive Paint (PSP) was found to be an appropriate choice that could
readily be applied at the rotor tip for rotating conditions. PSP is an optical method
with high spatial resolution that does not require a specifically tailored mechanical
design of the test specimen. Due to the slow temporal response of conventional
paints of 3 Hz, it can be used to measure the steady, time-averaged film cooling
effectiveness14 only, which was adequate for the scope of this study.
14

It is only more recently that there are paints commercially available with faster response times
of up to 1 kHz. Considering that the flow in the rotor frame of reference is subject to the vane
passing frequency of 400 Hz (for a rotational speed of 1000 rpm), this might enable studying
stator-rotor-interaction mechanisms with respect to film cooling in the future.
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B.5.2 PSP Calibration Setup
The calibration chamber setup is shown figure B.10 and B.11. Further details on the
setup commissioning can be found in Schmidt-Winterstein [184].

Figure B.10: PSP calibration setup

(a) Side view

(b) Front view

Figure B.11: PSP calibration chamber (photographs by Jakob Schilling)

B.5.3 Marker Detection
The raw images are available in pixel coordinates (PC) which are distorted compared
to real world coordinates (RWC). To map all images to the same RWC system, circular
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markers were applied as reference positions using a permanent marker mounted in
a milling machine. Resulting marker sizes were around 10 pixels. Twelve dots were
applied both at the rim and inside the squealer cavity, constituting a compromise
between image registration accuracy and preparation time. To locate the exact
marker positions, Bitter [24] suggested cross-correlating an artificial marker with a
segmented image. This method was implemented and robustly detects the marker
position with an accuracy of ±0.4 pixels.

B.5.4 Camera Calibration
Knowing the marker position in RWC ( x , y , z ) and the position of the markers’
projections in the image in PC (u, v ), the mathematical relationship between the
3D and 2D frame of reference can be established using a pin hole camera model
via direct linear transformation (Azad et al. [13]). Using a mesh deduced from
the tip CAD model, the recorded intensities are then interpolated without loss in
resolution onto a real world coordinate, 3D working grid. The images shown in
this work are the projections of the blade tips from the 3D working grid onto a flat
surface tangential to the tip surface and normal to the radial direction. Both external
and internal camera parameters L1...12 were calculated by iteratively solving the
linear system of equations (equation B.53) by means of least-squares minimization
(Hartley and Zisserman [77]) for all marker pairs Pi=1...n . The basic program for the
algorithm was adapted from Steinhausen [197].


L1




x i yi zi 1 0 0 0 0 −ui x i −ui yi −ui zi −u  . 
ui
..
=
0 0 0 0 x i yi zi 1 − vi x i − vi yi − vi zi − v
vi
L12
(B.53)

B.5.5 Intensity Mapping
When only using one camera, no information of depth is available, making the
transformation between PC and RWC ambiguous. Therefore, an unstructured grid
of the blade tip CAD model was created (using Numeca AutoGrid) that was then
transformed into PC (equation B.54 and B.55).

ui =

L 1 x i + L 2 yi + L 3 zi + L 4
(B.54)
L9 x i + L10 yi + L11 zi + L12

vi =

L 5 x i + L 6 yi + L 7 zi + L 8
(B.55)
L9 x i + L10 yi + L11 zi + L12

The intensities at each grid point were interpolated linearly from the recorded
intensities of the surrounding pixels and then transferred onto a structured working
grid in RWC. By choosing sufficiently high grid resolutions, it was ensured that
B.5 Pressure Sensitive Paint
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during interpolation no information was lost. Finally, a structured working-grid was
created, which was itself finer than the unstructured grid, onto which the intensities
were then again interpolated linearly. It was ensured that the grid was finer than
the image resolution to avoid information loss.

B.5.6 Image Deblurring
The movement of the illuminated blade tip causes a blur in the captured image. An
algorithm to correct for this has been presented by Gregory et al. [70] which was
implemented in the present study. In short, if the movement of the blade relative
to the imaging sensor is known, an appropriate Point Spread Function (PSF) can be
calculated that allows for a deconvolution of the image. For this purpose, the blade
movement, that in reality describes an arc around the machine axis (described by
the radius r and shaft speed Ω), is idealized as a linear movement along the image
sensor. If the camera position is chosen accordingly, the blade movement causes blur
almost exclusively in one pixel-direction along the image, making the PSF a function
only depending on the circumferential pixel coordinate. The PSF then describes
how much of the emission intensity I (measured in counts), captured at one pixel
position, should be re-distributed in the circumferential direction to pixels before
said position to account for the blade movement.
In addition to the blade movement, also the emission characteristic of the paint has
to be known to calculate the PSF. For the present setup, the emission depends on the
onset of the light source at every flash (flash duration of 5 µs corresponds to a blade
movement of ca. 4 px), the decay of the paint after the flash has ceased, and the
oxygen partial pressure on the paint surface (equivalent to the actual pixel-by-pixel
intensity distribution). As such, the deblurring would ideally require an individual
PSF for every pixel on the image, which would make it a very time-consuming
process.
Instead, an approximate approach was chosen and the deblurring was conducted
based on the average emission characteristics at environmental conditions. The
corresponding fluorescent decay time of τ = 13.7 × 10−6 s was experimentally
determined at the calibration chamber (details in Langguth [115], Bahrampour
[17]). The normalized PSF could then be calculated (equation B.56 and B.57), with
x denoting the circumferential pixel coordinate, ∆x denoting the circumferential
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pixel resolution (in m/px), and I0 denoting the initial intensity distribution (arbitrary,
as the PSF is normalized).

f (x) =



A · (1 − e−x ), x ≤ 4px

(B.56)

x·∆x

I0 · e− τ·Ω·r , x ≥ 4px

f (x)
PSF = R n≈60
f (x)dx
0

(B.57)

The resulting normalized PSF is shown in figure B.12a, which was used for deconvolution of the image15 . As can be seen from the comparison between a raw image
(figure B.12b) and an image after the PSF has been applied (figure B.12c), the blur
is removed and the resulting image is significantly sharper.
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(a) Point Spread Function

(b) Raw image

(c) Deblurred image

Figure B.12: Deblurring of PSP images (adapted from Bahrampour [17])

15

The deconvolution was applied on the raw images using the built-in Matlab function deconvreg.
As filter parameter, α = 0.01 was chosen based on a case study by Bahrampour [17].
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B.6 CFD Validation
B.6.1 Axial Inflow
The numerical data is validated against experimental data (5HP) at the rotor
inlet (ME02) and outlet (ME03). Especially at the rotor outlet, time-resolved
experimental data (HWA) is considered in addition to account for possible rotor
induced unsteadiness not visible in the steady CFD and measurement data.
At the rotor inlet (figure B.13), velocities are high and unsteadiness is small. Therefore, a reliable numerical prediction and little experimental uncertainties are expected, which is confirmed by a very good agreement between CFD and steady as
well as unsteady measurements.
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Figure B.13: Comparison between CFD, 5HP, and HWA at the rotor inlet in the stationary
frame (AX, ME02)

Only the experimentally determined radial angle γ (figure B.13c) is unrealistically
high near the casing. It would ideally be expected to be zero (as in the CFD), since
the flow should move parallel to the wall. This effect can be attributed to the casing
hole through which the probes enter the channel, which provides a small cavity for
the flow to enter, thus locally diverting the flow radially outward.
Agreement between CFD and measurement methods is expected to be inferior at
the rotor outlet (figure B.14), as unsteadiness is higher due to the upstream rotation
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and velocities are smaller, increasing measurement uncertainty, in particular for
the HWA probes. While CFD and 5HP are in good agreement in the upper half
of the channel, they do not match well in the lower half of the channel. This has
also been observed by Hilgert et al. [82], who attributed this to the impact of the
lower passage vortex. Furthermore, convergence problems for the steady CFD have
been detected in the lower channel half (Brötz [30]). These are probably caused by
unsteady phenomena originating in the rim seal cavity as well as flow separation on
the hub, with the former having also been detected in experimental research at the
institute (Filius [58]).
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Figure B.14: Comparison between CFD, 5HP, and HWA at the rotor exit in the stationary
frame (AX, ME03)

In terms of Mach number, the quantitative deviations between 5HP and HWA in
ME03 are higher than in ME02 (figure B.14a), but within the expected range of
measurement uncertainty (5HP 1.2 % and HWA 10.1 %). From a qualitative point of
view, the HWA data should be more accurate than the 5HP however, as the 5HP will
not capture any changes of the flow vector in time. Especially in the lower channel
half, deviations are high, confirming the presence of unsteadiness in this region.
Qualitative trends in the upper passage region are very similar however, especially
in flow angles, however maximum and minimum angular values are generally more
pronounced in the HWA data. This could be due to the large angular gradients in
this region that are not as well captured by the 5HP, as the probe head is significantly
larger (about factor 10) than the split-fiber probe diameter.
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The CFD data is further validated by the rotor profile pressure measurement (figure 5.4), showing good agreement between experimental and numerical results. For
the purpose of this work, in which the CFD is mainly used for qualitative interpretation of the near tip flow field, the numerical simulations are therefore considered
valid.
The statements made above for AX also apply for SWL/SWP, which is documented
in the subsequent appendix B.6.2.

B.6.2 Swirling Inflow
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Figure B.15: Comparison between CFD, 5HP, and HWA at the rotor inlet in the stationary
frame (SWL, ME02)
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Figure B.16: Comparison between CFD, 5HP, and HWA at the rotor exit in the stationary
frame (SWL, ME03)
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Figure B.17: Comparison between CFD, 5HP, and HWA at the rotor inlet in the stationary
frame (SWP, ME02)
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Figure B.18: Comparison between CFD, 5HP, and HWA at the rotor exit in the stationary
frame (SWP, ME03)
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C Appendix to Results
C.1 Effect of Swirl on Dissipation
Additional HWA results are presented in this section in the measurement plane
downstream of the rotor (ME03). When considering the total dissipation in ME03,
it was found that swirl reduces the dissipation, as represented by the area integral
of the dissipation function Φ, by −43 % (−37 % for SWP). Possibly, this could have
two reasons: (1) adding swirl reduces dissipation in the rotor altogether or (2) most
of the dissipation has already occurred further upstream. Most likely, reason (2)
is correct, since swirl is expected to increase mixing due to the higher turbulence,
which would increase dissipation, and also increase mixing between secondary flows
and mainstream, so that vortices are already more mixed out and weakened at the
rotor exit.
Looking at the local dissipation structure, the same three regions of elevated dissipation rates that have been identified for AX are again present for swirling inflow
(figure C.1d). For a detailed comparison, the peak dissipation rate D̂ found in
each region (figure C.1d) as well as the sum of the dissipation across each region
in relation to the total dissipation in the traverse plane Φ/Φ t ot al (figure C.1c) are
considered. For the region near the tip, with its main contributors TLV, SV, and casing
separation, a reduction in D̂ (−15 %) can be seen, while D̂ is only slightly reduced
in the other two regions. The amount of dissipation Φ/Φ t ot al in all three regions
reduces across the board, so that it can be concluded that the dissipation due to
the vortices reduces in relation to the background dissipation in the main stream.
Again, this would support the argument made above for reason (2). Interestingly,
differences in dissipation can be found between the two swirl clocking positions
SWL and SWP, with both D̂ and Φ/Φ t ot al being lower for SWP in the tip region, but
higher in the two other regions. This might hint at a slightly altered loss propagation
across the rotor, possibly due to the differences in stator ouflow between the two
swirl positions and therefore a different unsteady interaction between stator and
rotor1 .

1

Although the unsteady stator-rotor interaction is not addressed in the present study, such an
investigation would be possible in the future based on the gathered experimental data.
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Figure C.1: Size and strength of secondary flow structures (bounded by |ωsw | ≥ 300) downstream of the rotor (ME03, HWA data)
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C.2 Film Cooling
C.2.1 Local Quantities at Coolant Holes
Locally, BR and M R will vary for each coolant hole depending on the local main
gas velocity u g . To obtain u g , the local isentropic Mach number M aw,is in the rotor
relative frame is calculated based on the static pressure at each cooling hole which
is obtained from CFD for the uncooled case (Equation C.1). With known DR and
coolant massflow, the local BR and M R distribution can be plotted for each IR
(figure 8.3b).
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Figure C.2: Local coolant parameters at each cooling hole for axial (◦) and swirling inflow
(4) based on numerical results by Alaya [7].
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C.2.2 Circumferential Averages of Film Cooling Effectiveness
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Figure C.4: Circumferentially averaged film cooling effectiveness η̄ for different injection
ratios (PSP)
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Figure C.5: η̄ averaged along the pressure side rim for axial and swirling inflow (PSP)
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Figure C.6: η̄ averaged along the suction side rim for axial and swirling inflow (PSP)
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Figure C.7: η̄ averaged along the pressure side cavity for axial and swirling inflow (PSP)
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C.2.3 Influence of Coolant Injection on Vortex Size and Strength
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Figure C.9: Size and strength of secondary flow structures (bounded by |ωsw | ≥ 500) for
different coolant IR downstream of the rotor (ME03) for axial inflow (a, b) and
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(a) IR = 0.58 % (AX)

(b) IR = 0.70 % (AX)

(c) IR = 1.33 % (SWL)
Figure C.10: Casing pressure ∆c p = c p,cool ed − c p,uncool ed (Kulite) for AX and SWL with film
cooling iso contours ∆ηiso = 0.05 (PSP) and schematic depiction of change in
flow structure relative to the case without cooling
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combustor-turbine interface
corner vortex
casing vortex
dividing streamline
E3E core engine (efficiency, environment, economy) by Rolls-Royce
heat transfer coefficient
hub-side vorticity
hot-wire anemometry
light amplification by stimulated emission of radiation
local, as in (L)RTDF or (L)OTDF
leading edge
light-emitting diodes
lean premixed prevaporized
Large Scale Turbine Rig
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ME
MFD
NG
NGV
OCGT
OTDF
PC
p-tap
PIV
PS
PSF
PSP
PV
RANS
RBRV
RIDN
RQL
RTDF
RWC
SAC
SFC
SNR
SS
SW
SWL
SWP
TBC
T-cpl
TE
TET
TL
TLV
UHC
WV

measurement plane (German: Messebene)
mass flow redistribution
next generation
nozzle guide vane
open cycle gas turbine
overall temperature distribution (distortion) factor
pixel coordinate
pressure tap
particle image velocimetry
pressure side
point spread function
pressure sensitive paint
passage vortex
Reynolds-averaged Navier-Stokes
rim boundary layer rollup vortex
rear inner discharge nozzles
rich-burn – quick-quench – lean-burn
radial temperature distribution (distortion) factor
real-world coordinates
single annular combustor by Rolls-Royce
thrust-specific fuel consumption
signal-to-noise
suction side
swirl, swirler, swirling turbine inflow conditions
swirler-to-stator leading edge clocking
swirler-to-stator passage clocking
thermal barrier coating
thermocouple
trailing edge
turbine entry temperature
tip leakage
tip leakage vortex
unburned hydrocarbons
wall vortex
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Operators
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∆
f (x)
f (t)
fit(x, y)
arctan(α)
median(u)
ũ
u0
up
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ū
〈u〉
|u|
ṁ
q00
∂u
∂x
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approximately equal
scalar product
vector product
delta, difference between two scalar values
function of x
time-series
fitted function of x and y
application of the inverse tangent function to α
application of the median function to u
statistical median value of u
fluctuating component of u
periodic component of u
vector u
time-average of u
ensemble average of u
Euclidean norm of u
flow of a quantity m per unit of time, e.g. mass flow ṁ
flow of a quantity q per unit of area per unit of time, e.g. heat flux q00
partial derivative of u by x
nabla operator
sum from i = x to i = n
integral of the function f (x) between x 0 and x 1
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